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Pressure and Suction Surfaces
Redesign for High-Lift
Low-Pressure Turbhines

. P. Gonzallez Nowadays there is a big effort toward improving the low-pressure turbine efficiency even
e-mail: Paloma.gonzalez@itp.es to the extent of penalizing other relevant design parameters. LP turbine efficiency influ-
. ences SFC more than other modules in the engine. Most of the research has been oriented
. Ulizar to reduce profile losses, modifying the suction surface, the pressure surface, or the three-
- dimensional regions of the flow. To date, the pressure surface has received very little
R. Vazquez attention. The dependence of the profile losses on the behavior of both pressure and
‘ suction surfaces has been investigated for the case of a high-lift design that is represen-
ITF, Industria de Turbo Propulsores, tative of a modern civil engine LP turbine. The experimental work described in this paper
Madrid, Spain consists of two different sets of experiments: the first one concluded an improved pressure

surface definition, and the second set was oriented to achieve further improvement in
losses modifying the profile suction surface. Three profiles were designed and tested over

H. P7 Hodson a range of conditions. The first profile is a thin-solid design. This profile has a large
Whittle Laboratory, pressure side separation bubble extending from near the leading edge to midchord. The
Gambridge University, second profile is a hollow design with the same suction surface as the first one, but
. Cambridge, UK. avoiding pressure surface separation. The third one is also a hollow design with the same
g-mail: hph@eng.cam.ac.uk pressure surface as the second profile, but more aft loaded suction surface. The study is

part of a wider ongoing research program covering the effects of the different design
parameters on losses. The paper describes the experiments conducted in a low-speed
linear cascade facility. It gathers together steady and unsteady loss measurements by
wake traverse and surface pressure distributions for all the profiles. It is shown that thick
profiles generate only around 90 percent of the losses of a thin-solid profile with the same
suction surface. The results support the idea of an optimum axial position for the peak
Mach number. Caution is recommended, as profile aft loading would not be a completely
secure method for reducing lossefDOI: 10.1115/1.1452747

Introduction facturing complexity. Thin solid profiles are present in the current
The modem civil aero-engine LP turbines consist of severL turbines but former LP turbines using hollow aerofoils have

. 9 . - - decumulated around 100 million h of successful operation over
stages. As a result, besides the turbine efficiency which has a h{ﬂ last 30 yr.

influence in SFC, the weight an_d manu_facturlng costare also 'M"The current profile design establishes the position of the peak
portant parameters to be considered in the design process. h number around 60 percent of the suction surface length

weight of the LP turbine represents over 20 percent of the engi -3]. Some researdI?,8] suggest that, for higher lift applications,
weight, and the cost could b_e up to 15 percent_of the whple €Nifere is a chance of reducing profile losses by moving aft the peak
total cost. In order to optimize the LP turbine reducing both;5.h number.
weight and cost maintaining the efficiency level, the number of The first objective of this study is an attempt to define the
aerofoils has been reduced in recent years increasing lift coeffitferences between thin solid and thick hollow aerofoils discov-
cient, leading to the so-called “high-lift” profiles. This change ingring by which mechanisms and by how much the thickening of
design philosophy is supported by computational studies and gz profile influences the aerodynamic behavior of the aerofoil.
perimental evidencefl,2] and it has been introduced into theThe other important target is to give good quality experimental
latest LP turbines for civil applicatior{d-10). evidence to the fact that losses can be reduced aft loading the
Profile losses are greatly dependent on the development of Hgfile.
blade surface boundary layer. Due to the large aspect ratios existhis paper describes the experiments conducted in a low-speed
ing in LP turbines, the profile loss is by far the largest percenta@iiear cascade in order to reduce profile losses and to develop an
of the total loss, accounting for about 80 percent of the total loggproved profile for a LP turbine.
according td1]. Furthermore, reducing the 2-D losses to 90 per-
cent of their former value can raise the efficiency of the LP turbin€xperimental Setup
by approximately 0.5 percent. Therefore, it is important to be able
to predict such changes as accurately as possible in order to
trol the loss generated.
Nowadays, there are two dominant profile design options in u

c The experimental work was conducted in low-speed cascade
Whd tunnels in the Whittle Laboratory, University of Cambridge.
Figure 1 shows the test section for steady-state measurements and
. ; . . . . ; 1g. 2 shows the bar rig facility used for unsteady measurements.
in engines, either thin solid or thick hollow aerofoils. Hollow gl'he bars in the bar %ig facti)llity are driven by gvariable-speed

aerofoils are lighter, more efficient, more robust mechanically bH;C motor. The bar speed is continuously monitored during the
around 30 percent more expensive because of the increased m%’%’erimeﬁt

To achieve a realistic simulation of wake-blade interactions,

national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Lcﬁgli?veraI parameters must be correctly matdietil). The correct

siana, June 4-7, 2001. Manuscript received by the IGTI, October 16, 2000. Paﬁé"r‘emaﬂcs of the interaction is achieved by matching the velocity
No. 2001-GT-439. Review Chair: R. Natole. triangles using 50 percent stage reaction. The reduced frequency

Contributed by the International Gas Turbine Institute and presented at the In
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Static pressure tapping
at 25% and 50% axial
chord downstream

trailing edge

TAPPING
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inlet static pressure
tapping

Fig. 1 Test section of the low-speed steady-state cascade

Fig. 3 Location of the tapping over the surface

in the experiments is set to the value in the real turbine and the

diameter of the bars is adequate to simulate an upstream turjggnings were located in the same positions, but in the opposite
blade with a representative wake defect. Bars diameter of 2 M@jewall. The average values of inlet static pressure and inlet stag-
was used with a reduced frequency around the unity. nation pressure were determined using the values provided by the
The cascade consists of six aerofoifig. 1) with constant apove instrumentation. Static pressure tappings were also placed
section. Three highly loaded profiles were tested. Each has memidpitch behind each blade passage at 25 pel€gnand 50
same lift coefficien{~1). Profile F is a thin solid high-lift profile percentC,, downstream of the trailing edge plane.
following the current LP turbine design philosophy. Profile G IS one of the central two blades is instrumented with static pres-
the redesign of profile F; it is a thick profile representative of g,re tappings at midspan. Figure 3 shows their location over the
hollow blade. Profile G was designed by thickening profile F tgiq span section for profile F and profile G as the distribution is
the point that the pressure side bubble was suppressed. The pi@sy similar for profile G2. The tappings were placed closer to-
sure surface was not modified close to the leading edge and trgigther on the suction side near to the leading edge in order to
ing edge so as not to modify the overall behavior of the profilgjetect if a separation bubble is formed at positive incidence. Simi-
Both profile F and profile G have physically identical suctiofgyly, the tappings were placed closer together in the region of the

surfaces. separation bubble that was expected to form downstream of the

Profile G2 is a redesign of profile G by aft loading its suctiomnroat on the suction surface in order to locate the separation and
surface without modifying pressure surface. The axial position gdattachment points.

the peak Mach number was moved aft while back surface diffu- pgwnstream of the cascade, a four-hole Neptune probe was

sion remains essentially constant. _used to measure the exit flow field. The probe was operated in a
For the purpose of testing, profile G was created by addifgeq orientation with its axis parallel to predicted flow direction.
metal inserts to profile F to fill in the profile on the pressure sid&he |gcal mean flow angle, static pressure and stagnation pressure
Special attention was paid to the junction near to the leading edggre determined from the calibration of the probe. Integration of
so that the boundary layer was not tripped in this area. Profile Gfese local values was then carried out and a constant area mixing

is a new cascad@ew aerofoils and new endwalls calculation was used to provide the mixed-out values of the cas-
Instrumentation. The instrumentation is the same for botifade l0ss, exit flow angle and exit velocity. The traverse plane was
tunnels. located 25 percert,, downstream the trailing edge plane of the

The stagnation temperature at inlet to the cascade was mg@scade.
sured using a thermocouple that was placed in the upstream ple- . )
num. The inlet stagnation pressure was measured upstream ofd@sults and Discussion
leading edge of the blades. A Pitot probe was placed at midpitchprofiles F, G and G2 were tested over a range of chord based
33 percentC,, upstream of each blade passage. Static pressiygi Reynolds numbers from 0:8LCP to 3.2< 10° under steady-
state flow conditions at design incidence. Profile G and profile G2
were also tested under unsteady conditions. Free stream turbu-
lence was given by the characteristics of the tunnel, around 0.5
percent for all the experiments.

The unsteadiness was simulated using bars that were configured
in such a way that represented a rotor blade row and the cascade,
a stator blade row9,11]. Only one reduced frequency that was

Flow } . \ representative of the turbine used as reference was tested.
fﬁ’\_,/‘ﬁ N The experiments were separated in two different sets: the first
J/ \z;/”j ~—Cascade one was oriented to study the influence of the pressure surface
7 geometric definition(profile F versus profile §sand the second
Moving Bars one focused on the suction side configuratiprofile G versus
S profile G2.
The static pressure data are presented in terms of the normal-
Fig. 2 Test section of the low-speed unsteady setup ized velocity coefficient\//V,). The data are plotted against the
162 / Vol. 124, APRIL 2002 Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



-~ Re=1.0B5 s 2265 -+ =30
14 1t
3
——PROFILEF
o ——PROFILEG| &
2
g S
PROFILE G
"PROFILE F
0 %s 100 0 %s 100

Fig. 4 Isentropic surface velocity distributions for profiles F Fig. 5 Profiles F and G: isentropic surface velocity distribu-
and G at Re 4 tions at three Reynolds numbers

. . s ready reattached by the trailing edge. As the Reynolds number is
2? {Weatiiiggga;eyﬁg%ﬂg?Egeonftgaf}'ir;ﬁfa'rt ilr']stérrleesgevelopment increased, the reattachmer_n' of the suction side separation bubble
occurs further from the trailing edge and the losses are substan-
Profile F Versus Profile G. Both profiles were tested only tially lower. Figure 4 also shows that the laminar length of this
under steady-state flow conditions to study the influence of tiseparation bubble which appears as a plateau in the isentropic
pressure surface definition on the overall behavior of the cascadelocity distribution does not change very much between a Rey-
Figure 4 presents the isentropic surface velocity distributiom®lds number of 2.2 10° and 3x 10° and so stagnation pressure
for profile F and profile G plotted against the percentage of supss coefficients are almost constant.
face length at the design representative Reynolds numbey (ReThe only physical difference between profile F and profile G is
~2x10%). The experimental results show that both profiles fulfithe shape of the pressure surface as shown in Fig. 3. Therefore, if
the high lift design criterig2,3]; the leading portion of the suction there is any difference in the losses of the two profiles, it must be
surface has been carefully designed to avoid any possible sepaie to the pressure side behavior. It has already been noted that
tion and maximum Mach number is around 60 percent suction
surface length; the strong deceleration on the suction surface leads
to the formation of a laminar bubble. Transition occurs in th .,
separated flow region compelling the flow to reattach before tl £
trailing edge[5,12]. Figure 4 also shows that isentropic velocity.®
distributions over the suction surface are practically the same 1,©
both profile F and profile G; there is a small increase in velocitd=
for profile G due to the bigger blockage caused by the thickenir 8
of the profile on the pressure side. On the other hand, they ¢ § [ ® P/’Oﬁ/eF
completely different on the pressure surface as it was intende
Profile F presents a pressure side bubble extended from close¢p | © PfOIf/e G
the leading edge to around 60 percent of the axial chord Whig

there is no pressure surface separation in profile G. Trend lines are curve fits to the experimental data
Figure 5 presents isentropic surface velocity distributions f
both profile F and profile G at three chord-based exit Reynolt g 105)( Reynolds number 3.3

numbers. The distribution along the suction side has only be
plotted for one profile as both distributions are very similar.

The Reynolds number affects the evolution of the bounda
layer on the suction surface and in particular the characteristics
the suction side bubble. Increasing the Reynolds number redu
the length to transition and causes earlier reattachment of 1
separated shear layer. While the reattachment point varies its
cation, the separation point essentially remains constant. On -
pressure surface, it seems that there is no noticeable effect of
Reynolds number on the behavior of the separation bubble. In
cases, separation has occurred before the first measurement
and reattachment appears to take place as the free stream 1
begins to reaccelerate toward the trailing edge.

Figure 6 summarizes the loss data obtained for the two ce v
cades; the variation of the profile loss coefficieMbgs) with the 0 % Pitch 2
exit Reynolds number is shown together with its pitchwise varie ®)
tion downstream of the cascade atyRe

Both trend lines are almost parallel. As thg Reynolds numberl,t%_ 6 (a) Profiles F and G variation of stagnation profile loss
reduced, the stagnation pressure loss coefficients of both profi@gtficient with Reynolds number;  (b) profiles F and G stagna-
increase, as is usually the case. Figure 4 shows that at the lowst pressure loss coefficient profile downstream the cascade
Reynolds number tested the flow over the suction surface is at-Re,

(a)

Loss coefficient

Journal of Turbomachinery APRIL 2002, Vol. 124 | 163
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Fig. 7 Isentropic surface velocity distributions under steady
flow conditions for profiles G and G2 at Re  ,—(a) experimental
data, (b) numerical predictions comparison

A EXPERIMENT
— PREDICTION

0 %s 100

Fig. 8 Isentropic surface velocity distributions under steady
flow conditions for profile G at Re ;: prediction versus experi-
ments

ronment. The experiments were conducted in the bar rig facility;
profile G experiments under steady state inlet flow conditions
were redone due to the change of facility.

Figures 7, 8, 9, and 10 present the isentropic velocity distribu-
tions for profile G and profile G2 under steady and unsteady inlet
flow conditions at Rg. Experiments show that profile G2 fulfills
the design intents as peak Mach number has moved aft without
substantially modifying the diffusion of the profile. Figuréby
shows numerical predictions comparisf#l; based on the nu-
merical prediction, a bigger movement of the peak Mach number
was expected. Another difference between experiments and pre-
dictions is the size of the suction surface bubble; experiments
show that the separation occurs fairly at the same position of
surface length for both profiles, while predictions show a shift in
the beginning of the laminar bubble.

The behavior of the front part of the profile has not been modi-
fied and pressure surface characteristics also remain constant.

the suction side velocity distributions are subtly different as
result of the different geometric definition and pressure sid
blockage. However, Fig.(B) shows that this is not the main rea-
son for this. This plot shows how the stagnation pressure lo
varies with pitchwise distance at the design Reynolds number. T
wakes from the two central blades of the cascade are present
The pressure side of each wake is to the right. The plot clear
shows that there is a so-called “loss tail” on the pressure side ='
the wake extending into the free stream in the case of profile F. />
assessment of the losses in this region reveals that there are si
lar order to the differences in the loss coefficients of the tw
profiles. Figure ) shows that the stagnation pressure loss coe
ficients of profile G are approximately 90 percent of those c
profile F at a wide range of Re around they;REor the lowest Re,
this difference is reduced to 5 percent approximately. The ve
weak dependence on Reynolds number arises because, as Fi
shows, changing the Reynolds number does not significantly al
the characteristics of the pressure side separation bubble.

Profile G versus Profile G2. Profiles G and G2 were tested

—A—UNSTEADY

—— STEADY

0 100
%S

over the same Reynolds number range as profile F under steagly: 9 isentropic surface velocity distributions for profile G2
state flow conditions and over a similar Reynolds number rangeRre,,: steady versus unsteady (reduced frequency =1, ¢=~0.8)
under unsteady flow conditions to simulate the real turbine envireasurements

164 / Vol. 124, APRIL 2002

Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



——PROFILE G
——PROFILE G —o—PROFILE G2
—— PROFILE G2
%S
(@
——PROFILE G
—o—PROFILE G2
0 100 =
%S
Fig. 10 Isentropic surface velocity distributions under un-
steady flow conditions  (reduced frequency =1, ¢==0.8) for pro- 2‘“
file G and profile G2 at Re 4 > 4
Comparing numerical prediction and experimental dg&ig. 8), /]
it is shown that the profile is being tested at a certain positiv 100
incidence(around 7 deg The existing gaps in the facility to allow %s
the bars to pass in front of the cascade generate a positive ir (b)

dence. It has been verified that this incidence is the same for both

cascades. It can be avoided closing all gaps but this fact would fdg. 11 Details of suction surface isentropic velocity distribu-

let the bars go through during the unsteady experiments. tion for profile G and G2 at a low Reynolds number  (=10°%)—(a)
The effect of the unsteadiness can be seen in Fig. 9. The wnder steady, and (b) unsteady conditions

steadiness causes the reattachment to occur earlier as transition to

turbulent is also occurring earlier due to the incoming wakes.

Figure 10 shows a very little difference in suction side behavior Furth it R Id ber is | h. the f
between profile G and profile G2 for unsteady inlet flow cond osses. Furthermore, It Reynolds number Is low enough, the flow

tions at Rg. The difference in the position of the peak MacHS separated at the trailing edge generating much higher losses.

number is still there, but the suction surface bubble is essentially19ure 12b) shows the effect of the incoming wakes on the
equal for both profiles, not as in Fig(aj. stagnation loss coefficient for profile G2. The plot is also appli-

The behavior of the’ profiles at different Reynolds number fof;able to profile G. Profile losses are reduced when the profile is
lows the same trend both in steady and unsteady inlet flow cdfider the effect of wakes.

ditions and it has already been shown in Fig. 6 for steady-stateFigure 12c) shows the stagnation loss coefficient for profiles G

inlet flow conditions. The variation of the Reynolds number af@nd G2 under unsteady inlet flow conditions. This situation is the
fects the suction surface behavior although pressure surfacetRSest to the real turbine environment, although freestream tur-
only slightly affected. Figure 9 shows that unsteadiness is n ylence level is much lower than in the real turbine. Losses for

affecting the pressure surface characteristics noticeably altho Rfffh Profile G ar:jd profilehGZ frf\ave tf)eﬁn redlL(Jced frog steady-state
there is no pressure surface separation for profiles G and @easurements due to the effect of the wakes. Af, Reis very
jcult to establish which profile has higher losses. Profile G2

therefore, it is not accurate to say that unsteadiness does not a be th ith a bi | fici but th
pressure surface characteristics if there is any bubble. Figure SRFMS 0 be the worst one, with a bigger loss coefficient, but the
erence between both profiles is so small that it is smaller than

the

shows a detail of the isentropic surface velocity distributions f
measurements tolerances. At low Reynolds number, loss data

ﬁqrgtf:elle))%r? (T gr Zrt(é;”gyizngtui;?&?; )i/r?lgltdflsor\:vuzznoaa:jfi):i gr?sp TOXI= " are not coherent with the static pressure measurements; although
. he static pressure distributions over the surface are very similar

Figure 11a) shows that for profile G2 the flow seems not t ; ; o .
i : : r both profiles(Fig. 1Qb)), loss coefficient is higher for profile
reattach before the trailing edge. The shape of the isentropic %2 than for profile G. This result is still subject of study.

locity distribution changes: the peak Mach number moves forwal
and velocity ratio in the trailing edge is higher than 1. On the
other hand, Fig. 1b) shows the test data under unsteady flo .
conditions at the same Reynolds number. The flow is now re onclusions
tached for both profiles and there is no significant difference be-The suppression of the pressure surface separation by thicken-
tween both profiles. ing the profile reduces the profile losses by approximately 10 per-
Figures 12a), (b), and(c) summarize the loss data gys) for cent. The thickening of the profile leads us to “hollow” aerofoils
both profile G and profile G2. Figure (& shows the steady-stateand must be done carefully: the global behavior of the profile and
measurements as Fig(e@ does for profile F and profile G. The so the development of the suction surface boundary layer must not
trend of both distributions is very similar. Profile G2 has highebe affected by the pressure surface geometric definition.
losses than profile G as it was expected due to the characteristicBue to the large aspect ratios existing in LP turbines, the profile
of the suction surface velocity distributions under steady-staless is around 80 percent of the total loss. If profile loss is reduced
flow conditions. For profile G2, suction surface bubble is biggdry 10 percent, a 0.5-percent improvement in efficiency is
than in profile G and the flow reattaches later generating highachieved.
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IE STEADY unsteady experiments do not allow us to decide which profile has
uj o PROFILE G lower profile losses. Further studies involving more drastic
bl o . - . . . . .
Q A PROFILE G2 changes in suction surface velocity distributions are planned in
- order to clarify this effect.
w
8 AN Acknowledgments
% The authors would like to thank all of the staff at the Whittle
Q Laboratory for their help and ITP for its support to the project and
~ = the permission to publish this paper.
0,80 2,20 Nomenclature
Reynolds number (e+5) a; = inlet flow angle
(a) a, = outlet flow angle
- Cux = gixi_zil chord
P PROFILE G2 | = incidence
w x STEADY LP = low pressure
E o UNSTEADY Re = Reynolds no. based on true chord at exit conditions
w Re; = design Reynolds no. based on true chord at exit con-
w diti
o itons
O s = surface length
1) SFC = specific fuel consumption
= \% i
8 \Y, local velocit
~ V, = exit velocity
; ¢ = flow coefficient
0,80 2,20 Yp03 = (Ptotal inlet™ Ptotal mix-oual( Ptotal inlet™ Pstatic mix-ou)
Reynolds number (e+5,
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Computational Design and
Experimental Evaluation of Using
a Leading Edge Fillet on a Gas
Turbine Vane

G. A. Zess'
With the desire for increased power output for a gas turbine engine comes the continual
K. A. Thole push to achieve higher turbine inlet temperatures. Higher temperatures result in large
e-mail: thole@vt.edu thermal and mechanical stresses particularly along the nozzle guide vane. One critical
region along a vane is the leading edge-endwall juncture. Based on the assumption that
Mechanical Engineering Department, the approaching flow to this juncture is similar to a two-dimensional boundary layer,
Virginia Polytechnic Institute previous studies have shown that a horseshoe vortex forms. This vortex forms because of
and State University, a radial total pressure gradient from the approaching boundary layer. This paper docu-
Blacksburg, VA 24061 ments the computational design and experimental validation of a fillet placed at the
leading edge-endwall juncture of a guide vane to eliminate the horseshoe vortex. The fillet
design effectively accelerated the incoming boundary layer thereby mitigating the effect of
the total pressure gradient. To verify the CFD studies used to design the leading edge
fillet, flowfield measurements were performed in a large-scale, linear, vane cascade. The
flowfield measurements were performed with a laser Doppler velocimeter in four planes
orientated orthogonal to the vane. Good agreement between the CFD predictions and the
experimental measurements verified the effectiveness of the leading edge fillet at elimi-
nating the horseshoe vortex. The flow-field results showed that the turbulent kinetic energy
levels were significantly reduced in the endwall region because of the absence of the
unsteady horseshoe vortehfDOIl: 10.1115/1.146091j4

Introduction fold. The first objective is to determine whether placing a fillet in
Modern gas turbine engines are desianed to have products the endwall juncture region wiII_ redud@_r eliminatg the horsg-
9 9 Y pro §floe vortex and then to determine the impact of that reduction on
e development of the downstream passage vortex. The second

t t | ted for. the additional th '&Eective is to determine the feasibility of using CFD to design a
peratures aré not properly accounted for, the addiional thermgi,, by comparing computational predictions and experimental
load experienced by the vane significantly reduces the vane li easurements

The leading edge and endwall platforms of the vanes are areas
where the thermal loads are the highest for two reasons. First,
because the platform is affected by secondary flows it experiences
increased heat transfer coefficients. Second, the vortical flows in-
crease the transport of relatively hotter fluid from the mid-span . .
toward the endwall. Previous Studies
Previous studies have shown that regions on the platform hav-To create a method of horseshoe vortex reduction/elimination, it
ing the highest heat transfer coefficients correlate with regiogsfirst necessary to understand the reason for the formation of the
having the most intense vortex action. Langsfibthwas the first vortex. Kubendran et aJ4], Eckerle and Langstal5], Pierce and
to illustrate a secondary flow model for an approaching twashin[6], and Praisner et a[7] have all provided similar expla-
dimensional boundary layer along the endwall. This flow modelations. When an incoming boundary layer approaches a bluff
agrees well with the flow field that has been measured for the vainedy a total pressure gradient forms along the span dire¢tisn
used in our studyKang et al.[2], and Kang and Tholg3]). The dial direction in a turbingat the leading edge. The reason for this
secondary flows include a leading edge horseshoe vortex thgadient is because as the velocity decreases toward the wall a
splits into a suction side leg and a pressure side leg with th@ver total pressure occurs near the wall when considering the
pressure side leg becoming indistinguishable as it quickly mergstatic pressure to be constant normal to the \iglical boundary
with the passage vortex. It is not surprising then that the leadifgyer assumption As the flow stagnates, the total pressure profile
edge endwall juncture is where the highest heat transfer occthien becomes a static pressure gradient along the span. This span-
(Kang et al.[2]). wise pressure gradient causes the boundary layer fluid to be driven
The focus of the study reported in this paper is to evaluatetewards the endwall. As the flow turns back upstream, it rolls into
relatively simple modification that can be made to the leadirg vortex or a system of vortices that wrap around the body and
edge-endwall juncture with the specific goal of reducing thproceed well downstream.
horseshoe vortex. The specific objectives of this paper are two-There are few studies in the open literature reporting methods
to reduce or eliminate the horseshoe vortex with all of these stud-
present address is United Technologies-Pratt & Whitney, East Hartford, G&S using symmetric airfoils except for Sauer et 48] who stud-
06108; e-mail: zessga@pweh.com ied an asymmetric airfoifturbine blad@ Many of these past stud-

Contributed by the International Gas Turbine Institute and presented at the lmfé's were directed toward wing/bod intersections and submarine
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Loui- y

siana, June 4—7, 2001. Manuscript received by the IGTI, December 7, 2000. Pap@NNING tower applications. Table 1 summarizes past fillet studies
No. 2001-GT-404. Review Chair: R. A. Natole. along with their respective fillet geometries and sizes based on

perature of the first vane in the downstream turbine. If these te
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Table 1 Previous studies using fillets seen downstream of the airfoil formed off the symmetry plane.
The results did show that the vortex legs were much smaller and

Investigator Geometries | Fillet Length [Fillet Height] ST
ubendran and Harvey| curvedand | 0.145,0.285 0.145 clc_nser together |nd|cat|_ng a vyeaker vortex. Two bc_>undary layer
; > thicknesses were studied using the same fillet with the results
(8] linear fillets being surprisingly similar for both cases. These results indicate
ebendran, et al. curved and 3.78,7.43 378 that boundary layer thickness may not be the correct scaling pa-
[4] linear ﬁ]lets rameter.
Pierce, et al. [6] triangular /corner 0.785 2.338 Sauer et al[13] studied the effects of various sized leading
fillet, fence edge “bulbs.” The objective of the study was to intensify the
Sung and Lin [9] linear fillet 18,1.55,28 15,1.58 suction side branch of the horseshoe vortex and, through an inter-
Sung, et al. [10] linear fillet 2 18 action of the stronger suction side branch with the passage vortex,
Devenport, et al. [11] [strake (curved) | 4.355,8.375 | 1.985,3.815{ Weaken the passage vortex. While Sauer et al. did not make mea-
fillet surements inside the passage or at the leading edge, their detailed
Bernstein and Hamid [asymmetric fillef{  no data no data total pressure field measurements at the exit of the cascade indi-
[12] cated an interaction between the suction and passage vortices and
Saver et al. [13] bulb on a blade 176 1o data ultimately a 50 percent reduction in aerodynamic losses for their

best bulb design. They found that the best geometry was an asym-
metric bulb that had a pronounced suction side and a less ex-
tended pressure side. Sauer et al. also found that their CFD results
inlet boundary layer characteristics. Some of the results froayreed qualitatively to their measurements.
these studies will be highlighted in the next paragraphs. As can be seen in the above review, leading edge fillets are
Pierce et al[6] compared five different fillet geometries includ-promising for reducing the horseshoe vortex formed at the leading
ing two different sizes of circular corner fillets, an elliptical corneedge of a blunt body such as an airfoil. While there have been
fillet, an upstream flow fence, and a large leading edge triangusme detailed measurements at the exit of the airfoil passage in-
fillet. Their results showed that only the leading edge triangulalicating a change to the total pressure profile, there is currently no
fillet successfully reduced the leading edge vortex. Flow fielgxperimental data to verify the effectiveness of the fillet at the
measurements for this geometry not only indicated a reductionlinding edge of a turbine vane. In addition, there has not been any
the vortex, but also a reduction of the total turbulent kinetic ercomparison between experimental results and CFD predictions in
ergy by approximately 20 percent. this region.
Kubendran and Harve}8] studied three fillet geometries in-
cluding two fillets in which the height was linearly varying with
streamwise distance and one fillet in which the height was a poly-
nomial function(curved fille). They reported that all three geom- . . .
etries were effective at reducing the horseshoe vortex. The authggmpmat'onal and Experimental Methodologies
also performed the experiments with the airfoil at different angles The approach taken for this study encompassed both computa-
of attack reporting that at moderate angles of attack the fillets stibnal and experimental efforts to determine a fillet design that
reduced the overall drag. When a larger fillet was used at higheas effective in eliminating the leading edge horseshoe vortex.
angle of attack, the flow downstream of the wing was adverseljne computational effort involved simulating the flow field for
affected. These results led the authors to conclude that an opgveral fillet design&o be described in the next sectjand then
mum fillet size may be required to achieve an overall improvessessing the effectiveness of each at reducing the vortex. After a
ment in the flow when operating at an angle of attack. fillet design was obtained, which proved to be successful based on
Sung and Lin 9] performed a numerical investigation to deterthe computational results, a model of this geometry was con-
mine how the size of fillets, when placed on both the leading astfucted for testing in a large-scale, linear, turbine vane cascade.
trailing edges of the airfoil, affected its performance. Their resul&owfield measurements were made at several locations to deter-
indicated that a leading edge fillet needed to have a length longeine whether in fact the fillet was successful and how well the
than or equal to the height of the fillet to be effective. They regredictions compared to the experimental results.
soned that these proportions were required since the distance béfhe CFD efforts that guided the design of the leading-edge
tween the vortex core and the leading edge of the airfoil, in afilet were performed using the commercial software Fluent 5
sence of a fillet, was greater than the distance between the vorfté%]. The computations were made using an unstructured, tetrahe-
core and the endwall. dral mesh, and were second-order accurate. To insure grid insen-
Sung et al[10] performed similar computations in conjunctionsitivity, adaptions were made on velocity gradients. The insensi-
with experimental measurements on two separate airfoils with tteity was judged on flowfield features and the mass-averaged
same fairing geometry. The airfoils used were NACA 0020 anmtal pressure loss through the vane passage. The final grid size for
NACA 0012 airfoils, with the NACA 0020 having a more bluntthe filleted vane was 1.2 million cells. A RNG:kmodel with
leading edge and thus a stronger horseshoe vortex in the absemagequilibrium wall functions was used for the turbulence model.
of the fairing. The fillet geometry used was the most effective orehe close resemblance of the numerical simulations using the
studied by Sung and LifB], which was one boundary layer thick- RNG-ke turbulence model with nonequilibrium wall functions by
ness high and two boundary layer thicknesses long. From thefermanson and Tholgl6] and experimental measurements per-
results they inferred that one fillet geometry was effective in rédermed by Kang and Tholg8] on the same turbine vane geometry
ducing the horseshoe vortex for two very different airfoils. validated the use of these models for the fillet simulations. Each
Devenport et al[14] performed measurements to evaluate thease took approximately 96 h of computing timing time on four
effectiveness of a constant radius fillet around the entire airfgifocessors.
and found it to be ineffective for two different inlet boundary The computational domain consisted of one passage with the
layers thicknesses. In a later study, Devenport e{Hl] per- vane split at the dynamic stagnation point and the pressure and
formed measurements on the same airfoil using what they termmettion surfaces. All physical surfaces were modeled as no-slip
a strake(curved filley. Their results indicated that the leadingwalls while periodic conditions were applied along the remaining
edge separation associated with a horseshoe vortex was mesh surfaces. A velocity inlet boundary condition was placed
present. Velocity measurements, however, indicated that the addli?5C upstream of the vane stagnation and an outflow boundary
tion of the strake did not totally eliminate the formation of vorti-condition was placed 1& downstream of the vane trailing edge
ces in the juncture. The authors hypothesized that the vorticdisected along the exit flow angle of the vane. Since the turbine
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Fig. 1 Schematic of the stator vane cascade

Fig. 3 Boundary layer profiles measured upstream of vane

vane is symmetric about its midspan, a symmetry boundary con-
dition was applied at the midspan to minimize the size of thequal flowrates in both passages to within 1 percent. The inlet
domain. turbulence for this study was 0.6 percent. The incident velocity
The details of the recirculating wind tunnel and design of theas set to 5.85 m/s to match the inlet Reynolds number,(Re
stator vane test section used in this study have been documente2i3x 10°) of that of the engine under operating conditions at an
thoroughly in a number of previous studies including Kang et ahltitude of 9.1 km.
[2], Kang and Thold 3], and Radomsky and Thole.7,18. To Figure 2 shows the position of the flow field planes measured
better achieve detailed flow-field measurements, the stator vaaral the nomenclature used in this study. In each planeithe
was scaled up by a factor of nine. Figure 1 depicts the corner testd w components of the velocity were measured using a laser
section of the wind tunnel as well as a description of the vane. TE®ppler velocimeter, where these components were the local ve-
test section contained a central vane and two adjacent vane |dladities defined by the measurement planes. Note that these
ing edges. These leading edges were installed to ensure prapenes, except for the leading edge plane, were orthogonal to the
modeling of the passage and secondary flows within the cascada&ne surface. Orthogonal planes allowed the secondary flows to
Attached to the outside leading edge was an adjustable flexilble analyzed. The planes were defined by finding a tangent line on
wall. The flexible wall was adjusted so that the geometry of thiéie vane where the measurements were desired and creating a line
adjacent vane was matched. Downstream of where the adjaceatmal to the tangent.
vane ends, the flexible wall was adjusted so that the pressuréSince measurements were made on both the top and bottom
distribution on the central vane was matched to a twaendwalls, boundary layer measurements were characterized on
dimensional, inviscid, periodic CFD prediction for the vane at lowoth endwalls to ensure similarity of the incoming flow. Figure 3
speeds. shows the boundary layer measurements made one chord up-
The inlet flow quality to the cascade has been previously retream of the vane leading edge and Table 2 summarizes the
ported by Kang et al.2]. Particular care has been taken to insurboundary layer characteristics. The figure shows the results plot-
ted against the bottom boundary layer result of Kang g2dland
Spalding’s law(White [19]) where the constants are 5.0 and 0.41.
As can be seen, the top and bottom boundary layers exhibit the
same boundary layer characteristics and closely match those mea-
sured by Kang et a[.3] and Kang and TholE2]. Table 2 gives the
Plane | s/C boundary layer characteristics for the filleted and unfilleted ex-
SP 0 perimental results. This agreement to the previous results is im-
PSO | -0.05 portant since comparisons will be made to those unfilleted vane
PS1 | -0.16 results.
SS1 0.21 A two-component, back-scatter, fiber optic laser Doppler ve-
ss2 | 035 locimetry (LDV) system was used to measure the mean and tur-
bulent flow fields in the turbine vane passage. The LDV system
consisted of a 5W Coherent laser along with a TSI model 9201
Colorburst beam separator. A two-component laser probe, TSI
model 9832, was used to transmit the laser beams and receive the

§82 scattered light. A fiber optic cable carried the velocity data to a
TSI model IFA 755 Digital Burst Correlator where it was pro-
SS1 Table 2 Approaching boundary layer characteristics
-0.87] Rey = 2.3c05, with fillet | 2.5¢05 no fillet (Kang <t al. [2])

Top Bottom Top Bottom
899 (cm) 5.3 53 5 4.8

-12 L A L 5 (cm) | 0.89 1.06 1.06 0.92
0.8 0.4 0.0 0.4 0.8 1.2 6 (mm) 6.11 723 7.1 6.2

H 1.46 1.48 L5 1.48

X/p Re, 2874 3401 3340 2960

Fig. 2 Measurement and computational plane locations U ) o2 627 L AL
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Table 3 Uncertainty estimates Height]Length | Description
Value Uncertainty Estimates i i }Zproff:l}e
- - - - profile
Cp 4.7% for C, = -9.5 | 4.2% for C, = -22.7 JI 2 elliptical, symmetric
Vs 2.0% near wall i 1.5 2 elliptical, symmetric
Vn 24.1% near wall Suction 1 L5 c]]}pgcal, Symmetric
799 m Side 1 1.5 elliptical, asymmetrig
vz 9% near wa 1 2 elliptical, asymetric
urms 2.8% near wall 6.8% at midspan
vrms 3.7% near wall 4.8% at midspan > (lz)
wrms 1.3% near wall 2.9% at midspan >
cessed. The Find™ software by TSI corrected the velocity for bi: \
effects using residence time weighting. To map out the thre \ \\ \
dimensional flowfield within the measurement planes, each loc <
tion was measured twice with the two-component LDV. From A i &
statistical analysis, we determined that 10,000 samples wk \
needed for each component of the velocity. To allow optical a
cess to measure the u and v components of velocity, a glass cc N
was placed over the vane test section. Theomponent of the Stagnation Line ; \
velocity was measured through glass windows located on the s o
of the test section. Fillet Dividing Line >4
Uncertainty estimates were calculated on the methods descrit

by Moffat [20] with estimates of derived values being calculateu
using the sequential perturbat'.o.n method. A 95 per_cent conflderﬁ& 4 Schematic illustrating an unsuccessful profile fillet (a)
|nterv.allwas useq for'the precision uncertainty estimates. The WP the final fillet design  (b) that was experimentally tested
certainties are given in Table 3 for each of the values reported In
this paper.

For the remaining filletgadjacent vangssilicon molds of the
Fillet Design and Fabrication two LOM fillets were made. The silicon molds were made by

Nine different fillets were simulated computationally prior t(P Iigjlenl?na fc'lllaet ITJﬁrggﬁgeliﬁgéna\?vigovcﬂlrg% I:)?/l;rﬂlﬁgllfxt Vc\)’gg d
experimentally testing a final fillet design. The CFD results frogl of tﬁe fillﬁt to form hyalf the mold Kfter the first half ofpthe
each of the fillets were assessed in terms of the effectiveness e %H ’

had on the reduction of the horseshoe vortex as compared to 'fﬂ%d cured, which required approximately 24 h, the clay was

baseline CFD simulations for the unfilleted vane. The design g?moved from the fillst. To allow air to be removed from the

the fillet was first guided by the criteria set by Sung and[19hin Cavity of the silicon mold, a gating system was made by attaching

i h h ._straws to selected points of the fillet prior to pouring the second
which the length of the fillet be greater than the height. A rewe?
of the literature on various fillet geometries for symmetric airfoil alf of the mold. When the second half of the mold cured, the

suggested that the fillet be at least one boundary layer thicknes faws and fillet were removed and the mold was ready for use. A
height. Figure 4 presents the characteristics of the seven fil Io-part polyurethane was poured into the mold cavity to form the
I

) ' . ets. When the polyurethane cured, the new fillet was removed
designs computationally simulatédess and Thol¢21]). .
The initial fillet design was based on a 1/7th power law profil rom the mold and the gating system had to be broken off from the

similar to the velocity profile for a turbulent boundary layer. Thi lllet. Because of the location of the adjacent vanes in the corner

) } : t section, the four extra fillets had to be cut nearly in half to fit
profile represents the shape of the fillet approaching the stagna R ’ o . . ; .
plane, as illustrated in Fig.(4). This design indicated no reo|uc_|§the correct positions. The fillets were then installed in the wind

tion in the horseshoe vortex. Since a 1/4 power law profile aljannel by placing a small amount of silicon adhesive between the

resulted in no reduction of the horseshoe vortex, the power | et and the endwall and the fillet and the vane.
profile fillets were abandoned. Instead, a symmetric fillet abo . .

the stagnation line was designed to have a linear slope approa%[t}fper'memal and Computational Results

ing the stagnation. After multiple trials, a filletslhigh and 2 The effectiveness of the fillet was determined through flow field
long was found to be effective at eliminating the horseshoe vortaxeasurements and predictions at various flow planes along the
Further analysis of the flow around the fillet indicated that thairfoil. These planes were normal to the airf@ilith the exception
flow was separating off the suction side of the fillet, producing yetf the leading edge plahend allowed the secondary flow field
another vortex. To eliminate the separation off the suction side wélocities to be clearly seen. Throughout this section of the paper,
the fillet, the geometry of only the suction side was modified tcomparisons will be made between the flow field measurements
eliminate the separation. The final fillet design was asymmetndth and without the fillet(previously made for this airfoil and
having dimensions 4 high and 2 long. The final fillet design is reported by Kang et al[2] and Kang and Thol¢3]) and the
illustrated in Fig. 4b). computational results for the filleted vane.

The asymmetric fillet design was then constructed and placedThe primary interest of this study was to discern any augmen-
within the low-speed wind tunnel for experimental verificationtations to the vortical patterns convecting through the turbine vane
Laminated Object Manufacturing OM) facilities at the Milwau- passage. To this purpose the flow planes were placed orthogonal
kee School of Engineering Rapid Prototyping Laboratory wete the vane with the velocity components being measured in this
used to create two mirror imaged fillelor the top and bottom plane as was illustrated in Fig. 2. The velocity vectors of these
endwallg. These fillets were installed at the leading edge of theortices, which will be referred to as the secondary flow vectors,
central vane on both the top and bottom endwalls as well as on tliere determined by transforming the measured local velodities
adjacent airfoil{top and bottom endwalls alsto ensure periodic v, andw in Fig. 2) into the mean flow direction based on that
flow in both passages of the test section. occurring at the midspatVs, V,,, andV,). For this transforma-
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: g results indicated no alteration to the static pressure along the air-
[ N T E N foil in adding the fillet in the leading edge region.
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Fig.5 Comparison of measured and computed static pressure

s/C

distributions for the filleted and unfilleted vane

The Leading Edge Plane(Plane SB. Figures 6a)—(c) de-
picts the measured velocity vectors, normalized .y, for the
filleted and unfilleted vanes and the CFD predictions for the fil-
leted vane, respectively. As can be seen, the addition of the fillet
eliminated the vortex seen in this plane. As the flow approaches
the vane, it does not separate from the endwall, but rather it ac-

tion, the inviscid turning angle was calculated based on the m
sured velocities at the vane midspan with the relations betwe
the secondary velocities and the midspan velocities given in tl
nomenclature of this paper. The secondary flow vectors are plot
using the components normal to the inviscid mean flow directi Eﬂ

lerates up the fillet. Note that the line in Figbgindicates the
E@aﬁon of the fillet on the filleted vane. This line indicates that

(V,,,V,). In addition to the transformed velocities, contours of th
secondary kinetic energy and turbulent kinetic energy are al
pr%srieorltetg. measuring the flowfield, a comparison of the statit r the filleted and unfilletedqHermanson and Tholgl6]) vanes.
pressure distribution at 40 percent of the span was made betw

the fillet and unfilleted geometry. Figure 5 shows a comparison f

the vane with and without a fillet compared with the low speed,
inviscid prediction for the unfilleted van@ote that the CFD pre-

gns indicate good agreement.

core of the horseshoe vortex lies within the space that the fillet

ompasses. A small downward flow along the vane surface and
p of the fillet indicates that the flow is turning down the sides of
e fillet. A comparison between the measurements and predic-

Figures Ta) and (b) present computed total pressure contours

was described previously for no fillet, there is a gradient of
tal pressure approaching the vane stagnation that drives the fluid
own towards the endwall. By accelerating the flow, which hap-
pens in the case of the filleted vane, the downward force of the

diction for the filleted geometry gave the same resull$iese

pressure gradient is overcome by the acceleration resulting in no
horseshoe vortex formation. The total pressure profile for the fil-

leted vane indicates no curling up of the contours. The contours
are climbing up the fillet indicating that the flow is accelerating.

0.25 Figures 8a) and (b) present the measured secondary kinetic
(@) —> Uy, =1 energy contours in plane SP for the filleted and unfilleted vane.
0201 These secondary kinetic energy levels are a measure of the energy
level of the secondary flows. As can be seen for this plane, the
55 Igvels have been redgceq by an order of magnitude due to the
’ fillet. The secondary kinetic energy level contours along the fillet
8 are a result of the flow being turned upward. Along the vane, in
0.107 both the filleted and unfilleted cases, the secondary kinetic energy
levels are due to the flow splitting at the stagnation location.
0.057 > The most dramatic effects of the fillet are depicted in Figa) 9
— and (b), which present the normalized turbulent kinetic energy
= : levels for both the filleted and unfilleted geometries. There was no
025 -020 -0.15 -0.10 -005 0 20.15 -0.10 -0.05
025 — «/C
(c) —— 0.25
02 = @ s
— 0.20
0.15 — (b)
= 0.15 0.015 0.15
28 Sevwvn : ‘ ’ SKE
0.1 — 2 02
s 0.10 0.10
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Fig. 6 Measured velocity vectors in plane SP for the

filleted, (b) unfilleted vane and (c) computed velocity vectors

for the filleted vane
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Fig. 8 Contours of measured secondary kinetic energy for
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Fig. 9 Contours of measured secondary kinetic energy for (a)  -1.00e-01 "'ﬁ;’ S : N
filleted and (b) unfilleted vane < NS ) NN
-2.00e-01 Passage 2 AN
B vortex
. -3.00e-01 \
-4.00e-01 3
indication of a vortex within the plane for the filleted case and th| 8 -s.00e-01 D
resulting contours were similar to a turbulent boundary layer. Tt wiU .
peak in turbulent kinetic energy levels decreased for the fillete L Particles released from 0 - 13% span, x/C = -0.34

vane by nearly 80 percent. The results presented in this paj gy 50001 -
clearly show that by eliminating the horseshoe vortex the turb 5!;4‘0“_01 S
lent kinetic energy levels at all locations in the endwall region ai
reduced. This is important because the turbulent kinetic energy ~ *°°°"
a large contributor to aerodynamic losses in an airfoil passa  ;ge.01
(Gregory-Smith et al[22]). Results previously reported by Ra-
domsky and Thol¢18]) have indicated that a large contributor tg j
the high turbulent kinetic energy levels in the vortex regions aj _ oooesoo .
actually due to a vortex unsteadiness. The lower turbulent kine € % 4
energy levels for the filleted vane as compared with the unfilletd ™" i
vane indicate that the vortex is no longer present. Comparisons|  -zoce-o1 " N Ve
turbulent kinetic energy between the CFD predictions and me Passagovortex MR N
. . : . . - -3.00e-01 W
surements did not indicate good agreement, which is to be ei /' “"?)ﬁ

1.00e-01

N I
NoRe ‘

pected given that it is believed that the vortex is highly unsteac| & -4ooe-01
Predicted streamlines for the filleted and unfilleted vanes g

given in Figs. 10a) and(b). The streamlines were released from

location that was 0—13 percent span and are colored by the nor-

malized spanwiséw) component of velocity. Note that the posi- Fig. 10 Streamlines of a (a) filleted and (b) unfilleted vane

tion relative to the vane stagnation in the streamwise direction is

slightly further upstream for the filleted vane/C=—0.34) as

compared with the unfilleted vane/C=—0.17). It is evident tex and closely resemble a turbulent boundary layer. The magni-

that there is still a passage vortex that forms along the presstuide of the peak turbulent kinetic energy has remained relatively

side of the filleted vane, but the leading edge vortex does not seeamstant from the plane SP to PSO0.

to be present. Figure 18 also shows strong downward velocities Moving farther down the pressure side of the vane to plane

along the suction side of the fillet. In contrasting Fig(a)Othe PS1, the measured secondary velocity vectors indicate a full pas-

filleted vang with Fig. 10b) (the unfilleted vang Fig. 1ab) sage vortex for the unfilleted variEig. 12b)), while the filleted

clearly indicates a leading edge vortex with a stronger developingne shows the start of a passage vottégs. 12a) and(c)). The

passage vortex. secondary velocity vectors for the filleted vane show that the vor-

. . tex has not yet made a complete revolution within the measure-
Pressure Side Plane¢PSO and PS].  To verify the effect of \\on¢ plane and the flow away from the endwall is relatively weak.

the fillet on the development of the passage vortex, two dowpo, the unfilleted vane, the vortex does make a complete revolu-
stream planes were compared. Plane PSO was not measured it and the flow away from the endwall is much stronger. The

unfilleted study of Kang and Tholgs] so the results of the ex- CFD results for the filleted vane shown in Fig.(&éRindicates
periment(Fig. 11(a)) will be compared to CFD results for both the v 5 glight flow away from the endwall, as di?j the experiment.
flllete_d (Fig. 11(b)) and unflll_eted(Flgure 1¥) cases. In compar- The normalized turbulent kinetic energy levels for plane PS1
ing Fo'lgs- ;150 3nd(té), ‘hereo'ls gof?d agreement bﬁt""eef;]thehme%'re shown in Figs. 18) and (¢) for the filleted and unfilleted
sured and predicted secondary flows. Figurecilshows that the o erimental results. The contours from the unfilleted experiment

passage vortex is definitely present in the CFD results for 1@ 4 well-defined vortex core while the filleted results show

Pressure side leg of
horseshoe vortex Suction side leg of

-5.00e-01 horseshoe vortex

- N . velocity, which is in contrast to the unfilleted vane where the
ever, show that for the filleted vane there is a much differepd o<t fluctuations occur in the-component of the velocity.
pattern. Because of the cross-passage pressure gradient, flow @éﬁbe fluctuations in the-componen{component normal to the

travels 3'0”9.”‘9 endwall f.rom the pressure Side of the passagefywal) indicate that for the unfilleted vane the unsteady vortex
the suction side. For the filleted vane there is no upward turning bouncing to and from the wall.

away from the endwall at this location indicating the disappear-
ance of the pressure side leg of the horseshoe vortex at this locaSuction Side Plane(Plane SS1 and SS2 Measurements
tion. were performed along the suction side of the vane in Plane SS1.
Figure 11d) shows the normalized turbulent kinetic energyrigures 18a)—(e) show the secondary velocity vectors for the
measured in plane PS0. The contours give no indication of a vaxperiments with and without the fillet for both measurements and
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Fig. 11 Comparisons of secondary velocities in Plane PSO for the (a) measured, and (b) computed filleted vane, and (c¢) com-
puted unfilleted vane. Also shown are the measured turbulent kinetic energy levels for PSO (d).

CFD predictions. Focusing on the region closest to the suctionFigures 18b) and(d) depict the turbulent kinetic energy for the
side-endwall corner, it can be seen that the secondary flows in tfilketed and unfilleted vanes. For the unfilleted vane the vortex
region for the filleted and unfilleted experiments are slightly difstructures can be seen by the regions of highest fluctuations coin-
ferent. The vortex in the corner region of the unfilleted véfig. ciding with the vortex core of the suction side leg of the horseshoe
13(d)) definitely shows an upward turn whereas in the measuredrtex. For the filleted vane, the magnitude of the fluctuations in
and computed results for the filleted vafieigs. 13a) and (c)) the suction side corner region was decreased by a factor of three.
there was only a downward velocity as the flow traveled down th this location, the passage vortex from the neighboring filleted
suction side of the fillet. Another difference between the filletedane has also progressed further downstream. Although the nor-
and unfilleted experimental results is the stronger crossflow asseal plane SS1 gives a skewed view of the neighboring vortex
ciated with the passage vortex in the unfilleted case. This strongsince it is not normal to the neighboring vani can clearly be
crossflow is consistent with the observations of plane PS1 wheyeen that even at this location, the turbulent kinetic energy levels
the crossflow component of the passage vortex was smaller in #ire still lower for the filleted vane as compared to the unfilleted
filleted case. vane.

Further downstream at plane SS2, the computed secondary
flows are presented in Figs. ®4—(b) for the filleted and unfil-
leted vanes. While a suction side vortex is present for both cases,

PS P,
(3)0'25 . N itis mu_c_h weaker for_the filleted vane than for the unfillt_eted vane.
S NN e In addition, the location of the passage vortex has shifted some-
’ NN e ey t ) what away from_ t_he endwall for_ the flllfeted vane. The predlct_ed
T R I N N S O N N streamwise vorticity levels at this location are presented in Figs.
. NN TIT Ty avan 14(c)—(d) for both vanes. These levels indicate reduced levels in
us NN NNRE RN both the passage and suction corner vortices for the filleted vane
Rl NN \ Q v L] oo AN as compared to the unfilleted vane.
NN :r;:;;\\\\*l\\‘
0.05 :‘::':;\\\}\\'k\‘% d\g\\‘{'\';$\§\\})
SEEZ22L J 1 S NS Conclusions
029 025 020 oI5 ol 005 0 Computational and experimental studies were performed on
() Siiiiiiing y/P methods for reducing and/or eliminating the horseshoe vortex that
0.20 i forms at the I.eading edge of a gas turbine stator yane._A number of
i M CFD simulations were made to design an effective fillet that re-
0.15 i “;l —_— sulted in a geometry that was one boundary layer thickness in
s it i t Uy, =1 height and two boundary layer thicknesses in lengttotruding
0.10 4 \§§}‘r upstream of the vaneAfter the effective fillet geometry was de-
%%\ signed, flow field measurements were made to verify its perfor-
i} mance in a test section with a large-scale, linear vane cascade.
The flowfield results for a plane parallel to the inlet flow direc-
0 : T ps  tionand located at the leading edge verified that the vortex was no
0.1 2 U2 longer present. The incoming boundary layer was accelerated as it
@) [Vinket (@) inte traveled up the fillet surface resulting in no leading edge vortex
0.10 ] 006 0.09 formation. Near the top of the fillet, the flow did turn down the

it decreased by nearly an order of magnitude over the levels mea-
sured without the fillet. The turbulent kinetic energy levels signifi-
u T w T v T cantly decreased indicating that the fillet reduced the unsteadiness
025 020 0I5 010 005 0025 020 015 08I0 005 0 gggpciated with the leading edge horseshoe vortex.
vP y® The results of the flow field measurements on the pressure side
Fig. 12 Secondary velocity vectors measured for the (a) fil- of the Vane’.Ju.St d_ownstream of the stagnation region, also_ indi-
leted, and (b) unfilleted vane compared with the  (c) predicted cated the elimination of the horseshoe vortex and a delay in the

28 —0.005 fillet sides, but the secondary kinetic energy levels associated with

for filleted vane in PS1. Contours of measured turbulent kinetic development of the passage vortex. The turbulent kinetic energy
energy levels in Plane PS1 for the  (d) filleted, and (e) unfilleted levels appeared to be more consistent with wall-generated turbu-
vane. lence. Farther down the pressure side of the vane, the pitch and
Journal of Turbomachinery APRIL 2002, Vol. 124 | 173
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Fig. 13 Secondary velocity vectors in plane SS1 for measurements of the (a) filleted vane and computations of the  (c) filleted
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span flows associated with the passage vortex were detected Aoknowledgments

were reduced with the addition of the fillet. This is in contrast to . .
the unfilleted vane where the passage vortex was fully develop The authors WO.Uld like to acknowledge_ Pratt & V\_lhltney for
eir support of this work with Fred Soechting and William Kva-

making a compl_ete rotation ”.‘“C.h earlier in the passage. The Sak serving as the contract monitors. The authors would also like
sults presented in this paper indicate that the leading edge horoe'acknowledge the University of Wisconsin where G. A. Zess
shoe vortex can be eliminated. The results of this study havgm leted his MS degree T
shown significant reductions in the turbulent kinetic energy levels P gree.
and in the streamwise vorticity levels both of which are large

contributors to aerodynamic losses in a turbine vane passage.Nomenclature

C = true chord of stator vane
Cp = static pressure coefficientp ¢ piniet)/ (Po— Piniet)
—_—— H = shape factorg*/6
UlU,,, = k = turbulent kinetic energy, % 1/2( et Vanet W

g
e

RN p = local static pressure
ph iz Pinet = inlet static pressure
: §§§\§ 2z P, = total inlet pressure
s [EEEE: :\:\EE : P = vane p!tch
s ’ ::{ ~\§§\E ;9;7 AP = rlormallzed total pressure,A((Po ms— Po)/(Po,ms
0104 T53% §\\\\,\ 3 Pinte)) _
AN x Re, = Reynolds no. defined as Re CUj et/ v
SRS : N\ s = surface distance along vane measured from
0057 Lj, S stagnation
E S = span of vane
02f R TE T — SKE = secondary kinetic energy,
() | T (VA+V2)/(1S) [ Ufedz
0207 u, = shear velocity,/7,/p
[\F ut = velocity in inner coordinatesy/u
0157 u,v,w = mean local velocity in local coordinate system
zs -10 U,V,W = mean velocity inX, Y, Z directions
0.10 Uinet = incident upstream velocity
Vs = streamwise velocity component,
0057 /\ U COSYinst v SIN s
L V, = secondary velocity in pitch direction; u sinW,,q
] T T T T T T T T +v Cosqus
0 005 0.10 /:.15 020 025 0 005 0.10 /PO.IS 0.20 025 V, = secondary velocity normal direction
Y g X, Y, z = local coordinates defined at measurement location
Fig. 14 Comparison of computed secondary flows (a,b) and X, Y, Z = global coordinates defined from stagnation
vorticity  (c,d) in plane SS2 for the filleted (a,c) and unfilleted location
(b,d) vane 899 = boundary layer thickness
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= displacement thickness
= momentum thickness
= density
streamwise vorticity(), cos(',) + Q. sin(¥',)
= x andy vorticity components
= wall shear stress
v = Viscosity
W s = inviscid mid-span turning angle, tah(Vms/Ume

Q,,

; ‘<bmbb N} Qg
Il

Subscripts
in = inlet
ms = midspan values
rms = root mean square

Superscripts
+ = normalization using inner scaling coordinates
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Midspan Flow-Field
Measurements for Two Transonic
Linear Turbine Cascades at

o e.muin | Off-Design Conditions

S. A. Siolander The paper presents detailed midspan experimental results from two transonic linear tur-
e-mail: ssjoland@mae.carleton.ca bine cascades. The blades for the two cascades were designed for the same service and
differ mainly in their leading-edge geometries. One of the goals of the study was to
Department of Mechanical and investigate the influence of the leading-edge metal angle on the sensitivity of the blade to
Aerospace Engineering, positive off-design incidence. Measurements were made for incidence value0df,
Carleton University, 0.0, +4.5, +10.0, and+14.5 deg relative to design incidence. The exit Mach numbers
Ottawa, Ontario, K16 5B6, Canada varied roughly from 0.5 to 1.2 and the Reynolds numbers from abatitCd to 1¢°. The
measurements include the midspan losses, blade loadings and base pressures. In addition,
S. H. Moustapha the axial-velocity-density ratio (AVDR) was extracted for each operating point. The AVDR
Pratt & Whitney Canada Inc., was found to vary from about 0.98 at10.0 deg of incidence to about 1.27-a14.5 deg.
Longueuil, Quebec, Canada Thus, the data set also provides some evidence of the influence AVDR on axial turbine

blade performance. Detailed experimental results for turbine blade performance at off-
design incidence are very scarce in the open literature, particularly for transonic condi-
tions. Among other things, the present results are intended to expand the database avail-
able in the open literature. To this end, the key aerodynamic results are presented in
tabular form, along with the detailed geometry of the cascades. The results could be used
in the development of new or improved correlations for use in the early stages of design.
They could also be used to evaluate the ability of current CFD codes to capture reliably
the variation in losses and other aerodynamic quantities with variations in blade
incidence.[DOI: 10.1115/1.1458576

Introduction ability of existing CFD codes to capture reliably the variation in
ggses and other aerodynamic parameters with variation in blade

. . . . |
The aerodynamic design of turbine blades is one of the areds. | ce as a result of changes in blade designs.

where improvements in blade performance over the range of op- ; ; .
h " Lo . - A number of low-speed experimental studies have been carried
erating conditions may lead to gains in turbine efficiency. The

Qut to investigate the effect of incidence on the performance of

improvements in blade performance are measured in terms of je- . - ;
P P {irbine cascadesl—3]. Profile and secondary losses correlations

duction in blade losses. Thus, the goals of the blade designer ﬁé%e been developed and improved over the years to include the
to produce blade shapes that have low losses at the design fl P P y

0 . -
conditions and also to extend the envelope of the blade minimlirr'n\(,:l’uge(.j |n0|g_enc§ ar_ldrllea;jln_lghedgf(fe geo][net_ryl an? to re(glect recent
losses to a wide range of blade operating conditions. These vajys oo N turbine desigf - | he effect of axial velocity density
. i - . . L {3fio (AVDR) has been investigated experimentally at low speed
ing operating conditions include changes in operating Mach nu

LY TE,Z] and computationally at high spe¢dl]. The effects of com-
ber, blade incidence, and blade Reynolds number. Eressibility on both profile and secondary losses, and the flow

Over the past decades, investigations in linear tur_bine cascal ﬁ?sics more generally, have also investigated by a number of
have led to the development of a number of correlations for bla %searchergg—lz] '

losses and outlet flow angles. These correlations are intended to

used at an earlv stage of the desian to account for the effects Il of the above investigations have resulted in a better under-
Y stagt 9 P nding of the flow field in turbine passages. However, there is
some of the geometric and flow parameters on the aerodynal

. ) ; ; fil a lack of data on the performance of turbine blades of small
performance of the blade design under consideration. Using ect ratiq0.6 to 1.0 and high turning100 to 130 degoper-
correlations, an initial machine geometry can be obtained a ng at varyihg inci'denceéup to =30 deg relative to design
some optimization can be performed. Unfortunately, the existiqgansonic Mach number®.8 to 1.4 and down to very low Rey-
correlations are largely limited to subsonic flow conditions. Alsq10 ds numbergas low as 50,000

transonic Mach number data is scarce in the open literature ancpy,q present work is part, of a collaborative project between
the majority of the data are limited to the design incidence flow, o ¢ \Whitney Canada and Carleton University to address this
conditions. Hence, more data are needed in the transonic Magly ot gata. The ultimate objective is to develop improved design
number range, and in particular at off-design incidence. Thefges for small, low cost and efficient turbines. Krieger ef 28]
data will help in the understanding of the flow physics and augsgie 4 realistic turbine stage in a cold flow rotating rig at various
ment the data base available in the open literature so that iBtessure ratios, speeds and Reynolds numbers. Jouini [d#l.
proved loss and exit flow correlations at design and off-desigasieq the mean section of the same turbine blade in a linear cas-
incidence may be devised. They could also be used to evaluate thge in the Carleton University High Speed Wind Tunnel for vari-
ous values of incidence angle and exit Mach number. This is the

Contributed by the International Gas Turbine Institute and presented at the Intsﬁse”ne cascad(elesignated HSl)O\WhiCh was tested. A second
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Loui- dedesi d ith dified leadi d desi
siana, June 4—7, 2001. Manuscript received by the IGTI, December 14, 2000. Pdp@sCa gdesignated HS1Bwith a modified leading edge design

No. 2001-GT-493. Review Chair: R. A. Natole. was also tested. The modified geometry was designed by Pratt &

176 / Vol. 124, APRIL 2002 Copyright © 2002 by ASME Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Whitney Canada, and was intended to investigate one poSSite Ejsctor Difiuserk
approach to reducing the sensitivity of the blade to oﬁ-desig’“’“"’”y
incidence. For completeness, some of the results from Jouini et
[14] for HS1A are repeated here, along with the new results fi
HS1B. Together, these results expand the data base availablt
the open literature for transonic turbine aerodynamics at both ¢
sign and off-design conditions. All of the key aerodynamic resul
are presented in tabular form, along with the detailed geometry
the cascades.

—) : Alr Flow Direction

a 5  10inches (254 mm)

Transition Wails SCALE
Transition Section

3 Hole
Probe

Extension
Arm:

Transverse
Traversing Gear

Experimental Apparatus and Procedures

High-Speed Wind Tunnel. All measurements were obtainedrest-ssction
using the Carleton University High Speed Wind Tunnel shown ¥ "%
Fig. 1[15]. The wind tunnel is of the blow-down type and is uset
mainly for transonic turbine cascade research. The wind tunr
exhausts to the laboratory. It is equipped with an ejector-diffus
system to allow the cascade outlet pressure to be controlled in
pendently of the blowing pressure. However, the ejector diffus
system was not used in the present measurements. Typical W«
tunnel runtimes range from 15 to 30 s, depending on the blowing
pressure and the Mach number level, and up to four runs per hour
are possible. Typical blowing pressures are 2 to 3 bars and cas-

cade exit Mach numbers as high as 1.5 can be achieved. The ) o o
turbulence intensity in the test section is about 4 perfeéf A

more detailed description of the wind tunnel is given in Jeffries
[17].

Cascade Test Section and Test CascadeA schematic dia-
gram of the cascade test section is shown in Fig. 2. The test
cascade is mounted on a turntable which allows variations in in-
cidence of about-20 deg. The blade span is fixed at 61 mm. The
geometry of the cascades used in this investigation is summarized
in Figs. 3 and 4 and Tables(@ and (b). The baseline blade
geometry, designated by HS1A, represents the midspan section of
a high pressure turbine from a Pratt & Whitney Canada engine of
recent design. The design incidence for HS1A blade 4s5 deg.

The second blade, designated by HS1B, represents a derivative of
the HS1A blade and it differs mainly in the leading edge geom-
etry. The design incidence for the HS1B blade-i$5.0 deg. Both
HS1A and HS1B blades were designed for the same service and
as shown from Fig. 3, except for the differences in the leading
edge metal angle, both blades have the same geometric param-
eters. Each cascade consists of seven blades and eight complete
passages. Two of the blades in the middle of each cascade were
instrumented with static taps at midspan. Table 2 summarizes the
number and distribution of pressure taps for both cascades. The
blades with suction surface taps also have a base-pressure tap on
the trailing edge. The ratio of the diameter of the base-pressure tap
to the trailing-edge thickness is 0.203.

The cascade were tested for exit Mach numbers from 0.5 to 1.2.
The corresponding Reynolds numbers varied from approximately
4% 10 to 1. Incidence values of-14.5,+10, +4.5, and 0 deg
relative to design were examined for both blades. Only HS1A was
examined at-10 deg since the interest is particularly in the be-
havior of HS1B at positive values of incidence.

Traversing Gear

Fig. 2 Plan view of the cascade test section

Control Valve

Instrumentation and Experimental Procedures. All flow-
field measurements were obtained using a three hole pressure
probe. The probe tip has a width of 1.37 ni@n054 in) which is
roughly 4.7 percent of the blade pitch, and a thickness of 0.46 mm
(0.018 in). Static pressures downstream of the cascade were also
measured directly using a cylindrical static pressure probe. The
probe tip has a cone angle of 15 deg and two static taps are
located 180 deg apart at about 12 diameters from the tip. The
static probe has a tip outer diameter of 1.02 94 inch which
From Compressor IS approximately 3.5 percent of the blade pitch. Both probes were
designed by Islanmi18]. For loss calculations, the static pressures
obtained with the static probe were combined with total pressures
and exit flow angles obtained from the three hole probe. The
Fig. 1 Carleton University blowdown wind tunnel [15] losses quoted are the fully mixed-out values calculated using the

Ejector-Diffuser
Assembly
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Cascade Parameters HS1A HS1B

Chord Length, C 40.0 mm{ 40.0 mm
Axial Chord, Cx 36.98 36.98
Blade Span, H 61.0 mm| 61.0 mm
Blade Spacing, s 29.14 29.14
Trailing Edge Thickness, t 1.25 mm| 1.25 mm
Aspect Ratio, H/C 1.525 1.525
Leading Metal Angle, B, 50.5° 61.0°
Trailing Metal Angle, 3, 59.0° 59.0°
Leading Edge Wedge Angle, We,, 38.0° 38.0°
Trailing Edge Wedge Angle, We,, 6.0° 6.0°
Maximum Thickness-to-Chord Ratio| 0.196 0.182
Design Incidence, iy, -4.5° -15.0°
Stagger Angle, 25.1° 24.7°
Throat Opening, o 15.3 mm| 15.3 mm
Unguided Turning, 6, 11.5° 11.5°

Fig. 3 Summary of blades geometric parameters and

nomenclature

One Trus Middle Blade Pitot Static Probe and Upstream

Chod— ] XX. ‘_/ }ie-fe.rence Static Tap Location
#1 #2 #3 4 #5 #6 #7

- VR 5

40% True ----------------------
Chord (. Measuring
5 Plane
Base Plate
Static Tap
‘ Run # 1 Run#2 | Run#3 ’ Run #4 I
oM ing Point
easuring Poin 0 5 inches

s : Distance of One Pitch L ]
One Run: 10 Measuring Points

SCALE

Fig. 4 Cascade blade row measurement locations

data acquisition system which was controlled by a microcomputer.
Pressures were sampled for 0.1 s at a frequency of 2000 Hz based
on investigations by Jeffries et &lL5].

The temperature in the storage tanks, and thus the total tem-
perature T in the test section, typically starts at 13 to 20°C. The
total temperature drops as the air in the tanks expands during a
run. ThereforeT,; was measured upstream of the cascade during
each run. Table 3 summarizes the temperature changes which
were measured for several typical operating points. Also shown
are the corresponding average Reynolds numbers and the varia-
tion in Reynolds number which corresponds to the variation in the
total temperature. Finally, the estimated variations in the profile
loss coefficients due to the Reynolds number variations are also
given. These estimates are based on data for the variation in loss
coefficient with Reynolds number which are presented later. As
seen, the variation in the loss coefficient during the run is quite
small compared with the mean value. The variation is also less
than the estimated uncertainty in the loss coefficients due to all
sources. It should also be mentioned that, for the loss calculations,
the total temperature was assumed equal at the inlet and outlet
planes of the cascade, even though a small amount of heat transfer
would be occurring during a run. Jouifi20] has estimated in
detail the total temperature variations which could occur across
the cascade for different operating points. He also calculated the
corresponding changes in the loss coefficients. The resulting un-
certainty this introduces into the loss coefficients is less than the
overall estimated uncertainty and is considered to be included in
that overall value. Finally, it should be mentioned that several runs
of the wind tunnel are made before a series of data runs are begun.
These pre-runs are used to cool the cascade blades and the walls
of the test section and thus reduce the heat transfer during the data
runs.

The locations of the upstream and downstream traverse planes
are indicated in Fig. 4. Downstream of the cascade, four runs are
normally used to traverse the flow over one blade pitch. Measure-
ments are made at a total of 40 points, with the spacing being
halved for the 20 points which span the blade wake. Figure 5
shows sample total pressure distribution behind the three middle
blades in the cascade at an incidencet@f.5 deg and for three
Mach numbers. As shown, the wake profiles were very similar,

procedures of Amecke ancafiiik [19]. Mixed values were also indicating that there is good periodicity in the cascade flow. Static
used where downstream parameters, such as the static or dyngspigsure and exit flow angle measurements, not presented here,
pressure, were needed in quantities such as the base presgeffind the three middle blades also show similar wake profiles.

coefficient.

The periodicity is somewhat poorer at high values of both positive

All pressures were measured using a 48-port Scanivalve systant negative incidence at Mach numbers above 1.1. The measured
and a miniature, fast-response Kulite pressure transducer whiclfigsv quantities are estimated to have the following uncertainties:
mounted in the Scanivalve housing. The outputs from the pressstatic pressurest2 percent of the local dynamic pressure; flow
transducer were recorded using a Hewlett-Packard high-speetyjles,=0.5 deg; and exit Mach numbers0.02. The estimated
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Table 1 (a) HS1A Pratt & Whitney blade coordinates, (b) HS1B  Table 1 (continued )
Pratt & Whitney blade coordinates

Suction Surface Pressure Surface
Suction Surface Pressure Surface x {in) y (in) x {in) v (in)
0:22\34 0“0‘1"(‘);6 0‘722‘34 0"0’1‘8;6 -0.26003 -0.01896 -0.26003 -0.01896
0.26330 0.0005 0.26339 00213 -0.25708 -0.00325 -0.25709 -0.0294
-0.25749 0.01379 -0.25749 -0.02746 -0.25118 0.01511 -0.25118 -0.03556
-0.25454 0.01958 -0.25454 -0.0291 -0.24824 0.02217 -0.24823 -0.0372
-0.25159 0.02494 -0.25159 -0.03015
073684 004762 033884 03846 -0.24528 0.02845 -0.24528 -0.03826
0.29200 0.06397 20.22209 0.02021 -0.23053 0.05253 -0.23053 -0.03656
-0.20734 0.0776 -0.20734 .0.01345 -0.21579 0.06982 -0.21578 -0.0249
-0.19259 0.08881 -0.19259 -0.00798 -0.20104 0.08324 -0.20103 -0.01506
-0.17784 0.09809 -0.17784 -0.00365 -0.18629 0.09399 -0.18628 .0.00726
0.16309 0.10576 -0.16309 -0.00032 0.17154 010268 0.17153 -0.00111
-0.14834 0.11203 -0.14834 0.00208 00366
70.13359 0.11702 -0.1336 0.00362 -0.15678 0.10969 -0.15678 0.
-0.11884 0.12082 -0.11884 0.00434 -0.14203 0.11524 -0.14203 0.00721
-0.10409 0.12351 -0.10408 0.00428 -0.12728 0.11948 -0.12728 0.00965
-0.08934 0.1251 -0.08934 0.00346 -0.11253 0.12253 -0.11254 0.01109
-0.07459 0.12563 -0.07458 0.0019
0.05984 0.1251 70.05984 0.00037 -0.09778 0.12445 -0.09778 0.01157
-0.04509 0.1235 0.04500 -0.00336 -0.08303 0.12528 -0.08303 0.01114
-0.03034 0.1208 -0.03034 -0.00705 -0.06828 0.12505 -0.06827 0.00985
__-0.01559 0.11697 -0.01559 -0.01142 -0.05353 0.12376 -0.05353 0.00771
-0.00084 0.11194 -0.00084 -0.01649 -0.03878 0.1214 -0.03878 0.00475
0.01391 0.10565 0.01391 -0.02224 -0.02403 0.11796 -0.02403 0.00099
0.02866 0.098 0.02866 -0.02869 -0.00928 0.11339 -0.00928 -0.00356
0.0434 1 0.08886 0.04341 -0.03583 0.00547 0.10763 0.00547 -0.00889
0.05816 0.0781 0.05816 -0.04367 0.02022 0.10062 0.02022 -0.015
0.07291 0.06559 0.07291 -0.05222 0.03497 0.09226 0.03497 -0.0219
0.08766 0.05121 0.08766 -0.06147 0.04972- 0.08244 0.04972 -0.02957
0.10241 0.035 0.10241 -0.07145 0.06446 0.07105 0.06447 -0.03803
0.11716 0.01724 0.11716 -0.08216 0.07921 0.05799 0.07923 -0.04727
0.13191 -0.00154 0.13191 -0.09361 0.09396 0.04323 0.09397 -0.05729
0.14666 -0.02097 0.14666 -0.10582 0.10872 0.02683 0.10872 -0.068 1
0.16141 -0.04084 0.16141 -0.11881 0.12347 0.00906 0.12347 -0.07971
0.17617 -0.06099 0.17617 -0.1326 0.13822 -0.00971 0.13822 -0.09211
0.19091 -0.08128 0.19091 -0.1472 0.15297 -0.02912 0.15297 -0.10532
0.20566 -0.10169 0.20566 -0.16263 0.16772 -0.04899 0.16772 -0.11935
0.22042 -0.12223 0.22041 -0.17891 0.18247 -0.06912 0.18247 -0.13419
0.23516 -0.14294 0.23517 -0.19606 0.19722 -0.08941 0.19722 -0.14986
0.24991 -0.16394 0.24991 -0.21407 0.21197 -0.10982 0.21197 -0.16634
0.26466 -0.18538 0.26466 -0.23296 0.22672 -0.13035 0.22672 -0.18362
0.27941 -0.20749 0.27941 -0.25276 0.24147 -0.15105 0.24147 -0.2017
0.29416 -0.23059 0.29416 -0.27346 0.25622 -0.17205 0.25622 -0.22054
0.30006 -0.2402 0.30006 -0.282 0.27097 -0.1935 0.27097 -0.24015
0.30301 -0.2451 0.30301 -0.28633 0.28571 -0.2156 0.28572 -0.26046
0.30596 -0.25007 0.30596 -0.2906 0.30046 -0.23869 0.30047 -0.2815
0.30891 -0.25512 0.30891 -0.29302 0.30637 -0.2483 0.30637 -0.29009
0.31187 -0.26026 0.31186 -0.29406 0.30931 -0.2532 0.30932 -0.29443
0.31481 -0.26546 0.31481 -0.29416 0.31226 -0.25817 0.31226 -0.2987
0.31776 -0.27078 0.31776 -0.29334 0.31521 -0.26322 0.31521 -0.30113
0.32071 -0.2762 0.32072 -0.29131 0.31817 -0.26836 0.31816 -0.30216
032366 =) 284927 0 12366 028422 0.32111 -0.27357 0.32111 -0.30226
0.32406 -0.27889 0.32406 -0.30145
0.32701 -0.28431 0.32702 -0.29941
uncertainty for the mixed-out total pressure loss coefficients (0.32096 =029933 032994 -029733

+0.005 for exit Mach numbers less than 0:50.003 for Mach
numbers from 0.5 to 0.85+0.004 for Mach numbers between

D e o VYD probably has annfence on most of e athr fesuls o be

blade to blade as well as repeatability runs made at a given op esented in the following sections. Physically, the AVDR is the

ating point tio of the mass flow rates per unit area at inlet and outlet of the

: cascade. Thus, AVDR becomes a measure of the average contrac-

Results and Discussion tion or expansion of the streamtube at the blade midspan. An

AVDR of 1.0 is therefore a necessary, but not sufficient, condition
Axial Velocity Density Ratio (AVDR). Results are presentedfor a two-dimensional midspan flow.
first for the axial velocity density ratiGAVDR) since the value of ~ Figures 6a) and (b) show the effects of both incidence and
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Table 2 Blade static taps distribution and numbers

HS1A HS1B
Pressure Surface 19 17
Suction Surface 22 24
Base Pressure 1 1

number during a run at design incidence

Table 3 Typical variations in total temperature and Reynolds

M, AT,, ("C) |l AverageRe || +ARe Y, +AY,

0.55 7 500,000 5,500 0.0729 = 0.0014
0.71 12 660,000 13,000 {| 0.0666 +0.0002
1.14 19 1,040,000 97,000 || 0.0997 +0.0011

Mach number on the AVDR for HS1A and HS1B cascades respec-'@

tively. As shown, the behavior of AVYDR with Mach number for

HS1B cascade is similar to the one observed for the HS1A cas-
cade, with both showing relatively constant values with Mach C[S

number for a given incidence.

The variation of the AVDRs with incidence for both HS1B and <
HS1A cascades are summarized in Table 4 for an outlet Mach
number near the design value o5M1.05. Table 4 shows that the
AVDR values for the HS1B cascade are slightly higher than the = -
ones for the HS1A cascade at the incidence values of 0.0 an(>, -
+4.5 deg, and comparable at the incidence values 9.0 and
+14.5 deg. The differences in AVDR for HS1A and HS1B at low
incidence are larger than the estimated uncertainty@02. Thus
there seems to be some differing influence on AVDR for the two
cascades at low incidence. At the incidence values 9.0 and

0.50

025 ¢

0.00 ey === g

%
0 b g

-050 F
: Middle Blade: Blade # 4
075 F

.00 Brsin : " —_

0 025 05 075 1 125 15 175
Pitchwise Distance, y/s

0.50 ¢

2 225

25 275 3

025 + M,=1.03

0.00

T TR LG ey

A I

& 025 £

050 ¢ Middle Blade: Blade # 4

075 |

-1.00

P RAk

e

0 025 05 075 1 125 15 175
Pitchwise Distance, y/s
0.50

Z 225 25 275 3

[ M, =1.1
025 | 2 2

0.00

WAl

N s
o 025 |

050 r

Middle Blade: Blade # 4
-0.75

-1.00 L

07025 05 075 1 125 15 175
Pitchwise Distance, y/s

2 225 25 275 3

Fig. 5 Cascade downstream total pressure at off-design inci-

dence, i —igs=4.5 deg, HS1A cascade

180 / Vol. 124, APRIL 2002

2.0
x - O = i igy= 145
o o iy, =10.0°
> b i~ =0.0°
<<  b_._ | Idu=4‘5°
.9- 1.5 ——— - i-ig=-10.0°
= L
o r e e —pg- 0— O & Bg— -
_é' : N T SN G
) a
g 1.0+ == = Y
) o Samsb's (1996) Dawes Code Calculations
g 3 o8 — -~ M,=0.80
2 | _ M, = 1.00
-g i go.‘o . ——— ~ M, =115
© 05f & e
X o 0. .
< b v’:xial Vsloc‘:;; Dansity };aliu. AVDF‘I'z
0 ) e L i ! L 1 L L ' .
460 0.50 1.00 150
(@ Exit Mach Number, M,
2.0
P - o= — lyes = 14.5
P ——p—— |m-100°
o —r—a-e— | 105_45
- —oe— | ld,s-OO
'g 1.5
= L
:‘(‘D" L
% 1.0 -
a
2 |
o
3 N
o 0.5F
> "
E B
>< -
< 5
L f ! 1 1 e 1 : L 1 L
O6).00 0.50 1.00 1.50
(b) Outlet Mach Number, M,

Fig. 6 Effects of incidence and Mach number on axial velocity
density ratio (AVDR)—(a) HS1A cascade, (b) HS1B cascade

+14.5 deg, the differences in AVDR for HS1A and HS1B are
within the estimated uncertainty af0.02. For a given value of
incidence, comparable differences in AVDRs to the ones shown in
Table 4 are also found between HS1A and HS1B at Mach num-
bers other than design.

There is little information available on the effects of AVDR on
turbine cascade performance and the factors that influence AVDR.
The effects which are thought to influence AVDR include the
blade aspect ratio and the inlet endwall boundary layer thickness.
However, these are very similar for HS1A and HS1B at all values
of incidence. At the incidence values of 0.0 a#d.5 deg there

Table 4 A comparison between AVDRs for HS1A and HS1B

cascades at near design Mach number  (i.e., M,=1.05) and off-
design incidence

1 =g, HS1A HS1B

0.0° 1.034 1.083

4.5° 1.039 1.112

10.0¢ 1.126 1.141

14.5° 1.266 1.264
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Fig. 7 Comparison of HS1A and HS1B blade loadings at (a)
design incidence for various exit Mach numbers, (b) 4.5 deg

off-design incidence, and for various exit Mach numbers,
(c) 10.0 deg off-design incidence, and for various exit Mach

numbers

are noticeable differences in blade loadings near the leading edge
as will be discussed in following section. The differences include
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Fig. 8 Comparison of measured base pressure with Sieverd-
ing’s et al. correlation, HS1B cascade
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the presence of an apparent separation bubble on the pressure si (b)
of HS1B. For these low incidence values the AVDRs for the
HS1B cascade are higher than the ones for HS1A+-A0.0 and Fig. 9 Variation of Base Pressure Coefficient with Incidence
+14.5 deg incidence the loading distribution for the two bladesd Mach Number— (a) HS1A cascade, (b) HS1B cascade
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Fig. 10 A comparison between the profile losses for HS1A and HS1B cascades at all test flow
conditions

are very similar with no sign of leading edge separat®g., Fig. trailing edge region of the suction surface are also significantly
7(c)). For these high values of incidence, the AVDRs were aldtifferent between the two blades. In addition, Fi¢h)%hows that

very similar. Thus, there may be some influence of the blade loatie loading distribution for the two blades in the vicinity of the
ing distribution on AVDR, or it may be influenced by the distri-suction side leading edge is different. The figure shows slightly
bution of passage blockage associated with the blades and thgher peak Mach numbers for the HS1B blade in the first 10
surface flows. Additional experimental data on the effects @ercent axial chord. On the pressure side, the loading distribution
AVDR would be valuable for clarifying the physics. Computafor HS1B also suggests the presence of a separation bubble at the
tional studies using a Navier-Stokes solvers might also provi@igading edge pressure side. From Figs) and(b), the separation
useful insights into the factors which influence AVDR. bubble at thet 4.5 deg incidence appears to have the same extent

Blade Loadings and Base Pressures.Figures Ta) to (c) &5 for the design case. . . .
show a comparison between HS1A and HS1B blade loading d's—At. +1Q.0'deg incidence, F'g.'(d) shows that dlffe_srences in
tributions for the incidence values of 0.8,4.5, and+10.0 deg. padlr]g dlstrlbutlons_ are now shifted toward the Ie_adlng et_ige_suc-
Each figure presents a comparison of blade loadings over a raﬁ'ﬁé‘ sndg. At subsonic exit Mach numbers the loading dIStI’Ibb!tIOﬂS
of exit Mach numbers and for a fixed incidence. At design incgl'OW higher local peak Mach numbers for the HS1B blade in the
dence, Fig. #@) shows that the blade loading on the suction sufirst 20 percent axial chord. At Mach numbers higher than the
face is roughly the same for both blades at exit Mach numbéf80king value (M=0.96), both blade loadings show similar val-
below the choking value, which is about 0.96. Figute) Bhows Ues of local peak Mach numbers in the vicinity of the leading edge
that for given exit Mach numbethigher than 0.96the shock Suction side. However, the extent of the local peak Mach number
impingement point on the aft part of the suction surface is diffef€gion is greater for HS1B: three pressure taps for HS1B versus
ent for the two blades: the impingement point for HS1B is locate@ne tap for HS1A. For the pressure side, the loading distributions
aft of the one for HS1A for a given exit Mach number. Thidor the two blades are quite similar except for what appears to be
change in the shock impingement point resulted in some changedigmall pressure disturbance at the 15 percent axial chord shown
the suction surface loading distribution in the vicinity of the trailby the HS1B pressure side loading distribution. This disturbance
ing edge. With respect to the pressure side, Fig) hows that may be the sign of a small separation bubble. The HS1A and
the only difference in the loading distributions is in the vicinity ofHS1B loading distributions at14.5 deg incidence are similar to
the leading edge. As noted earlier, the HS1B loading distributidhose shown for+10 deg in Fig. 7c).
shows signs of a separation bubble that extends over the first 20he base pressure for the HS1B cascade is plotted against
percent axial chord. The HS1A loading distributions in the vicinSieverding's et al. correlation in Fig. 8. The trend of the base
ity of the leading edge show no signs of separation. pressure observed here is similar to the one for the HS1A cascade,

The loading distributions for the two blades-a#.5 deg inci- not presented here. However, the values of base pressure for
dence are shown in Fig.(5). In this case, at Mach numbersHS1B cascade are slightly lower. As found with the HS1A
higher than the choking value, there seem to be significant differascade, the measurements for HS1B cascade are in best agree-
ences in the shock impingement points on the aft part of suctioment with the correlation for pressure rati®s,/Pg; less than
surface for the two blades. Thus, the loading distributions in ti®55 (which corresponds to the chocking isentropic exit Mach
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Table 5 (a) HS1A cascade performance data, (b) HS1B cascade performance data

HS1A Cascade, Off-Design Incidence, i - iy, = -10.0*

M, Py/Por Py/Poy 9/Poy Re = ARe Cu Y, oy AVDR
0.58 0.788 0.793 0.184 52000 + 6800 0.030 0.067 57.0 0.98
0.75 0.677 0.668 0.268 670000 + 12000 -0.031 0.059 57.5 1.01
0.88 0.592 0.571 0.321 780000 + 19000 -0.067 0.063 58.0 0.98
0.98 0.522 0.371 0.350 870000 + 68000 -0.431 0.104 57.3 0.99
1.08 0.458 0.367 0.377 950000 + 84000 -0.242 0.109 571 0.99
1.18 0.405 0.312 0.392 1020000 = 135000 -0.238 0.124 56.3 0.99

HSIA C de, Design Incid ie iy, =0.0"

0.55 0.807 - 0.168 500000 + 5400 - 0.073 56.7 1.02
0.71 0.704 0.707 0.247 660000 + 13000 0.012 0.067 57.2 1.02
0.85 0.612 - 0.311 800000 + 20000 - 0.054 57.7 1.02
0.96 0.535 0.481 0.346 880000 + 50000 -0.156 0.091 57.1 1.03
1.06 0.479 0.365 0.374 970000 + 79000 -0.304 0.085 57.0 1.03
1.14 0.429 0.323 0.389 1040000 = 97000 -0.272 0.100 57.0 1.01
1.16 0.415 - 0.390 1060000 + 126000 - 0.118 55.9 1.03

HS1A Cascade, Off-Design Incidence, i - iy, = 4.5"
0.49 0.841 - 0.140 460000 + 4000 - 0.078 56.4 1.02
0.64 0.749 - 0.215 600000 + 8000 - 0.064 56.4 1.07
0.66 0.736 - 0.224 630000 + 9000 - 0.064 56.6 1.02
0.81 0.641 - 0.291 780000 * 16000 - 0.060 57.2 1.03
0.91 0.568 0.563 0.333 880000 + 26000 -0.016 0.071 57.1 1.04
0.97 0.526 - 0.349 920000 = 66000 - 0.097 56.8 1.05
1.03 0.490 0.403 0.366 980000 x 90000 -0.241 0.098 56.7 1.04
1.12 0.440 0.378 0.385 1050000 + 90000 -0.161 0.103 57.0 1.02
0.66 0.736 - 0.224 630000 + 9000 - 0.067 57.0 1.01
0.81 0.641 - 0.292 770000 + 14000 - 0.059 57.5 1.03
0.81 0.568 0.563 0.331 880000 + 28000 -0.015 0.078 57.4 1.03
1.03 0.491 0.403 0.365 970000 + 93000 -0.242 0.100 57.0 1.03

HS1A Cascade, Off-Design Incidence, i - i, = 10.0°
0.48 0.834 0.834 0.141 440000 + 4000 -0.025 0.109 56.4 1.15
0.68 0.721 0.720 0.233 620000 + 9700 -0.033 0.074 56.8 1.15
0.81 0.636 0.636 0.293 740000 + 15000 -0.040 0.063 57.3 1.15
0.92 0.566 0.566 0.335 840000 + 24000 -0.046 0.066 57.7 1.14
1.00 0.507 0.503 0.356 920000 x 71000 -0.289 0.110 57.0 1.14
1.08 0.458 0.448 0.377 1000000 + 98000 -0.150 0.109 57.1 113
1.15 0.416 0.405 0.389 1070000 + 116000 -0.238 0.123 56.5 113

HS1A Cascade, Off-Design Incidence, i - iy, = 14.5"
0.51 0.822 0.840 . 0.149 460000 + 4800 0.117 0.122 55.8 1.25
0.67 0.722 0.730 0.229 620000 £ 7800 0.034 0.095 56.2 1.24
0.78 0.645 0.646 0.284 740000 + 17000 0.000 0.079 56.8 1.26
0.91 0.574 0.569 0.330 870000 + 24000 -0.013 0.070 56.8 1.27
0.97 0.526 0.460 0.348 940000 + 45000 -0.189 0.102 56.7 1.26
1.05 0.478 0.411 0.371 1020000 + 83000 -0.182 0.097 56.7 1.27
110 0.453 0.410 0.380 1050000 + 104000 -0.113 0.101 56.9 1.25

numbej. At lower values of the pressure ratio, shock waves at¢S1B cascade are shifted downward to lower values for all inci-
present at the trailing edge and the correlation predicts somewlahce values. Denton and X23] suggested that higher base

higher values of base pressure than observed here. These disgsegssure values are usually an indication of thicker trailing edge
ancies do not appear to be strongly related to the incidence, norgiundary layers relative to the trailing edge thickness. It is not
they appear to be related to the effects of AVDR. They seem to Bgssible to confirm that this is the explanation for the differences
consistent with the discrepancies seen for the HS1A cascaﬁlp.cb for HS1A and HS1B since no measurements were con-

Similar discrepancies have been observed at design incidenced{%ted on the blade boundar

. : . . y layers. Whatever the reasons for the
other investigator$21—23. Denton[24] attributed these differ- : e
ences to the effects of trailing-edge blockage, which is not ir(]j_lfferences in @, they have implications for the losses generated

cluded as a correlating parameter in the Sieverding et al. corre'l%—the two cascades, as discussed in the next section.

tion. It is not possible to confirm Denton’s explanation from the profile Losses. Figure 10 shows the variation of the total
present measurements. However, they do seem to support the $#fissure loss coefficient, With exit Mach number for the inci-
gestion that one or more important geometric parameters is Mig&nce values of 0.0;4.5, +10.0, and+14.5 deg. Tables(8) and

ing from the Sieverding et al. correlation. It should also be notm list the loss coefficients for both cascades together with other

that at high Mach numbers the base pressure varies consider Yodynamic parameters, such as AVDR, base pressure, and de-
with the location on the trailing edge and the present single tap ' ' '

. L X “Viation angles.

O gures 9 and(b) prosent the HSLA and HO15 sascade bags TS end in 05 coeffiient shown in Fig. 105 simiar for the

pressure values in terms of the base pressure coefficient as afLS]ﬂH-r incidence values and is consistent with the variation with

tion of exit Mach number and incidence. As shown in the figured/ach number found by Mee et 425] at design incidence. In all

C, is generally negative and has a strong minimum around MaSes, the Ioss‘coefﬂ(:lent reached a minimum at the abgut M

=1.0. For both cascades, the highest valu€gfis found at the =0.85, after which the losses rose sharply through an exit Mach

incidence value of+-14.5 deg. The minimunC, is seen to vary number of unity. From Fig. 10, it appears that the minimum losses

somewhat with incidence and AVDR, with the weakest minimaccur at the point were the base pressure starts to decrease. From

occurring at high positive incidence and high AVDR. Denton[24], the contribution of the base pressure to profile loss
When compared to the HS1A cascade, @ecurves for the coefficient, incompressible flow, is estimated at
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Table 5 (continued )

F HS1B Cascade, Design Incidence, I - iz, = 0.0°
M, P /Py Py/Py qPy, Re x ARe [ Y, | a, I AVDR
0.50 0.831 0.813 0.147 460000 + 4000 -0.126 0.086 57.2 1.08
0.70 0.710 0.680 0.243 640000 + 9600 -0.122 0.066 57.6 1.11
0.84 0.619 0.577 0.304 760000 + 15000 -0.138 0.066 58.2 1.09
0.95 0.542 0.408 0.343 850000 + 42000 -0.391 0.088 57.9 1.08
1.04 0.483 0.353 0.369 940000 + 81000 -0.354 0.099 57.6 1.08
114 0.428 0.304 0.386 1010000 £ 113000 | -0.321 0.116 57.5 1.06
1.23 0.378 0.297 0.400 1070000 + 146000 | -0.201 0.117 56.0 1.12
HS1B Cascade, Off-Design Incidence, i - i, =4.5*
0.53 0.817 0.792 0.159 480000 4400 -0.156 0.079 56.9 1.09
0.71 0.702 0.670 0.249 640000 + 10000 -0.127 0.067 57.3 1.11
0.85 0.610 0.569 0.309 770000 + 17000 -0.133 0.066 57.8 1.10
0.96 0.534 0.415 0.346 860000 + 53000 -0.344 0.091 57.4 1.11
1.06 0.477 0.357 0.373 950000 + 82000 -0.321 0.090 57.5 1.11
1.12 0.418 0.311 0.391 1020000 + 106000 -0.276 0.107 57.1 1.10
1.24 0.370 0.307 0.396 1070000 + 141000 -0.158 0.150 55.0 1.13
HS1B Cascade, Off-Design Incidence, i - i, = 10.0°
0.52 0.819 0.800 0.156 470000 + 5000 -0.118 0.094 56.1 117
0.68 0.714 0.683 0.238 630000 + 12000 -0.129 0.076 56.5 1.14
0.82 0.630 0.584 0.296 750000 + 15000 -0.123 0.072 57.0 1.14
0.93 0.560 0.509 0.336 840000 + 25000 -0.152 0.077 57.3 1.14
1.03 0.487 0.380 0.363 940000 + 83000 -0.265 0.117 56.6 1.14
1.12 0.437 0.366 0.383 1010000 + 94000 -0.184 0.116 56.8 1.13
1.20 0.390 0.319 0.394 1070000 + 138000 -0.179 0.132 55.8 113
HS1B Cascade, Off-Design Incidence, i - i, = 14.5"
0.48 0.837 0.831 0.137 440000 + 4000 -0.042 0.131 55.2 1.33
0.67 0.726 0.698 0.226 620000 + 9000 -0.126 0.094 55.7 1.33
0.80 0.639 0.603 0.288 750000 + 14000 -0.127 0.082 56.1 1.30
0.91 0.570 0.532 0.331 850000 + 20000 -0.115 0.072 56.5 1.28
1.00 0.509 0.418 0.358 930000 + 57000 -0.255 0.097 56.6 1.26
1.06 0.472 0.375 0.372 1000000 = 90000 -0.263 0.102 56.3 1.26
1.11 0.442 0.330 0.383 1040000 + 90000 -0.292 0.108 56.7 1.24
1.15 0.420 0.353 0.391 1080000 + 86000 -0.170 0.107 56.8 1.23

t all conditions of M, and incidence, with HS1B giving perhaps
AYie= _CbB (1) slightly higher losses in the minimum loss regid, about 0.85.

The hope for the improvement in positive incidence behavior for
and at transonic conditions the effect would be expected to b&1B clearly did not materialize.
even larger. For the present cascades the ratio of the trailing-edg
thickness to the throat openingp, is 0.08. Thus, from Eq(l)
and Fig. 10, at the minimum loss point (M 0.85) the difference
in the base pressure coefficients contributes at least 0.008 to
difference in the loss coefficients. This is roughly 80 percent
the difference. The remainder is presumably due to small diff
ences in the losses occurring in the blade boundary layers and
effects of AVDR, particularly at the incidence values of 0.0 an
4.5 deg.

At Mach numbers above the sonic condition, Fig. 10 shows that
the losses for the two blades are very similar. The comparison
between the loading distributions for the two blades, given in
Figs. 7a) to (c), shows regions with higher local Mach numbers g 1¢
for HS1B. As shown by Dentoh24], the loss production in a
boundary layer varies roughly with the cube of the edge velocity.

This suggests that at these exit Mach numbers the local boundar 0.08
layer losses for the HS1B cascade are somewhat higher than th

ones for HS1A. There also appears to be an effect of AVDR on the

HS1B losses. HS1B has somewhat higher AVDR than HS1A, par->-0.06
ticularly at the incidence values of 0.0 ardt.5 deg. These high

values of AVDR seem to reduce the HS1B losses compared to

Butlet Flow Angle. Figures 12a) and(b) show the measured
exit flow angles for HS1A and HS1B cascades respectively. As
hown from the figures, for HS1B there seems to be a definite
d in the exit flow angle with increasing incidence which is not
resent for HS1A. Moreover, for a given incidence, the values of
eviation seem to be somewhat higher for HS1B than HS1A. This
Ses the question of whether there is some trailing edge separa-

0.12

LN St e B L A N S B L Y I L L B RSB

HS1A values. Figure 10 shows that t10.0 deg incidence and 0.04 — = M,=0.65, HS1A

Mach numbers greater than 1.0, HS1B losses are slightly highel —— mzfg-gg. ﬁgm

than the HS1A losses. At this incidence, HS1A and HS1B have o, — G-~ M =065 HS1B

the same AVDR and the increase in losses seen for HS1B appear ™ oo mzi?.gg, Eg}g

to be mainly due to the loss production in the blade boundary ¢ L

|ayerS. 001t|1|||1111~1||v||u
Figure 11 shows the effect of incidence on profile losses at '-B0.0 -10.0 0.0 10.0 20.0

three representative Mach numbers. These curves are essentially Effective Incidence, ieﬁecﬁve =i- ides

cross-plotting of the data from Fig. 10, using interpolated values
of Y, at the desired values of M Within the uncertainties in the Fig. 11 Effects of off-design incidence on profile losses for
measurements, HS1A and HS1B gave very similar loss resultsbath HS1A and HS1B cascades
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Fig. 12 Effects of incidence and Mach number on exit flow
angle— (a) HS1A cascade, (b) HS1B cascade

The data cover a broad range of both incidence and exit Mach
numbers. They provide a substantial addition to the data available
in the open literature on the behavior of transonic turbine blades at
off-design incidence. As such they could be used in the develop-
ment of improved correlations for profile losses, base pressure
behavior, and outlet flow angle. In addition, they could be used to
investigate the ability of existing CFD codes to reliably compute
the aerodynamic performance of turbine blades over the range of
operating conditions.

Sieverding 26] recommended a minimum aspect ratit/C) of
about 1.6 for two-dimensional, transonic testing of linear turbine
cascades. This recommendation appears to be satisfactory for test-
ing near the design incidence. However, for large values of off-
design incidence the axial velocity density ratio in the present
cascades deviated significantly from 1.0. Fet4.5 deg in par-
ticular the AVDR reached about 1.26 and this apparently reduced
the losses substantially below what they would have been for
more nearly two-dimensional conditions. Based on the present
results, an aspect ratio larger than 1.6 may be desirable for testing
at off-design incidence.
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Nomenclature

AVDR = axial velocity density ratio,
(=15(p2C(ax,)msd(Y/9)/ [5(P1C(ax, ) msd(Y/S))

AVR = axial velocity ratio,
(= J5(Can,) msd(Y/S)/ [ 5(Cax),)msd(Y/s))
C = blade chord length or flow velocity
C, = base pressure coefficient=(P,— Ps,)/05)
Cpg = total pressure coefficient=(Pg,— Pg1)/d1)
C, = axial chord length
H = blade span
M = Mach no.
o = total pressure
Py, = base pressure
Ps, = downstream static pressure
Re = Reynolds no., € (pCC,)/w)
Toy = inlet test section total temperature
ATy, = drop in inlet test section total temperature
We = wedge angle
Y, = total pressure loss coefficient=(Po1— Pg2)/d>)

tion present on HS1B. From the loading distributions for the twol efiecive = €ffective incidence, in deg A a;—(a1)ges=|

blades, there appear to be some differences in the loading distri-

butions in the vicinity of the trailing edge. As shown in Figga)7

to (c), the shock impingement point for HS1B is located aft of the
one for HS1A for a given exit Mach number. However, there was
no apparent evidence of separation present for HS1B. And if
present, the separation may be at the trailing edge or there are not
enough static taps on the suction side of the blade to capture it.

Whatever the exact explanation, clearly @ganda, results both

suggest that there are differences in the flows near the trailing
edge for the two cascades. This is of course surprising considering

their geometric similarity in this region.

Conclusions

Detailed measurements have been presented for the midspan
aerodynamic performance of two transonic turbine cascades at ¢ =

off-design conditions. The blades tested differ mainly in the le
ing edge geometry. The baseline blade is of recent design

incorporates modern design philosophies for high pressure turbine
blades. The modified blade has been designed to investigate one
possible approach to reducing the sensitivity of the blade to off-

design incidence.

Journal of Turbomachinery

~lided
= throat opening
= dynamic pressure,51/2pC?)
axial distance
pitchwise location
pitch distance
trailing edge thickness
flow angle measured from axial direction, in de-
grees
= blade metal angle measured from axial direction, in
deg
= deviation angle, in deg,% B8,— a5)
stagger angle measured from axial direction, in deg
= air dynamic viscosity
= air density
uncovered turning, in deg

R~ X QOO0
I

TE NS ™
Il

u
ad- .
%ﬂbscnpts
1 = cascade inlet
2 = cascade outlet
ax = axial
des = design
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1 Introduction for the Reynolds stress and heat flux tensors. To predict the eddy

DU N N 2_

Three-dimensional numerical simulation of turbulent conveé’-'szosl"ty"fltl tbhe two-laye'rAl\( & tg.e s#ﬁnc:]ardt ﬂ“’ and thev ft q
tive heat transfer is becoming a part of the complex procedure 'Hft)h € St W[') | e :J;edsgi pp%n Dl;ro g eat llux was compute
gas turbine blade design and is slowly replacing simpler twd!'t" & turbuient Frandti number =0.5.

dimensional methods, mainly based on boundary layer computa2 1 Fixes for Anomalous Turbulent Energy. Excessive
tions and relying heavily on large experimental databases. Holvels of turbulent kinetic energy are predicted by standard two-
ever, many fundamental and practical developments are needgfation models in regions of large rate of strain. This was origi-
before full three-dimensional computational analysis becomegily recognized in stagnation point flo], but it will be seen

reliable. . here that it is a more widespread anomaly. The following reviews
In the present paper we discuss the effect of anomalous turtiyo ideas to solve this problem.

lent kinetic energy(k) production on predictions of two-equation o )

turbulence closure models. This problem is known in the literature Modification of Production. To understand the Kato and

[1]; the term “stagnation point anomaly” has been ugecs]. Launder[4]' approach, consider the closed transport equation for

That terminology certainly does not do full justice to this fault. [furbulent kinetic energy

seems that when a moderate level of turbulent energy is subjected . _ _ )

to large rates of strain these models predict exorbitant growth of a(pk) + V- (pUK)=pP—pe+ V- ((n+p)VK) (2

that energy. It is the large rate of strain, not the stagnation poitthere the rate of energy production is given by

that is relevant. The strains occurring in the middle of a turbine ooy 2 2 2 2

passage are sufficient to cause the problem, as will be illustrated PP=RIVU=—5pk(V-U)+ 24/ "~ 5(V-U) ©)

herein. where [S|2=S;S;; with S;=1/2(3;U;+4,U;). In nondivergent
Two explicit proposals to cure the anomalous predicted levegw P, =21, S|. If one attributes excessive level bto an over

of k are the methods d#] and[2]. We will assess the ability of estimate ofP,, then one might look to modifying this term. As a

these cures to improve heat transfer predictions in turbomachingpagmatic device to avoid the problem of spurious stagnation

flows. Both methods appear quite facile—they can be implgyint puild-up of turbulent kinetic energf4] replaced|S|2 with

mented by a few lines of computer code; but, we will demonstrag‘m in (3). Here Q; =1/2(9;U;—,U;) is the vorticity tensor

that the improvement to predictive accuracy can be quite substafiy o) is its magnitLJJde. ! )

tlal._Because_ of_thelr role, thesg methods are sometimes calledrpig approach equates the rate of production to zero in irrota-

“limiters,” which is a term that will be used herein. , tional flow (|Q2|=0); that eliminates the stagnation point prob-
We have conducted a numerical study of an experimentallym hecause the stagnation point flow is irrotational. While it is

documented test case [B-7] in order to assess different turbu-pot correct that production vanishes in irrotational flow, it might

lence models. The present paper concerns the flow without filga 5rgued that for applications like heat transfer, the main interest

cooling, a companion paper addresses their film-cooling casgsyrhulence produced in the rotational boundary layer. Then little

Here the objective is to confirm the value of the Iimiters,.au')pliegarm is done in replacint|2 by |S|Q2]. Difficulties could arise in

to standard eddy-viscosity based turbulence models. This is d%?ating or swirling flows, where the dependence |E might
by comparison to measurements on the uncooled blade. incorrectly increase eneréy production.
A formal difficulty with settingP, = 2v,|S]||Q]| is thatP, actu-
ally represents transfer of energy from the mean flow to turbu-
2 Turbulence Models and Numerics !ence. Therefore, it should be equal anq opposite to a correspond-
ing term in the mean flow energy equation. The term that derives

In this analysis we are dealing with transonic compressible flopg (1) is 21,/S|% in other words, the Kato-Launder approach
through a gas turbine blade cascade. The equations used to fhally violattes énergy conservat,ion.

scribe the flow are the Favre averaged, compressible Navier- _ o
Stokes equations with turbulence models that provide eddy vis-Time-Scale Bound. Other perspectives on prediction of exces-
cosities. The effects of turbulence are taken into account throusive levels of turbulent energy are easy to conceive: it could be

the constitutive model due to underestimation of dissipatien or to over estimation of
vy. A number of such ideas are subsumed by the idea of a time-
R=—2pkl+ u[(VU+VUT) - 4(V.U)I] scale bound, proposed [&].

The eddy viscosity predicted by scalar equation turbulence

Cp models can be characterized by the form

a=——5_"VT ) P
Pr m=C,puT (4)
- whereu? is the velocity scale and is the turbulence time-scale.
Contributed by the International Gas Turbine Institute for publication in tiurJ

— _ 2_ in, 2 2_772
NAL OF TURBOMACHINERY. Manuscript received by the IGTI, March 20, 2001; In k—e and'k @ mOdeésvu =k and inv®—f modgl u=ov= T
revised manuscript received October 15, 2001. Associate Editor: R. Bunker.  equalsk/e, in k—¢ orv°—f, and it equals 1€, ) in k—w [8].
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T also appears in the source ter@ (pP,—C,,pe)/T of the 12 R rE— :
e-equation. Also, production of turbulent energy can be stated M; le) limiter —— _ K
Py=C kST ) ) ) With limiter ---- o

A bound for the turbulent time scalewas derived iff2] from g
the condition that the eigenvalues of the Reynolds stress tenso
Eq. (1) should be non-negative—which is a sort of “realizability”
constraint. The resulting inequality was expressed as a limit on t

time-scale i

- Kk 1%

=min| -, ———
' \6C,|9 1
or
T . 1 @ 5)
=min| —,—=——
Cuo” VoC,I9] ) 12

For compressible flows should be replaced bg* =S—1/3(V Is /cl
-U)I. A consequence of) is thatP, grows like|S, rather than _ _
|S|? at large rates of strain; this is the theoretical behavior pre- Fig. 1 Isentropic Mach number, M s

dicted by rapid distortion analysisee[9]). The value of the co-
efficient @ was selected as=0.6 in[3] for thev?—f model. The
same value has been applied herdta:. . The surface pressure distribution is not strongly affected by the
When this technique is invoked with the two-layer formulationgpice of turbulence model; to avoid clutter, Fig. 1 only shows
the limiter is applied only in the high Reynolds region. Near the,mpytations wittk—e. All the results obtained with limiters vir-
wall the standard—I formulation, with prescribed, is applied; )y coincide with the curve shown. Results obtained with the
the absence of a predictive equation fmbviates the need for a nativek—s andk—w models, without any limiters, are also almost
time-scale bound. coincident; they are slightly lower than the results with limiters.
2.2 Numerical Method. For numerical solution of the flow This might be understood by attributing the excessiver vr)
equations, we have employed a commercial software packalfyels produced by the native model with greater loss of mean
STAR-CD. STAR-CD is an implicit finite volume solver that em-T1OW energy.
ploys a variant of the well known SIMPLE meth¢ti0], with the
turbulence model equations decoupled and solved sequentially. It
can be used as a general-purpose convection-diffusion equatinn ..
solver via user defined subroutines. h,
Particular turbulence models were programmed through théy 2k,
user defined subroutines. The complitew and v?—f models
were programmed, while the built-in two-lay&re model was 1500 |
used, with only the time-scale bound coded by a user routine;
in the case of Kato-Launder approach, the modified productic
term P,. The bound(5) is usually considered part of the?—f 1000 |- , . TS |
formulation. T, A i o

Experiment o
£ —

T bound w k-¢ = -
Kato-Launder k-¢ -~
V2f -eeen

Chenk-¢ - -

500 | _
3 Assessment of Turbulence Models

The test case considered in this analysis is the VKI experime pressure side suction side
by [5]. This represents a film-cooled gas turbine rotor blade: tt R (@ . ‘ .
present paper considers their data without film cooling; a compe -1 0.5 0 0.5 1

ion paper addresses the cooled blade.

The blade chord lengttg, equals 80 mm, with pitch-to-chord
ratio equal to 0.67, and stagger angle of 38.5 deg. The flc 2000
through the cascade is transonic with the inflow conditiong; Mb:
=0.25, Rg;,=8.5-10°, T,..=409.5K, and the exit Mach num- ™/m*K}.
ber My, i<=0.92. The inflow angle is 30 deg and the wall tempere 50}
ture is T,,=298 K. The geometry of the blade is described ii
more detail in[5].

The inflow turbulence intensity is Ti#+5%, and the length
scaleC¥%?e was estimated as1 cm. The presence of ambient 1000 fr~=
turbulence at the entrance to the cascade is pertinent to the pr
lem of the stagnation point anomaly; were Tu set to zero tt
anomaly would not be noticeable in the heat transfer predictior 54|
but ambient turbulence is a fact of life in turbomachines.

T ' Experiment O

v ! T bound w k- 9 ——
V2-f — .

3.1 Heat Transfer Coefficient. The following concentrates pressure side suction side
on the results that concern blade heat transfer: the surface isen 0 ) s j . )
pic Mach number, M; and the heat transfer coefficieri, -1 -05 0 /e 05 1

=qw/(To—Ty). These quantities are presented with respect to
curvilinear coordinates (normalized by the blade chom) with  Fig. 2 Heat transfer coefficient  h, (W/m? K)—(a) k—e models,
the origin at the stagnation point. (b) k—w models
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However, significant differences among the various models areResults withk—w are similar, altogether, to those obtained with
observed when comparing the surface heat transfer coefficielts,e model(Fig. 2). Introduction of the boun¢b) on the turbulent
h;. These are presented in Fig. 2. The natives andk—w mod- time scale leads to a significant improvement. Mostly, results lie
els strongly overpredict the heat transfer coefficient. With eithér betweenk—e andv?—f.
the Kato-Launder formulation, or the boui®) on the turbulent
time-scale, the level of heat transfer is reduced and seems to b
predicted more correctly. Obviously, a vast improvement to t
performance ok—e for some turbomachinery problems can b
had quite simply.

Still, there are some discrepancies with the experimental d
on the suction side, close to the leading edge of the blade, in t
region 0<s/c<0.4. This region might be a buffeted laminar flow,

with 'gransition to Furbulence qccurring within the region. The sub- Examining the values of turbulent kinetic energy predicted in
stantial overprediction ofi, might be caused partly by failure Of_the center of the passage, shows that switching from stahdard
the model to capture such processes. The two-layer formulati K—w) to one of the limiters, or to the?— f model, reducek
uses a turbulent length scale next to the wall; hence, it inheren y a factor on the order of 36 times. This is iIIust’rated in Figs

cannot represent transitional regions. But the experimental d@gs by plotting the turbulent intensity Fuy/273/|U| field
seem to imply that, at most, transition might have an influence for.l.he maximum value of intensity in the center of thé passage

s/c<0.1—connections to transitional effects are mostly suggea- :

> ; . oes from 23 percent, predicted wikhk ¢ model, to~3.5 percent

tive. Indeed{5] note that their data fos/c<0.2 might have been edicted Withpall otherr) models. In other words, all tﬁe models
({%i

3.2 Turbulent Kinetic Energy. The reason for the differ-
ces in heat transfer prediction obtained with different models
ust be related to the quantity which links turbulence equations to
he mean flow and temperature—the turbulent eddy viscosity. For
tpe present models eddy viscosity is related to the turbulent en-

y. In order to understand the improvement in heat transfer pre-
tion we consider this quantity. Unfortunately, datakare not
available in the present transonic passage flow.

affected by the film cooling holes, even though they were block cept the nativek—s and k—w models predict a decrease of

off during these measurements. It will be shown below that bof{) ) jence intensity relative to the inflow value of 5 percent; the
the limiters clean up the excessive levelskpgo the poor predic- |5iter predict a substantial increase.

tions near front of the suction surface are not a residue of thetpe spatial distribution of intensity also differs. Because of the
stagnation point anomaly either.
Figure 2 also includes a calculation with the Chen modification

to k—e, as defined ifn10]. The same modification is discussed in
[11], with the following rationale: the production term in the
e-equation is a dimensionally consistent analogy to that in t
k-equation. This could be representedRas=F (P, /)P, /T, for
an arbitrary functior-. The standard model is to makeconstant:
F(Pk/S):Cgl- Including the next term in a Taylor series make

F linear: F(Pk/s):CSlJr Csst/s. A small value 0f083:0.25
was selected by Chen amIiel was reduced to 1.15 to avoid ex-

cessive levels of dissipation. The Chen model computation i
cluded in Fig. 2 has levels df in the turbine passage that are
similar to those obtained with the methods discussed in Secti
2.1 (see Section 3)2

Prakash 1] first noted that the Chen modification had the po-
tential to prevent excessive growth kafby increasings. He pre-
sented computations demonstrating its efficacy. Prakash also rec-
ommended clipping the linear term vi@s3 min[3,P/e]. (A
model that similarly boostR, in highly strained flows is the RNG
k—e model[10], but excessive levels &fwere still seen with that
model)

Finally, thev?—f model gives results which agree better with
the suction side data. Overall, the qualitative distributionhpf
over the suction side looks better with this model. In other studi
it has been found that this model produces a reasonable transit
location (under zero pressure gradignagain, that property has
some suggestive relevance to the improvement inhthpredic-
tions on the first half of the suction side. Nevertheless, a detall
examination of computek fields did not show the existence of a ) ) ]
transitional zone. Turbulent levels &fwere seen in this region, Fig. 4 Turbulence intensity, ~k—e model
similar to levels obtained with the other models.

Although thev?—f predictions are much better than those b
k—e on thesuction sideit fails to recover to the right heat transfer
level near thepressure sidérailing edge,s/c<—0.8. It was sus-
pected that this model might be tending toward relaminarizatiq
prematurely; a strongly accelerating pressure gradient can be s
in the lower curve of Fig. 1, beginning aroufslc|=0.8. How-
ever, here again, a close examination of the turbulent energy fit
did not confirm this hypothesis.

All models predict a sharp rise ¢f, at the stagnation poinis(
=0). Experimental data show a similar behavior. The prese
geometry is not conducive to assessment of stagnation point h
transferper se The study by[3] focuses on the need for limiters
in stagnation point heat transfer prediction. Fig. 5 Turbulence intensity, Kato-Launder ~ k—& model

8%

Fig. 3 Turbulence intensity, k—e& model

9.5% 8%
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Fig. 6 Turbulence intensity, T bound with k—& model Fig. 9 T/Ty,, k—e model, lower inflow value of g I,
=C3*k¥%£=0.01m

Fig. 7 Turbulence intensity, T bound with k— @ model

Fig. 10 T/T;, k—e model, higher inflow value of € I,
=C¥%¥2/€=0.00lm model is used in any particular
appﬁcation

A higher level of inlet dissipation was used in Fig. 10. Such a
device might be considered as an alternative method to reduce
turbulent energy—cause it to decay before it reaches the blade.
We consider this only because it has sometimes been noted that
predictions can be improved by tuning the inlet conditions. While
setting a higher value of inflow certainly does reduce the region
where the time-scale inequality is violated, the stagnation point
build-up of turbulent kinetic energy still presents a problem. Fur-
Fig. 8 Turbulence intensity, v2—f model thermore, increasing the inflow dissipation ratenay lead to too
strong decay of inflow turbulence, and therefore to the generation
of flow conditions which differ from the actual situation of inter-
est. With the limiter in place the model becomes much less sen-

normalization bylU|, Tu is high at the stagnation point and in thesjtive to the inlet, , since there is then no anomaly, even when
near wake in all of the figures. However, without limitérse and ;o large

k= predict a pocket of high intensity below the pressure surface,ln that sense, inclusion of the bound on turbulent time scale in

while the other models show a monotonic decline of Tu throug[lpI K K del icall
the passage. The bulge in the profilelpfshown by the upper 1€ K—&, Ork—w, model represents a way to automatically pre-

curve in Fig. 2 is not surprising in light of Fig. 3. That effecttMPt possible spurious predictions. Adjusting the inflow turbu-
seems to be even more important in the casek-of» model, lence dissipation rate is not a generally applicable fix.
which gives a peak value of 27.5 percent in the stagnation point
region. .
?t might at first seem odd that the intensitsopsin the strongly 4 Conclusion
accelerating flow through the cascade passage. Indeed the turbwith the time-scale bound in place, rather good predictions are
lent energy rises from 37.5 to a maximum of 86/sh (in v2—f obtained using the two layér— & model. This suggests that some
computations, for instangebut the mean flow velocity increasesof the failures reported in the literature may result from anoma-
more than/k, so that their ratio actually decreases. This behavitwusk production; an anomaly for which rather simple cures have
is qualitatively consistent with experiments|[ib2] and[13], and been proposed.
is also predicted by rapid distortion thedi§]. By contrastk—e We have shown herein that substantially improved heat transfer
andk— e with no limiters predict such an excessive increas& of predictions can indeed be obtained by invoking these limiters. It
that the turbulent intensity actualigcreasesThe theory and lim- should be emphasized that without the limiters, the excessive lev-
ited data, just cited, argue strongly that this is unphysical. els in the turbine passage are so high that they are actually the
In order to locate the regions where the standarde model origin of over predictions oh,—high levels ofk near the stagna-
violates the bound on the turbulent time scale, Figs. 9 and 1i®n point are not the only culprit.
present the ratid/ Ty, , whereT=k/e and T, =1/(6C |S]). Our objective in this paper has been to draw attention to an
This ratio is plotted for two different values of the inflow turbulenimprovement that can be made to widely used turbulence models.
dissipation rate. Where the ratio is greater than unity the limitetOther considerations might determine which model is used in any
comes into play. particular application.
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Appendix

Two-Layer Formulation of k—e& Model. The two-layer
method consists in patching together thel andk—e models.
The standard model equation for turbulent kinetic energy is

(pk) +V - (pUK)=pPy—pe+ V- ((u+ u) VK) (6)

where
pP=R:VU=—35pK(V-U)+2uS]>~ 5u(V-U)2  (7)

with §;;=1/2(¢;U;+ ;U;) and i being the eddy viscosity. It is
used in both th&—1 andk—e formulations.
In thek— & model, Eq.(6) is supplemented by

C82p8

+v. Mt

e,

&

Celppk_
T

d(pe)+V-(pUe)=
®)
where the turbulence time-scaleTissk/e and the eddy viscosity
is
C.pkT 9)

The standard model constants are

C,1=1.44; C,,=1.92; 0,=1.3; C,=0.09
In the k—1 model, the dissipation rate is represented by
k3/2
€= (10)
and the eddy viscosity is
p=C,pkl, (11)

These supplement tHeequation(6). The VonDriest form for the
length scales will be adopted here
l,=Ciy(1-e R/A);

l,=Cy(1—e R/ (12

Ry=ypk/u is a wall-distance Reynolds number in which, for

smooth wallsy is distance from the wall. The log-layer solution
requires thaC,= K/Ci"" wherex is the VonKarman constant. The
widely accepted value of=0.41 givesC,=2.5. The requirement
that k— ey?/2v asy—0 givesA,=2C,=5.0. There is only one
free constantA,. The valueA,=62.5 was chosen for use with

the two-layer formulation. This number gave very good agreemept

betweenC; versusR, predictions and experiments for zero pres-
sure gradient, flat plate boundary layers.

The two-layer formulation consists simply of usitigjl) and
(10) near a wall, and switching abruptly {8) and(8) at a patch-

ing point. The patching point is defined as the location where the

damping function *e R/ equals 0.95; ie., wherey
=log(20)A, v/ K. For solid walls, the boundary conditidc(0)
=0 is applied.

Y1 pP B po
L pP— —
Cﬂk C,

Vo)

1
d(pw)+V-(pUw)=

TV (et o,m) (15)
The original model constants are

0=0.5; ¢,=0.5; y,=5/9; 5,=0.075; C,=0.09
The boundary conditions for solid wally{0) are

6v
T BY?

vz—f_ Model. The eddy viscosity is now defined gs,
=C,pv°T, with the turbulence time-scale

\[s
with @=0.6.

The equations fok ande, (6) and(8), respectively, are supple-
mented with the equation far?

k(0)=0 (16)

T=min 17)

V6 v2C e

2

J— J— v J—
dpv®) + V- (pUv?)=pkf—pN -2+ V- ((u+pm)Vo?)
(18)
with f representing the nonlocal effects
, 213-vik Py v?
f-L?Af=(Cu—1)—=—+Cpp +(N=1) = (19)
where the turbulent length scaleis
k3/2 k3/2 1/3/4
L=C, max min —,————|,C,——= (20)
e \/g UZCM|S| 7/81/4
For solid walls, whery— 0, this yields
K(0)=0: 3%(0)=0 2vk 4(6—N)v2?
=0; v =0, e=>—, To——7—
y? %
(21)

The originalv?—f model withN=1 was later modifiedsee
[3], [14]) in order to avoid the numerical difficulties due to strong

nonlinear coupling of turbulence variables through the boundary

conditions(21) and the value oN=6 was chosen.

An additional modification was to eliminate the wall distaryce
m the equation foiCg; resulting in the following values of
model constants used for the modified model:

C,=0.22; C,;=1.41+0.050V k/;); C,»,=1.9;
Ci=14; Cy=03; C_=0.23; C,=70 (22)

In this analysis we used this modified versionudff model.

k— e Model. In Wilcox's original k— & model, the eddy vis- Acknowledgment
cosity is defined ag=C,pkT, with turbulence time-scal@ This work was sponsored by General Electric aircraft engines.
=1/(C,w); in other words,ut pklw. We are grateful to Drs. Chander Prakash and Gary Steuber for
The ‘originalk— » model equation for turbulent kinetic energyprivate communications concerning their work at General Electric

is on excessivek production.
d(pk)+V-(pUk)=pP—C ,pwk+V- + o) VK
(pK) (pUK)=pP—C,p (A oymy) )(13) Nomenclature
M = Mach no.
where Re.;, = inflow Reynolds no(based on chord lengtt)
P.=R:VU=—2pk(V-U)+2u|S2= 2,(V-U)2 (14 T, = total temperature
pPFk 3pk( )+ 2] SI% = Sl ) (14) T,, = wall temperature

Equation(13) is supplemented by the equation for the specific Tu
dissipation ratew c

turbulence intensity 2/3k/|U|
blade chord

Journal of Turbomachinery APRIL 2002, Vol. 124 / 191

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



hy heat transfer coefficientqy, /(Tge.— Tw)
g,, = wall heat flux rate

s = curvilinear coordinate
Subscripts
o = free stream
in = inflow
ex = exit
w = wall

o = total conditions
is = isentropic conditions
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Mechanical Engineering Department, blade geometry are presented with an assessment of several turbulence models. Details of
Stanford University, flow and temperature field predictions in the vicinity of cooling holes are examined. It is
Stanford, CA 94305-3030 demonstrated that good predictions can be obtained when spurious turbulence energy

production by the turbulence model is preventHdOl: 10.1115/1.1458021

1 Introduction accurate computations might also make it possible to use predic-

In a companion papdt], we demonstrated that the predictiorﬂ\l/:d;ngg;?;cséﬁ]omlmlze the positioning of cooling holes in the

of turbine blade heat transfer by two-equation turbulence closures

could be greatly improved. In the absence of film cooling, the

standark— w and two-layek— e models trend to overpredict the

blade surface heat transfer coefficient, due mainly to the spuria2s Film Cooling

prod_u_ction o_f_turbulent energy u_nder Iarge_rat_es of strain. This iSThe same experiment 6], addressed in the companion ar-
a critical failing for turbomachinery applications—known, alyjcle, is computed here for two cases with film cooling. The first is
though not widely appreciated. It was demonstrated that this prapdouble row of staggered axial cooling holes on the suction side
lem can be allayed by simple modifications of the native modelsf the blade; the other has a single row of cooling holes along the
Either of the two cures proposed [i#] and[3] were found to give pressure side. Detailed experimental results for various configura-
substantial improvement in predictions of heat transfer level. Thiens are published in Camci and ArfS—8]. An outline of the
term “limiter” can be used for this generic type of cure.[l], the blade, with the location of the cooling holes and plenum shown, is
limiters improved heat transfer predictions by about 50 perceptesented in Fig. 1.

and reduced the excessive turbulent energy by a factor of aboufn the suction side there are two roé8 of staggered axial
30. It is known from theory and experiment that the levelkof holes located ad/c=0.206, 0.237, witts measured from the lead-
obtained with the limiters is far more plausible than without thenid €dg€, LM, ancc=80 mm. They have diamete=0.8 mm at

The present paper extends the assessment to the problem of fifglr base, and are conically flared, with a 10 deg angle of expan-
sion below the exit. The row and hole spacings are, respectively,

icnogo“hncﬂéD:rlelf)secrotrﬂgué?;ggshc;fv?epg\yivohh;@ ugwhe:hv?/imrqir?lci’tg .5 and 2.6 mm. These holes are inclinec_i at 37 and 43 de_g with
. . ) espect to the local blade surface. A single row of conically
succesd4]. While the far-field full coverage film can be accu-shaped’ axial hole&d=0.8 mm, 10 deg angle of expansicsic
rately gomputgd, the near hole region is more difficult. Correct —0.315) is located on the pressure surféee The hole spac-
prediction of film-cooling heat transfer is directly related to thghq js 2.6 mm. These holes are inclined at 35 deg with respect to
predicting how the jet mixes into the ambient cross-flow. Sugfe local blade surface. More detailed description of the hole ge-
predictions are strongly influenced by the choice of turbulenggmetry can be found in Camci and Aft5—7].
model. The flow through the cascade is under the same conditions
Four configurations were studied in Camci and Ais-8], we as when there is no cooling present: ;,#®0.25, Rg,
will consider only two: suction side cooling and pressure side 8.5-10°, Tu,=5%, T,..=409.5 K, inflow angle=30 deg, The
cooling, with different flow conditions. The overall flow is quiteexit Mach number isM,;s=0.92 and the wall temperature is
complex. It joins together the difficulties of computing the flowr,,=298 K.
and associated heat transfer in a transonic cascade with the neegeveral coolant inflow conditions were analyzed, both for the
for precise computations of the low speed flow in the coolinguction side and the pressure side cooling; notably, coolant tem-
plenum and through the cooling holes. The velocity field in thegieraturesT, and blowing ratiosm=Ucp./(U..p..) were varied.
holes is strongly non-uniform, with large secondary flow effect§}ere, Ucpc is obtained from the mass flux and hole area, and
see[4,9]. The cylindrical holes are conically shaped at the juncL-JxPx is found from local surface pressure, inlet total pressure and

tion with the outer blade surface, adding the difficulty of accd:%entropic rel_ations. . .
rately predicting diffuserlike geometries. The experimental data are presented in the form of spanwise-

. ) averaged heat transfer coefficidntfor a given wall temperature
Computations of this test case have been presentddah T,, (and not in the form of adiabatic effectivengshus, we

These authors used a simple algebraic turbulence model, Withgmnpare the heat transfer coefficiemtwith the computational

any detailed accounting for how the flow in the vicinity of the f”nbredictions obtained with different turbulence models.
cooling apparatus influences the turbulence. In the present paper,

however, we find that predictions vary significantly with the dif- 2.1 Numerical Procedure. For the process of numerical
ferent turbulence models, underlining the need to properly undé@lution of flow equations, the turbulence mode‘rs%dmcatlons
stand the coolant flow and its mixing with the mainstream.  Of two-layerk— e, standard and modifieki— » andv“—f) were

Better understanding of the effects of hole geometry, and bettBiPlemented into an implicit finite volume solver based on a vari-
predictions, especially of its influence on the local flow, could leg@t Of the well known SIMPLE methotsee[12]), with the tur-

to the improvement of the hole geometry design process. M Ience model equations decoupled and solved sequentially, for
details see alsfi].

Contributed by the International Gas Turbine Institute for publication in ¢tiurd Generatlon of a computatlonal mesh for th.ls flow presents a
NAL OF TURBOMACHINERY. Manuscript received by the IGTI, March 20, 2001; M&jOr Cha.”enge- We hfive opted for a mUn"blOCk: StrUCt.ured
revised manuscript received Octoer 15, 2001. Associate Editor: R. Bunker. mesh having nonmatchin@r non-conforming interfaces. This
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Fig. 1 Geometry of cooling holes

gives significant flexibility in generating generic mesh-blocks for
different film cooling configurations—suction side cooling holesig. 3 Detail of the computational mesh, pressure side cooling
pressure side holes, leading edge cooling, etc. holes

There are four non-matching mesh blocks: a plenum mesh; a
mesh in the conical tubes; a portion of very fine outer O-mesh just
above the cooling holes; and the rest of the outer O-mesh. Figured he appropriate boundary conditions for turbulence in the ple-
2 and 3 are details of the grid near the cooling holes. It shows them are uncertain. To see whether this had any bearing on our
higher resolution needed to capture the jet. results we have tested several levels of turbulence intensity, up to

This topology, together with the mesh independence testirdf) percent. No significant effect on the film cooling predictions
lead to the final computational mesh of 750,000 vertices, withias observed since the flow in the plenum has very low velocity
sufficiently fine resolution in the region of the holes. compared to the flow in the tubes, and the same goes for the value

Another matter of concern was specification of inflow boundargf turbulent kinetic energy when compared to the level of turbu-
conditions for the coolant. The coolant plenum was included ignt kinetic energy produced at the entrance of cooling tubes.
the analysis, since the flow at the entrance to the cooling holes isThere was also some concern over the question of the appro-
far from being uniform and the length of the cooling tuhg®  priate inflow temperature to the plenum. For coolant temperatures,
=5-6 implies that at the exit of the cooling tube the flow is not, lower than the wall temperaturg,,, it was not clear whether
yet completely developed, see algt] and[13]. Details of the heat transfer occurs in the plenum via conduction through the
flow field in the vicinity of the plenum-tube junction for the suc-walls. To eliminate this uncertainty, we chose to consider the iso-
tion side holes are presented in Fig. 4. There is a low-momentdhermal caseT.=T,,, exclusively. A few calculations were done
region at the inner wall of the tubes, induced by the turning of theith T.=0.7T,,: they showed loweh; near the exit of the cool-
flow into the cooling tubes. This leads to generation of high levelsg holes than the isothermal case. Experiments showed a smaller
of turbulent kinetic energy at the boundary of that low momentutevel of difference between the cold jet and isothermal cases, but
region inside the tubes. Such an effect can be seen inthef the exit region is where preheating effects would be most
computations presented in Fig. 5. significant.

To match experimental blowing ratios, it was necessary to it- In the results presented [i1] it was seen that the standakd
eratively adjust the plenum pressure. This is a computationaliye ahdk—w models grossly overpredict the heat transfer coef-
expensive procedure, but a good match to experimental conditidigéent h, in the absence of film cooling. When either of the two
was obtained.

77777
N
G

AR
s

Suction side

Fig. 2 Detail of the computational mesh, suction side cooling Fig. 4 Detail of velocity vectors in the plenum-tube junction
holes region, computations with  v?—f model
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Fig. 7 Heat transfer coefficient, h, (W/m?K), suction side
cooling, m=0.45

Fig. 5 Detail of turbulent intensity contours in the plenum-

tube junction I'egionY Computations with V2—f model time SCaIeT, and with thevz_f model. Near the hole thke— e
solution is in good agreement with data, while #fe- f predic-
tion is low.

However, for the high blowing ratian=1.0, Fig. 9 evidences
- . .. _are more significant discrepancies with the experimental data, es-
limiters were invoked, correct levels of heat transfer coefﬁuerb cially in the vicinity of the film cooling holes. This figure pre-
were predlcte;jhover ?OSt c_)(fjthe blaﬂﬁlth lthedprlmadry eXCeption gents results with four models that were assessed for the flow
In & zone on the suction side, near the feading kdge ... without cooling; the standard, two-lay&r €, the [2] modifica-
This tendency was confirmed in the present cases with filp = production, the time-scale imf@], and v>—f. Kato-

cooling; the high values of turbulent viscosity in the passage pre: . N . -
dicted by the standark— e model led to overprediction of heat Eaunder predictions ofi; are a bit higher than obtained with the

- ' time scale bound, and a bit higher than the data in the downstream
transfer coefficient downstream of cooling holes. For that reasorrégion. The nativek— e model grossly overpredicts heat transfer
the majority of our comparisons of humerical solutions to experi-
mental data on heat transfer will be for the- e model with a

bound on turbulent time-scale and for thé—f model.

2.2 Suction Side Film Cooling. The coolant inflow condi- 1500k Experiment
tions of Camci and Art$5-7] for the suction side were blowing n, T’Lﬁﬁeﬁ.si
ratios in the rangen=0.45-1.0, and temperatures in the rangw /m?2K) vZf oo
T./T,=0.6—1.0. For the reason given in the foregoing, we wil
consider only the isothermal casg,=T,,. Since the numerical 1000~

results for lower blowing ratiosm=0.45 and 0.60tend to agree
better with the experimental data, we will put more attention t
detailed analysis of the flow field for the high blowing ratio,
=1.0; See Fig. 6.

As seen in Figs. 7 and 8, for lower blowing ratios the spanwis:
averaged heat transfer coefficidntis predicted reasonably well,
both with thek— e model, invoking the bound on the turbulent ol=t . " . " i

03 04 05 06 07 08 00 1 11 12
s/c

Fig. 8 Heat transfer coefficient, h, (W/m2K), suction side
cooling, m=0.6

flared diffusers . 2000- Experimle(nt o
¢ e —
2 T bound, k-e - -
(W/m?K) Kato-Launder, k-¢ —--
V2f e
15001

s/c
Fig. 6 Temperature and location of characteristic cross sec- Fig. 9 Heat transfer coefficient, h, (W/m2K), suction side
tions, m=1.0 cooling, m=1.0
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Fig. 10 Temperature contours computed with different turbu- 20k 3fok_aenk / CHdosx

lence models, cross section A, suction side cooling, high blow-
ing ratio m=1.0

Fig. 11 Temperature contours computed with different mod-
els, cross section B, suction side cooling, high blowing ratio
m=1.0

in the downstream region. This is due to excessive production of

turbulence by the straining flow in the center of the passage. The

excessive energy penetrates the boundary layer, leading to With the other models. This larger high velocity region is probably
increase of wall heat transféas in the case without cooliligthe a result of a weaker recirculation near the walls of this diffuser
predictionsh, become completely erroneous. part of the tube.

Finally, thev?—f model tends to predict the correct level of It seems that differences in the magnitude of crossflow, as well
heat transfer coefficient downstream of the cooling holes, but nigtthe high-velocity core of the jet, alter the extent of jet penetra-
in the vicinity of the holes. There the level of cooling is overpretion into the mainstream and of the lateral spreading of cool fluid.
dicted, resulting in lower values of, . These differences originatesidethe hole. Their effect on turbu-

In order to better understand the computational predictions l@gnce production and the level of turbulent viscosity in the near
the vicinity of the cooling holes, some relevant quantities wengall region is equally important. The?—f model leads to a
plotted in cross flow planes. Attention is focused on this blowingtronger interaction between the two rows of jets, and therefore to
ratio of m=1.0. The following discusses fields of temperaturenore spreading of coolant across the blade surface in the spanwise
turbulence intensity, crossflow velocity and velocity magnitudelirection.k— e predicts a higher near-wall eddy viscosity.
obtained with the various turbulence models. The locations of
these characteristic cross-sections are shown in Fig. 6: axial sec-
tions(x=cons} A and B are located &/c=0.28 and 0.35, respec-
tively; section C is located at 3/4 of the height of the secon wemoper | | Thoundwkee
cooling tube. 105%

Temperature contours in cross sections A and B are presente
Figs. 10 and 11. They reveal that thd—f model predicts the
greatest spanwise spreading of the region of cold temperature|—#%
the core of the cooling jet. All thre&— e results (standard, T
bound, Kato-Laundgrshow less lateral spreading near the hole

The lateral spreading is due to a pair of counter-rotating, streaw y
wise vortices that form on either side of the hole. Stronger spree) C
) )l

ing causes lower heat transfer because the jet shields the sur
from the hot ambient.

Further downstream, in cross secti@), high turbulent viscos- | kato-Launder k- V2-F MODEL
ity is predicted by the standaid- e model, leading to more dif-
fusion. This causes high temperatures to penetrate from the fr
stream significantly closer to the blade surface than with oth
models.

Turbulence intensity contours in the same cross sectiigs.
12 and 13 seem to be consistent with what was observed in t
case without cooling1]—the nativek — e model, with no limiters, D

strongly overpredicts turbulence levels. C > C
Examining the velocity magnitude contours inside the seco B'm@ SMZ 10.5% g

row of cooling holegFig. 14, which is a plane normal to the axis

of the holg, we can see that the kidney-shaped core of the jely. 12 Turbulence intensity computed with various models,

predicted with thev?—f model seems to be slightly larger thancross section A, suction side cooling, high blowing ratio m=1.0

|
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Kato-Launder K-£

V2-F MODEL

Fig. 13 Turbulence intensity computed with various models,

cross section B, suction side cooling, high blowing ratio m=1.0

2.3 Pressure Side Film Cooling. The inflow boundary
conditions for the coolant for the pressure side experiments
Camci[5] were blowing ratios in the rangm=1.75—4.25(see
Fig. 15, and temperatures in the range/T,,=0.6-1.0. As be-
fore, only the isothermal cas€.=T,, will be considered; the
experimental blowing ratios were 1.74, 3.28, and 4.23.

Similarly to the suction side cooling, lower blowing ratio case

are easier to compute. As can be seen filgnpredictions with
m=1.75 in Fig. 16, solutions to thk— e model with the bound

on T invoked, agree reasonably well with the experimental

measurements.

However, increasing the blowing ratio leads to the situatiofPoling:

where the jet actually penetrates into the mainstream; se¢4lso

As a consequence, a region of increased heat transfer occurs “-=*

downstream of cooling holes/c~ —0.35 in Fig. 18—near the

holes without coolingh; was about 20 percent lower. This phe-hl

K-¢ MODEL

TboundwK-e

upstream upstream

200 m/s -
200 m/s
185 m/s

170 m/s
160 m/s

170 m/s

100 m/s
50 m/s
25 m/s

downstream downstream

Kato-Launder K-& V2-F MODEL
e upstream upstream

200 m/s

170 m/s

e

downstream downstream

Fig. 14 Velocity magnitude with different models, cross sec-
tion C, suction side cooling, high blowing ratio m=1.0 (cascade
inflow Ujpqon =100 m/s)

Journal of Turbomachinery

Fig. 15 Temperature and location of characteristic cross sec-
tions, m=4.25

1500¢ Experiment o
hy T bound, k-¢ —
(W/m2K) V2 ----

1000

500

Fig. 16 Heat transfer coefficient, h, (W/m?K), pressure side

m=1.75
1500+ experiment o
T bound, k-£¢ —
(W /m2K) v2-f ----
1000+ o

07 06 05 04 03

s/c

-0.8

Fig. 17 Heat transfer coefficient, h, (W/m?K), pressure side

cooling, m=3.3

nomenon is difficult to compute accurately. The spanwise aver-
aged heat transfer coefficient for=3.3 and 4.25 is provided in
Figs. 17 and 18, respectively.

The predictions vary significantly in the vicinity of the cooling
holes. The standarkl- e model gives predictions that are similar
to the case of suction side cooling: further downstream the over
estimation of turbulence level in the passage leads to an over-
prediction of wall heat transfe(Note that the downstream direc-
tion in Figs. 16—18 is to the lefs/c——1.)

The v?2—f model does not recover to the right level. This is
consistent with the results without film cooling fift], wherev?

APRIL 2002, Vol. 124 [/ 197
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Fig. 18 Heat transfer coefficient, h, (W/m?K), pressure side
cooling, m=4.25 \/
K

:-:b&
—f already tended to underpredict the heat transfer towards tne

rear of the pressure side. The main discrepancy is due to g 20 Temperature contours computed with different mod-
baselineh;, not to the film coolingper se On the other hand, the els, cross section B, pressure side cooling, high blowing ratio

predictions with thek—e model with the time-scale bound in m=4.25 (blade surface at the top )
place, seem to be in even better agreement with experiments than

for suction side cooling. It is quite remarkable that this simple

modification to the time-scale can improve predictions so

substantially.

As for the suction side cooling, we will investigate the flo
fields more closely for the high blowing rati;y=4.25. Contour
plots are provided at a few characteristic cross-sections, prese
in Fig. 15. Axial sectiongdx=cons} A and B are located as/c
= —0.35 and—0.45, respectively, section C is at 3/4 of the heig
of the cooling tube.

Comparing the computed temperature contours
sections A and BFigs. 19 and 2f) one observes similar tenden-
cies as for the suction side cooling. The core of the jet predict@
by v2—f model spreads more in the spanwise direction than wi
the other models. Figure 19 shows a temperature minimum w
above the boundary layer, with higher temperatures penetrati?@e
under the jet; this is by contrast to Fig. 10, where the temperature

wninimum is adjacent to the surface. Thus, the jet is seen to have
lifted from the wall at the blowing ration=4.25. Downstream, at
rﬁg&tion B, the elevated cold spot has largely dispersed, although it
Is still detectable in the modifiet— e solution (Fig. 20. Al-
Hhough the link between surface heat flux and the jet trajectory is
somewhat circumstantial, it is generally believed that corhgct
in crodedictions depend strongly on correct jet lift-off.
Finally, the velocity magnitude contours inside the tube, at
fpss section C, are presented in Fig. 21. Similar effects to the
ction side case can be seen: slightly high velocity in the core of
g jet predicted with the?— f model, and a slightly smaller low-
ed region on the downstream side.

downstream downstream

50 m/s

35m/s

. 50m/s f
100mis
130 m/s

15mis

170 m/s

200 m/s

K- MODEL T bound w K-¢ K-e MODEL "" upstream Thbound wK-e upstream

downstream

V2-F MODEL V2-F MODEL unsiream
Fig. 19 Temperature contours computed with various turbu- Fig. 21 Velocity magnitude with different models, cross sec-
lence models, cross section A, pressure side cooling, high tion C, pressure side cooling, high blowing ratio m=4.25 (cas-
blowing ratio m=4.25 (blade surface at the top ) cade inflow Ujypon =100 m/s)
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3 Conclusions h, = heat transfer coefficient gy, /(T.— Ty)
= turbulent kinetic energyper unit mass

m = blowing ratio=U.p./(U..p..), based on local free
stream values

= wall heat flux rate

= curvilinear coordinate

e = rate of turbulent energy dissipation

In [1] and here, we have conducted detailed analysis of an
experimentally documented test case. Turbulence models meant
for practical, engineering flow computation have been used. Re- .
sults were presented for the flow in the absence of, and with film q"é
cooling.

The most practically significant result of this study is that the
nativek— e or k—w models can give wildly unreasonable predicSubscripts
tions of heat transfer in turbine passages. This fault is readily . — free stream

cured by invoking a bound on turbulent time scale. Tdogs not ¢ = coolant inflow
mean that the solution is clippgedather where a time-scale is in = inflow
needed, such as in the formulg=C KT, the bounded value is ex = exit
used. For instance, tHe- w eddy viscosity becomes w = wall

1 « o = total conditions

vy=kXmin| —, is = isentropic conditions

@ ols
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e-mail: dbogard@mail.utexas.edu To develop quality computational codes for the film cooling of a turbine vane, a detailed

understanding is needed of the physical mechanisms of the mainstream-coolant interac-
tions. In this study flow visualization, thermal profiles, and laser Doppler velocimetry
measurements were used to define the thermal and velocity fields of the film cooled
showerhead region of a turbine vane. The showerhead consisted of six rows of spanwise
oriented coolant holes, and blowing ratios ranged from 0.5 to 2.0. Performances with low
and high mainstream turbulence levels were tested. Coolant jets from the showerhead
were completely separated from the surface even at relatively low blowing ratios. How-
ever, the interaction of the coolant jets from laterally adjacent holes created a barrier to
the mainstream flow, resulting in relatively high adiabatic effectiveness.
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Introduction for the passage vortex, and Roy et [dl0] for the endwall flow
hrough the turbine passage. However, only Schwarz €tla].
corporated this tool for a study of film cooling. In this study,
16w visualization was used to evaluate the film cooling over a
urved surface. No previous investigations have been performed
Ué'ng flow visualization on the showerhead region of a turbine

One of the most critical areas for turbine vane cooling, wit
respect to failure due to thermal loads, is of the leading edge o
turbine vane. The common approach to the protection of this r
gion of the vane is to incorporate a dense array of discrete fil
cooling holes, typically referred to as the showerhead. Becaus

the high degree of coolant hple-to-holg inte.ractilo.n, this regiqn Thé current study presents data using a combination of these
cannot be reasonably approximated using simplified geometriest o wall” techniques, i.e., thermal field, velocity field, and

with ;mgle and double rows of coolant holes. Furthermore, tqfow visualization, with adiabatic effectiveness measurements for
location of the showerhead in terms of surface curvature and prgss study of showerhead cooling of a turbine vane subjected to
sure gradient varies between vanes and _blades. Consequentlyrﬁgﬁ]stream turbulence levels of Ju0.5 and 20 percent. The
shgwerhead crjegl'(?n of Fhe van(?,ﬁas StL;d'Edlbych’landka El]all. goal of this study was to determine details of the coolant jet in-
and Drost and Bles[2], is very different from leading edge cool- o4 ctions, and jet separation, that occur in the showerhead region.
ing for blades as studied by Du et f&] and Takeishi et al4]. Alﬁo, the mechanisms of the increased dispersion of the coolant
Previous turbine vane studies have concentrated on the lat@f@liseq py the high mainstream turbulence. The thermal field, ve-
averaged adiabatic effectiveness and heat transfer coefficient, iBgty field, and flow visualization results presented in this paper
Drost and Bées[2], and spatially resolved adiabatic effectivenesg,mplement the velocity and turbulence field measurements for
measurements, eg., Polanka efa]. However, both the adiabatic \he same showerhead flow presented by Polanka Et2l. These
effectiveness and heat transfer coefficient only offer a “footprintjetails are essential for a thorough evaluation of CFD predictions
of the film cooling jets. Therefore, while yielding results in overalhs ihe showerhead region since currently the only information

film cooling performance, little insight is provided into the phySinyailaple is what might be considered the “footprints” of these
cal mechanisms involved in the coolant/mainstream interactiofholant jet dynamics.

Identification of these physical mechanisms is essential to the de-
velopment of reliable computational codes. - . .
To investigate the coolant/mainstream interaction, “off-thefcilities and Experimental Conditions
wall” measurement techniques are required. These measuremerthe test facility for this study consisted of a closed-loop, low-
techniques include the thermal and velocity fields as well as flospeed wind tunnel, driven by a 50-hp variable pitch fan. The test
visualization providing visual snapshots of the coolangection, shown in Fig. 1, consisted of a simulated three-vane and
mainstream interaction. Both thermal field measurements, suchtas passage turbine vane cascade with outer by-pass passages and
Thole et al.[5] and Oke and Simof6], and velocity field mea- adjustable walls to assure proper flow about the center model test
surements, such as Pietrzyk et @] and Sinha et al[8], have vane. A full description of the facility is given by Polank&3].
been performed for various flat plate studies. However, similar The geometry of the airfoil was a large scale model of a first
measurements have not been previously made for the showerhs@age modern commercial inlet guide vane. The model vane had a
region. chord length of 59.4 cm and a span length of 54.9 cm. The mate-
Several turbine studies without film cooling have incorporatedal of the test vane was a polyurethane foam that was selected for
flow visualization as a measurement tool, such as Wang &9lal. low conductivity, k=0.048 W/mK, and structural strength. The
leading edge of the vane had a wall thickness of 1.37 cm. The
ICurrently at Naval Surface Warfare Center—Carderock Division, Memphis, TROOlant hole diameter and pitch were constant throughout the vane

38113. ) _ ) and wered=4.11 mm andp=5.55, respectively. Spacing be-
Contributed by the International Gas Turbine Institute and presented at the '”tﬁi\?een rows in the showerhead was 3.3

national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Loui- . . . .
siana, June 4-7, 2001. Manuscript received by the IGTI, October 3, 2000. Paper No.The configuration of coolant holes in the showerhead is shown

2001-GT-401. Review Chair: R. A. Natole. in Fig. 2. The showerhead region consisted of six rows of holes
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thick stainless steel plates spaced 5.5 mm from the inner surface
of the airfoil and molded to fit the contour of the turbine vane
geometry. The impingement holes were 7.8 mm in diameter with
a pitch of 5.58. The impingement holes were located between
the entrances to the film cooling holes in line with the coolant
rows.

To approximate the actual engine conditions for the adiabatic
effectiveness measurements, the coolant temperature was cooled
to 167 K while the mainstream temperature was maintained at
ambient temperature, 300 K, yielding a density ratio of-BIR8.

To achieve this coolant temperature, a secondary flow loop, driven
by an 8.5-hp centrifugal blower, passed air through a series of heat
exchangers, with liquid nitrogen as the coolant. For the thermal
field, velocity field, and flow visualization measurements, the
coolant temperature was maintained at 250 K yielding a density
ratio of DR=1.2. Cutbirth[14] showed that similar film cooling
performance occurred for the two density ratio conditions when
matching the mass flux ratidj.

An infrared camera. Inframetrics 600L, was used to map the
surface temperatures on the center vane model. A full description
of this method is given by Witteveld et 4fL5]. The resolution of
the camera for these experiments was determined to b& 0.6
X 0.6d, and the uncertainty of the surface temperatures were de-
~y / termined to bex1.0 K for T,,>220K and £2.6 K for T,
Adjustable <220K. A hot-wire anemometer and laser Doppler velocimeter
Bleed were used to measure the mainstream characteristics including the
turbulence intensity, spectra, and integral time scale.

The adiabatic effectiveness, defined in Ef), was calculated
by using the surface temperature, coolant jet temperature, and the
mainstream temperature as follows:

Adjustable
Bleed

Turbulence
Generator N\

Test
Main Airfoil

Flow

>

Outer Wall
/

IR Camera

View Port.

Fig. 1 Turbine vane test section

with staggered hole positions between rows. All measurements

presented in this paper were done in the upper or central regions (To=Taw)

of the showerhead, i.e., no measurements are presented for the = (To—To) @
three-dimensional region near the bottom end-wall. For these
measurements, the stagnation line of the flow was positioned-gt Lo . ' .
the center of the third g30w from the pressure side'pthis row i@e uncertainty in effectivenes95 percent confidence interyal

, as dy==0.02 for >0.4, 6p==0.01 for <0.4, and 6y
referred to as the stagnation row or Stag row. The two rows to- — . ; :
wards the pressure side from this stagnation row are referred tofi0££(1;0cr)3all 7. The uncertainty of the blowing ratio was
the PS1 and PS2 rows. Each of the coolant holes in the upper aﬂéjh T

. . S elocity measurements were performed using a three-
middle regions of_the showerhead had an Injection _anglﬁerS component laser Doppler velocimeter constructed using TS1 com-
deg, and were oriented laterallgownward,— z direction with a

. — ponents. For these measurements, collection was performed using
str_(l?g rl?lvsvlljs;‘z g?gézrozov?/oeg?egring the coolant holes, the interior s'ldgéfscadttgr \é\lith Jum-diaéittanium ddit?]Xi?le “Sefih"?‘s tSSEd palrtictle}s.
B o uidized beds were used to seed the flow within the coolant line
the test airfoil included impingement plates consisting of 1-m Lnd mainstream.

The temperature probe used in this study consisted of twelve
type E thermocouples suspended by two 1.5-mm-dia, d).36
prongs. The prongs were spaced two pitches, 4.6 cmdl1agdart.

The thermocouples were &dm-dia wire with 0.4-mm-dia Teflon
insulation. The thermocouples were stripped bare for the center
2.0 mm of the probe, with a 1-mm overlap between the Constan-
tan and Chromel wire, and tack welded. This yielded an array of
0.16-mm-dia, 1-mm-long temperature sensors. The thermal field
data were normalized using E@®)

i
[P
o D D

|y g

0

Measurement
Planes

C(T.-T)
=TT @

The uncertainty in the measurélvalues(95 percent confidence

) interva) was®=+0.01.

Pressure For flow visualization, a 1-mme-thick laser sheet of light was
o o used to illuminate titanium dioxide seed particles within the cool-
ant flow. Imaging and recording of the flow visualization was
performed using a commercial camcorder and VCR. The reduc-
tion of the data was performed using the NIH Image software’s
frame grabber and stepping the image frame by frame. This
yielded instantaneous measurements of approximately 30 frames

000 8008608 0O 0BG QY

£
\9

00093 8GUVVLEOY LY 8N

Fig. 2 Film cooling hole configuration and location of mea- per second. For the time-averaged flow visualization images, eight
surement planes (dashed lines ) images were used collected over a one second interval.
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All experiments were conducted with a mainstream approa
velocity of U, =5.8m/s, which established a Reynolds numbe *
matching that of actual engine operatitRe, 1.2<10°, based on ss
chord length and exit velociy These tests were run with low ands,;] |
high mainstream turbulence. The low mainstream turbulence le
was Tu,~0.5 percent. The high mainstream turbulence generat *®
described by Cutbirth14], consisted of 12 vertical, 3.8 cm diam- os :
eter bars located 12.2 rod diameters upstream of the vane leat % sss 75 525 555 e85 % .75 765 555 5
edge. At a positionx/C=0.14 upstream of the airfoil the turbu- F b sice 3 preguesie
lence intensity wasi,,s/U..=0.20, with an integral length scale s T .=
of Ay=4.2cm orA¢/d=10. At this position the mean velocity
profile showed no indication of wakes from vertical bar drid,
and the profiles of the three turbulence components were unifo

within =10 percen{16]. 15

ST e Zp=122 Zp=112

N

o o
Results 985875 -7-65 655 5 885875 -7-65 655 5

d d
Several aspects of the showerhead injection process were ex- D D

amined. First was the “build-up” of coolant due to the laterakig 4 Thermal profiles above the surface and along the PS2
merging of coolant jets in the showerhead region. Coolant jgjw of holes showing the build-up effect for Mg=15
separation was then investigated for a range of blowing ratios.

Particular attention was placed on examining the phenomenon of

a dramatic increase in adiabatic effectiveness performance at a ) . .
critical blowing ratio for the showerhead. Finally, the influence dft€rmal field was essentially unchanged from jets no. 6 through

very high level and large-scale mainstream turbulence was dettf: Interestingly, in the build-up region through jet no. 6, there
mined. Results from these studies follow. was not only an increase in coolant surrounding the jet cores, but

the maximum® level increases. This may be attributed to entrain-

Coolant Build-Up Effect. In a previous study of the shower- ment of colder fluid into the cores of the jets as the fluid surround-
head adiabatic effectiveness for this vane, Poldi&h showed a ing the jet cores becomes colder with the build-up of coolant.
“build-up” of coolant as coolant jets directed downward com- Similar to the stagnation row of coolant holes, a trend of in-
bined with other coolant jets farther down the row of holes. Adiacreasing® for jets farther down the row was observed for the PS2
batic effectiveness results indicated that a regular periodic condeolant row(Fig. 4). This increase was observed for both the core
tion between holes was not obtained until the 4th hole from tte# the coolant jet and the near-surface fluid, particularly upstream
top, for low blowing ratio, or as far down as the 8th hole for higlof the PS2 coolant row. A regular periodic pattern in the thermal
blowing ratio. One objective for this study was to determine hoield was obtained starting from jet no. 5.
this “build-up” of coolant, which occurs moving down from the
top holes in the showerhead array, alters the thermal field. Figu

3 and 4 present the thermal field measurements centered abou - ; .
stagnation row of holes, Stag row, and the second row beyond g row, and ay/d=1 for the PS2 row. This separation of the

stagnation row on the pressure side, PS2 row, respectively, fof@/ant jét is also observed using the flow visualization. Visual-

blowing ratio ofM g,=1.5. These figures show thermal field crossZations .Of the _f|rst four holes in the Stag row are sh_own_ln Fig. 5

sections inx—y (streamwise-normalplanes each located at thefo" Plowing ratios ofM =0.5, 1.0, and 1.5. These visualizations

top of a coolant hole. |nd|cate separation of the coolant jets occurs fOI’. all blowing ra-
Clearly evident in the thermal field cross sections for the staPs: Als_o, F‘O“C_eab'e from the flow visualization is th&.u th_e pre-

row shown in Fig. 3 are the cores of coolant jets displaced frofffding jet is diluted well before the second successive jet. The

the surface. The coolant jet evident above each hole actually ori 9”26“ lf'eld r(]:rossds?]ctlotr:s Icentgred ?br?m the Sftar? coolrls\nt row,

nates from the hole adjacent to it. Consequently, in Fig. 3 we hay&- 6. also showed that the location of the core of the coolant jet

indicated a jet number reflecting which hole from which the jet

originated starting from the top of the row of holes. The thermal

fields indicate an increasin® level, i.e., lower temperatures, Measurement Plane

from jets no. 3 through 6. Farther down the row of holes, th;

SCoolant Jet Separation. Jet separation is clearly indicated in
. 3 and 4, with the core of the coolant jetydtl=2 for the

3 Jet #=12] o, T Tp=122 St Jet Zp=112 6 Jet Zp=102

325 05(325 g o525  los|R2s: 05|
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Fig. 3 Thermal profiles above the surface and along the Stag Fig. 5 Flow visualization of showerhead film cooling holes at
row of holes (x/d=0.0) showing the build-up effect for Mg,  x/d=0.0 and with Tu ,=0.5percent. (images averaged over 1
=15 second at 8 frames /s)
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Fig. 6 Effect of the blowing ratio on the film cooling jet for the
Stag row of holes (x/d=0.0). Profiles at z/p=7.2 and with
Tu,=0.5 percent.
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Fig. 7 Comparison of laterally averaged adiabatic effective-
ness for the showerhead region with Tu  ,,=0.5 percent.

was constant over a range of blowing ratios fridfn=0.8 to M
=1.5. However, as the blowing ratio is increased, the overall (b)
thickness of the coolant layéas defined by th&=0.05 threshold

level) increases frony/d~3.5 toy/d~4.5. Also as the blowing _. N .

ratio was increased the coolant jet core became more dissociai _Ssperscr;?‘\a'elghﬁflésdZ’::téﬁosvf{r?gtﬁgzss ((;(;n;/?:ri {Oc; -2;] d (5

from the surface. M
The separation distance for the coolant jets along the stagnatio

row of holes was surprisingly large. However, this large separa-

tion is understandable when examining the velocity field ap-

proaching the stagnation line. The velocity field measuremeritsn to the coolant jets exiting the stagnation row of holes until

presented in Polanka et &1.2] show that the mainstream velocitybeyondy/d=2. This is consistent with the flow visualizations

decelerated to less than 20 percent of the approach velocity whetrown in Fig. 5 which show the coolant jet continuing at the exit

within 2d of the surface. Consequently, there is little counteraangle of 25 deg until beyong/d= 1. For the coolant jets from the

=15
n
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zlp

PS2 row, the separation distance was ofily= 1, which is attrib-
utable to a stronger mainstream cross-flow at this location.

Jet-to-Jet Interaction Causing Increased Adiabatic Effec-
tiveness. In an earlier study, Polanka et 4ll], a dramatic in-
crease in adiabatic effectiveness in the showerhead region was
found to occur at a critical blowing ratio of nominali = 1.5.

This sudden increase in adiabatic effectiveness is shown graphi-
cally in Fig. 7 in which the laterally averaged adiabatic effective-
ness.y, atx/d=—5 and—9 are presented as a function of blow-
ing ratio. These positionsx/d=—5 and —9 correspond to
positions between the PS1 and PS2 rows, atidl@vnstream of

the last(PS2 row of holes in the showerhead, respectively. This
figure also shows repeats of these measurements in the current
study confirming that a large increasesjnoccurs as the blowing
ratio increases fronMg,=1.3 to 1.5.(The differences between
Polanka et al[1] and current measurements at ldw may be
attributed to a sensitivity to precise location of the stagnation line
along the stagnation row of holgs.

The basic reason for the sharp increase in adiabatic effective-
ness with increasing blowing ratio is evident in tlyecontours
shown in Figs. &) and(b). These figures present thecontours
for the showerhead for blowing ratios below and above the critical
blowing ratio. Clearly evident is a large increasesjrievels for
Mg,=1.5 compared tdd 4= 1.0. If the jet trajectories for the PS2
row of holes, at x/d
=—6.7, for the two blowing conditions are compared, the reason
for the “step” increase is identified. For thelg,=1.0 blowing
condition, the jet trajectory of a preceding hole is redirected
downstream before it reaches the laterally adjacent coolant hole.
This allows hot mainstream air to penetrate between the coolant
holes. However, for théMy,=1.5 blowing condition, the trajec-
tory of the jet follows a path which comes close to intersecting the
laterally adjacent coolant hole. Hence, for the higher blowing ratio
there were no gaps between coolant jets, which prevented penetra-
tion of the mainstream.

Further details of the jet-to-jet interaction in the showerhead
region were obtained using velocity field and thermal field mea-
surements. The velocity and thermal fields centered about the PS2
row of holes and positioned atp= 7.2, which is at the top of the
coolant hole, are presented in Fig. 9 for blowing ratiosM,
=0, 1.0, and 1.5. The velocity field with no blowing. Figur@p
shows that the coolant jets from the PS2 row were subjected pri-
marily to a cross-flow of a magnitude approximately one-half the
approach velocity. Consistent with thgcontours discussed pre-
viously, the normalized thermal contours figr,,= 1.0 were gen-
erally ®=0.3 near the wall. This was substantially lower than the
contour levels foM .= 1.5 which were generallp~0.5 near the
wall.

Based on theyn contours shown in Fig. 8, foMg=1.5 the
coolant jet core from the hole above would be expected to inter-
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Fig. 10 Comparison of laterally averaged adiabatic effective-
ness for the showerhead region with Tu =20 percent
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03 Fig. 12 Flow visualization of the Stag row  (x/d=0) for Mg,
46+ =1.5 and Tu, =20 percent— (a) time-averaged, and (b) instanta-
02 neous images
44 0.1
0o The increased adiabatic effectiveness for higher blowing ratios
427 was hypothesized to be due to a blockage of the mainstream by
the coolant jets. Measurements of the velocity field confirmed this
404 blockage effect. Contrasting Figs(t® and (c), the velocity field
showed a strong inflow towards the wall fivtg,=1.0, while for
38 Mg,=1.5 the flow was stagnated upstream of the coolant jet indi-
14 -2 -0 -8 6 4 o 0 2 cating a blocking by the coolant jet. With the mainstream blocked
vd away from the wall, a larger concentration of coolant occurs re-

sulting in greatly improved adiabatic effectiveness.

High Turbulence Effects. The variation ofz with blowing
ratio for high mainstream turbulence conditions,, #20 percent,
are presented in Fig. 10, again at positiahd=—5 and—9. The
n values under high mainstream turbulence conditions were de-
creased compared to the low mainstream turbulence resefes
to Fig. 7). Furthermore, they distribution had only a slight “step”
increase iny, and this increase occurred at a slightly higher blow-
ing ratio, Mg,=1.7. Spatial details of the differences in adiabatic
effectiveness with low and high mainstream turbulence are pre-
sented in Fig. 11. These spatial contours show that the high main-
stream turbulence causes a general reduction in the levels of adia-
batic effectiveness within the showerhead region, and a greater
decay rate downstream of the showerhead.

Insight into the physical mechanisms involved in the increased
dispersion by the high mainstream turbulence was obtained using
flow visualization. Figure 12 shows a time-averaged image of the
coolant distribution, and a sequence of instantaneous snapshot
showing the time variation of the coolant distribution. Comparing
the time-averaged image for the high mainstream turbulence, Fig.
12(a), with that for low mainstream turbulence, Fig. 5, the in-
creased dispersion of coolant between the coolant jets is evident.
More informative are the instantaneous snapshots of coolant dis-
tribution shown in Fig. 1@). These snapshots show large ele-
ments of coolant fluid, often much larger than the jet diameter,
being convected away from the wall. These images show that the
increased dispersion by high mainstream turbulence is due to large
scale break-up of coolant jets. In retrospect, considering that the
integral length scale of the mainstream turbulence was 10d,
it is not surprising to find this break-up of the coolant jets by the
mainstream turbulence.
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Fig. 11 Effect of mainstream turbulence level on adiabatic ef-
fectiveness contours for Mg,=15 and DR=1.8. (a) Tu,
=0.5 percent, and (b) Tu, =20 percent

sect the plane of the thermal field»dd =8, and this is consistent Conclusions

with the position the low temperature core evident in Fi¢g).9 This study was performed to provide more detailed measure-
The superimposed velocity field shows that this separated coolamnts of the showerhead region than that given by previous adia-
jet core was still moving away from the wall. However, the batic effectiveness measurements. These detailed measurements
contours forMg,=1.0 indicate that the coolant jet core did notonsisted of flow visualization, thermal profiles, and LDV mea-
intersect the plane of the thermal field shown in Fig. 9. Conssurements, yielding “off-the-wall” insight into the interaction of
quently, the low temperature peak evident in Fi¢h)%hould be the mainstream and coolant flows.

interpreted as the edge of the coolant jet coming from the upperDue to the spanwise orientation of the coolant holes and the
hole. This low temperature peak was quite close to the wadll, near-stagnated mainstream flow within the showerhead, interac-
=0.3, indicating that the coolant jet does not have much sepatién among the coolant jets causes a build-up of coolant levels that
tion for the lower blowing ratio oM y=1.0. continues up to six holes from the start of the row of holes. This
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result is an important consideration for any experimental or com- = adiabatic effectivenessT((— T /T.—T,)
putational study of showerhead cooling flows in showing that = spanwise averaged adiabatic effectiveness
regular periodic conditions are established only after a large num- A; = integral length scale
ber of holes from the end of the row. streamwise injection angle

Coolant jets from the showerhead were found separated from ©® = nondimensional temperatur@ {(—T/T,,—T,)

i
7

S
Il

the surface even at relatively low blowing ratios. Along the stag- p = density
nation row the core of the coolant jets separated as mucldas §ubscripts
from the surface, while jets from the following rows had less

separation. This separation is due to the lack of a strong main- aw = adiabatic wall

stream flow near the surface in the stagnation region.

¢ = coolant

For low mainstream turbulence conditions, a “step” increase in % = approach condition
effectiveness was seen for the showerhead region as the blowing
ratio is increased betweavig,=1.0 and 1.5. The sudden increasereferences

in adiabatic effectiveness occurs when trajectories of coolant jet
have a strong enough lateral component that they interact with th
laterally adjacent coolant hole. The high level of adiabatic effec-
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Modeling the Air-Cooled Gas
Turbine: Part 1—General
Thermodynamics

This paper is Part | of a study concerned with developing a formal framework for mod-

J. B. Young eling air-cooled gas turbine cycles and deals with basic thermodynamic issues. Such
e-mail: joy@eng.cam.ac.uk cycles involve gas mixtures with varying composition which must be modeled realistically.
A possible approach is to define just two components, air and gas, the latter being the
R. C. Wilcock products of stoichiometric combustion of the fuel with air. If these components can be
represented as ideal gases, the entropy increase due to compositional mixing, although a
Cambridge University Engineering Department, true exergy loss, can be ignored for the purpose of performance prediction. This provides
Trumpington Strest, considerable simplification. Consideration of three idealized simple cycles shows that the
Cambridge, CB2 1PZ, United Kingdom introduction of cooling with an associated thermal mixing loss does not necessarily result

in a loss of cycle efficiency. This is no longer true when real gas properties and turbo-
machinery losses are included. The analysis clarifies the role of the cooling losses and
shows the importance of assessing performance in the context of the complete cycle. There
is a strong case for representing the cooling losses in terms of irreversible entropy pro-
duction as this provides a formalized framework, clarifies the modeling difficulties, and
aids physical interpretation. Results are presented that show the effects on performance of
varying cooling flowrates and cooling losses. A comparison between simple and reheat
cycles highlights the le of the thermal mixing loss. Detailed modeling of the heat
transfer and cooling losses is discussed in Part Il of this paper.

[DOI: 10.1115/1.1415037

1 Introduction correctly assessed without consideration of the gas turbine cycle

The cooling of gas turbine blades using air bled from the co as a whole. Given the importance of cooling to gas turbine tech-
2 o ology, it is therefore surprising that, with some notable excep-

pressor has been standard practice in the gas turbine |ndustr;t;}8rtls (El-Masri [6,7], Chiesa et al[8], Facchini et al[9]), there

30 years. The technology was originally developed for aelfave been few z’itt,empts to analyz’e the engine as a’ whole and

engines, but is now used routinely on machines specifically d

. ; . ﬁ‘entify the source and magnitude of the cooling losses. Indeed,
S|gn§d for electrical power generation. Curren(3000, Fh.e most published works give few details, if any, of the cooling mod-
maximum combustor outlet temperatu€€OT) for a civil

A ’ els used. Consideration soon shows, however, that it is surpris-
aeroengine is 1870 K at take-aft550 K at cruisg and for an _jnqy difficult to specify the losses in an unambiguous manner and
aeroderivative gas turbine for power generation it is 1780 K. Th&\,chy writing on turbine cooling is confused and imprecise in this
maximum COT of heavy-duty industrial machines is about 17QQspect. The present work is an attempt to clarify matters by pro-
K. The rotor inlet temperatur€RIT) is often quoted as more in- viding a formal framework for analysis together with a more spe-
dicative of performance than the COT. This is the mixed-out totglfic examination of heat transfer and loss models. Part | discusses
temperature in a stationary frame of reference at exit from the fifgle general thermodynamics of air-cooling, addressing some is-
stage nozzle row and in air-cooled machines is 100-150 K legges that have previously been neglected. Part Il describes heat
than the COT. The maximum allowable blade temperature dgansfer and loss models that are sufficiently general for cycle
pends on the material, stress levels and application. State-of-thgfculations but that can be finetuned to provide the accuracy
art values are 1370 K for aero-engines and aeroderivatives, aaguired for initial design work.

1250 K for heavy-duty industrial machines.

Most manufacturers have undertaken extensive research pro- The Working Fluid
grams on interal convection cooling and external film cooling Gas turbine cycles with cooling involve gas mixtures with vary-
(Lakshminarayangl]). The main objective has been Improved|ng composition. A realistic analysis cannot avoid this complica-

heat transfer performance, allowing higher turbine inlet temperf?-n but it is important to adopt a model for the working fluid that

tures and increased cycle efficiency. Unfortunately, |ncreas&ﬁ” aid physical interpretation while maintaining computational

cooll_ng flowrates_result in higher ae_r(_)dynamlc ar_1d therm()dyofccuracy. The traditional approach is to assume perfect gas behav-
namic losses, which offset the beneficial effect of increased tlili-

S . ) r with different values ot, andy upstream and downstream of
blne_lnlet temperatures. Cooling losses have been the_subject(? & combustor. This is unsatisfactory, however, not only because
few investigationge.g., Day et al[2]) but have not received the ' !

same attention as the heat transfer. Recently, MacAfiand of the large temperature variations, but also because the gas com-

; ) ition in the turbine varies with the air/fuel ratio and the injec-
Horlock et al.[4] have suggested that, with current materials tec ositio e turbine varies e air/fuel ratio and the injec

| further i in COT miaht actually lead 1o a d ion of coolant. For computer calculations, these problems are
ir:]occ;%l/é g%ictieerr:réireases n might actually lead to a ecrea@gsily overcome by representing the gas as a semi-perfect mixture

. of its component species,,N O,, CO,, and HO. The semi-
As noted by Dentom5], the effects of blade cooling cannot beperfect gas assumptiofi.e., temperature-dependeag and )
ives good accuracy and is convenient for analytical work. Intro-

Contributed by the International Gas Turbine Institute and presented at the 4 ; :
International Gas Turbine and Aeroengine Congress and Exhibition, New OrIc—:-ansDCIng a pressure dependence d:grand ¥ Via a more complex

Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbﬁguation of state is an unnecessary complication that does little to
Institute February 2001. Paper No. 2001-GT-385. Review Chair: R. Natole. improve accuracy and much to impede understanding.
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An attractive alternative approach, equally correct, is to recog- mg p T T ]
nize just two gaseous components, nanatyandgas Air (sub-
script @) is defined to be a mixture of 21 percent @nd 79 gas (1) MIXING (motmo b s
percent N by volume, whilegas(subscriptg) is defined to be the air (2) —— (3)
products of complete stoichiometric combustion of a given fuel in =
air (not oxygen. For a specified fuel, the composition ghs mep T
remains constant throughout the cycle. Its properi@ssa semi- (@
perfect mixture of N, CO,, and HO) can be established at the
start of the calculation. P, Q
A two-component description implies that the working fluid can T i ps T
be represented anywhere as a mixturaiofandgas This model mg p T 1 z
is therefore restricted to cycles involving complete oxidation of e MIXING
the fuel with negligible dissociation of the combustion products. gas (1) ~J — 53
Separation into more basic chemical constituents is not allowed air (2) -1 Semi- —
and cycles involving coal gasification or G@eparation, for ex- > o pormestle
ample, are excluded. Despite these constraints, the two- m, p T 1/
component formulation is very convenient for analyzing many T pat T
types of gas turbine power plant. Furthermore, the model can be (b) P, Q.

extended by adding extra components. Thus, for steam-injected
gas turbines, the injected,8 can be introduced as a third com-Fig. 1  (a) Irreversible mixing with entropy creation;  (b) revers-
ponent that is treated separately from thgdHn the component ible mixing with zero entropy creation

gas
Adopting the two-component semi-perfect gas description, the
changes in specific enthalpy and entropy of compoméatr or AS = (My+my)[XgSy(T3,Pg3) +XaSa( T3, Paz) ]
gas between states 1 and 2 are given by,
T, - [mgsg(Tx p) - masa(Tvp)] (3b)
hi(Tz)—hi(Tl):f Cpi(T)dT’ (1a) Substituting Eq(2b) then gives,
T
. ' AE:(mg+ ma)smix,S (30)
si(T2.pin) —Si(Ty p.l):f 2Cpi(T') dT' -R, In(%) wheres,, 5 is the specific entropy of mixing of the downstream
noe AR T T " pin flow. The result is easily generalized to multiple inlet and outlet

(1b) streams.
Equation(3c) shows that entropy is created by the irreversible
ffusional mixing of theair with thegas If T is also the ambient
temperature, theMAY represents a loss of useful power and
R¥ould be included as such in an exergy analysis of the type ad-
vocated by Kotag10]. It is worth examining, however, exactly
how this loss might be avoided. One conceptually possible pro-
h(T,x;)= 2 x;h;(T) (2a) cessis shown in Fig.(h). Each stream is expanded reversibly and
i isothermally in a turbine to its final mixtuneartial pressure and
mixing then occurs reversibly through semi-permeable mem-
S(T,Pyxi):z XiSi(T:pi):Z XiSi(T,P) + Smix (2b) branes.l The entropy creation is now zero and the turbine power
i i output isTAY.
There may be other ways of avoiding the entropy creatidn
but all such processes must involeyersiblecompositional mix-
D; ing. This never happens in gas turbine plant and henceoati-
—) == 2 XiRi Iny; (2¢) positionalmixing losses are essentially unavoidable. Furthermore,
P : the location in the cycle where the loss is incurred does not affect

Clearly, s,,x depends only on the composition and hence remaif2€ shaft power output so long as all gas components are ideal.
constant so long as this does not change. It is zero forgiumnd This can be seen by considering the reversible, adiabatic expan-
puregas If a four-component description were useg,, would Sion of twoideal gases over a given pressure ratio. If the gases
still depend only on the composition but its value would be difcould have the same values of and y but were, nevertheless,
ferent. For equations of state involving pressure deperjeand distinguishable, thehaftpower output would be independent of

7, Smix Would be a function of temperature and pressure as well @éether mixing took place before, during, or after the expansion.
composition. However, if thec, and y are pressure dependent, then so too is

smix (because of the change of intermolecular potential energy

during mixing. The entropy created during compositional mixing

then varies with the pressure and the shaft power depends on the
3 Exergy Loss in Compositional Mixing location where mixing takes place.

Figure Xa) shows two low-velocity streams, both at presspre ASSuming semi-perfect gas behavior, a rational approach is to
and temperatur®, mixing adiabatically. Stream 1 is pugaswith accept the |neV|tab|I|t_y of comp(_)snlonal mixing losses _and ignore
mass flowrateng and stream 2 is purair with mass flowraten, . them completely. This can easily be done by neglectingsfhe
The downstream pressure is adjusted so thatp. Neglecting term in Eqg.(2b) and gvaluatlng the mixture specific entropy as if
changes in kinetic energy, the steady-flow energy equation is, '?’ﬁCh component existed alone at the mixture static pregsure

By Dalton’s law, the mixture static pressure is the sum of th&xI
partial pressuresp=3p;. If x andy represent mass and mol
fractions, respectively, the mixture specific enthalpy and entro
are given by,

wheres,, is the specific entropy of compositional mixing,

Smix= — E Xi Ri In
i

(mg+ ma)[xghg(T3) +Xaha(T3) 1= mghg(T) +mgh,(T)

(32) S(T,p.x) =2, xs(T,p) @
As Xg=mg/(mg+m,) and x,=m,/(mg+m,), it follows that :
T3;=T. The rate of entropy creation by irreversible processes i his is the approach that will be adopted for the rest of the paper.
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fuel my

Pa, Ty m .
Reversible t+———> M @

3 m,
air My s10ic N Mg = My + My s0ic @
pa, Ta I Q0 J/
(@) Ta Prnas (a) m+my
ﬁtel my
P Zé_a air + gas my G
Reversible ——> my+m, ma+my
air mg> Mg goic pa, Ta my

Pa, Ta i Q \L mgtm, @ m, S
mg+m +my
(b) Ty Ppax @ )

Fig. 2 (a) Ideal power plant with stoichiometric air supply; (b)
ideal power plant with excess air supply b) ma+me+my
4 Ideal Gas Turbine Plant @
Figure 2a) shows an ideal gas turbine plant operating with a i
stoichiometric supply of fuel and air. All fluid streams enter or mg+ny
leave at ambient pressupg, and temperaturd 5. All processes my
are reversible including the heat transfer with the environment. i
Under these conditions, the maximum power outBU.y is M+ HNe @ el Mg+ 41y
achieved and is given by the decrease in the steady flow availabil- \
ity function (or exergy. In terms of the two-component descrip- @ || ]
tion, the exhaust stream is pugasand, l H @
L]
Pmac— ~Mi(AHA=TAAS)) = —m;AG, (5a) @ Me @ 6

whereAH, andAS, are defined by,

A A Y ) Mg+ +meytny

—MtAHA=Mihia+ Mg soidlaa— Mghga . ) ) ) )
Fig. 3 (a) Ideal uncooled gas turbine; (b) ideal cooling of first
—MtASy=M;Sta~+ My stoiSan™ MgSga stage stator; (c) ideal cooling of first stage stator and interme-

with mg=m, goict M. The subscrip@ implies property evalua- diate stage
tion at (Ta,pa)- If TA=25°C andp,=1 bar, and if the properties
of gasare established ignoring the entropy of mixing, the@
=AG, the standard Gibbs function change for the fuel. This, it ) L .
will be recalled, corresponds to all chemical species entering ag compressor and turbine efficiencies are 100 percetihere
leaving individually at a pressure of 1 bar. F,#25°C orp, &€ no total pressure Iosses in the com_bu_siur)_ the two com-
#1 bar, therAGp#AGy. P, therefore varies with the ambient ponents of the \_/vorklng fluid, although distinguishable, behave as
pressure and temperature. perfectgases with thesamevalues ofc, and y. All three cycles
In practice, all power plants operate with excess air as shownf}gveé the same compressor pressure ratio, and the aanamd
Fig. 2(b). The maximum power output is still equal to the decreadse! mass flowrates entering the combustor. The COT is therefore

in the steady-flow exergy but this is now givemsing Eq.(2b)] ~the same in all the cycles. As noted by Denl&ih the net power
by, output and cycle efficiency are the same in all cases. This is sur-

prising because the cycles of FiggbBand 3c) include exergetic
Pmax= = MAGA+ (Ma+Mp) T aSix (5b)  losses due to thermal mixing that are not present in the cycle of
where s, ¢ is the specific entropy of mixing of the exhaustd: 3@- The explanation is only revealed by an exergy analysis.
stream. Eduatiome) suggests thaP,,, increases with the air/ The first and second laws of thermodynamics are applied in the
fuel ratio but this is not so because the final term, representing tg/@l way to the compress¢€), combustor(B), expander(T),
accumulated entropy of compositional mixing, is an unavoidabfB™Xer (M), and exhaus(E). Values ofh ands are obtained by
loss. In all practical situationB,,, is still given by Eq.(5a). setting €, = Cpq=const andR,=R,=const in Eq.(1). The spe-
The conclusions of sections 2—4 are important. They show tHifi¢ entropy of each component is evaluated at the local mixture
it is unnecessary to introduce compositional mixing losses aﬂa.essulre.'A's STO‘Nn above, this is eqflfjlvalehnt t% |gf;nor|ng compo-
consideration of partial pressures so long as all component gaS&@nal mixing losses and does not affect the shaft power.
are ideal and all mixing processes occur irreversibly. For ambienft he results are best presented in nondimensional form in terms
conditions of 25°C and 1 bar, the relationshig,,=—mAGy, ©! the parameters (dimensionless COJT 7 (compressor isentro-
widely thought of as a useful approximation, is actually exact fdtiC temperature ratjoande (fuel/air ratio, defined by,
practical gas turbine power plant. A more complicated approach T T D, 71 m
simply obscures the thermodynamics. o= — ;=2 :(_2) e= —
Ty Ty \ps My

5 Exergy Analysis of Three Ideal Cycles Dimensionless versions &fG,, AH,, andAS, are also defined
Figure 3 shows three cycles that are ideal in the sense(that:by,

(62)
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AG, — AH, — AS, 50—

G =—A -_ 2 —_ " li
AGp Ty AHp CoT AS, 5 (6b) @ (a) nocooling
PowerP and lost powel are nondimensionalized as follows: B 40 B () 1 cooling stream
Q
3
5 _P - ! (60 < 304 B (¢) 2 cooling streams
mMaCpTy MaCpTy f—"a

Consider first the basic gas turbine cycle without cooling showr &, 49
in Fig. 3(@). Expressions for the dimensionless power and lost &
power of the individual components are given in Appendix 1. g
Combining these gives the following expressions for the netax 10—
power and cycle efficiencfdefined in terms of the lower heating
value of the fuel: 0

1 Net output  Combustor Exhaust Mixing
1-—]-(—1 (78) power loss loss loss

P=P;+Pc=(1+¢)0

1 Fig. 4 Exergy analysis of the cycles of Fig. 3
(1+s)0( 1- ;) —(7—1)

T T AR, (A+e)(0-1)—(7—1) (70)
A The actual entropy createdmg -+ m;+ms)(Ssa—Szap), Must
The maximum available power is given by, be specified by a user-defined physical modEhis is true of all
— - = - — — loss terms in calculations that do not use the momentum equa-
Pmax= P+ Pctlg+lg=—eAG, (7¢)  tion.) To specify a condition of zero total pressure loss and then to

describe the consequent entropy increase aghienal mixing

Figure 3b) shows a cycle where air is withdrawn at compressd ssis not strictly accurate. However, in Part Il it will be shown

exit, bypasses the combustor, and is mixed with the mainstre&?gt the entropy created during (possibly high-spegdmixing
flow in the first turbine stage, upstream of the rotor. It is assum@jocess of different gases can be decomposed into components,

that there is no change of total pressure during mixing, but tHi&'e of which can be identified unambiguously as a thermal mixing
does not imply that the mixing process is ideal in the sense th38S:
there is no exergy loss. In Appendix 1 it is shown that the ne%-_rhe fact that all three c_ycles hgve the same power output and
output power and overall efficiency are still given by EGga) © ficiency can be misleading, as it tends to suggest that the ther-

and (7b) but the maximum available power is now given by ~ Mal mixing loss is unimportant. This is a commonly held belief,
o but it is important to realize that the above-described analysis

Pra=Pr+Pctlgt+ly+leg=—cAG, (8) applies only to simple cycle gas turbines. For gas turbines with

. . . reheat, regenerative heat exchangers, or bottoming cycles, the
Equation (8) shows that, although the maximum available,nciysions are quite different because, in each case, it is advan-

power is unchanged, the loss distribution is different. The ext{ggeqys to overall cycle efficiency to maintain a high turbine ex-

exergy loss due to the mixing of two fluids at different tempergs, st gas temperaturén the case of reheat, this statement refers

tures is exactly offset by the reduced exergy loss of the exhaysthe Hp rather than the LP turbinén extension of the analysis

gas(which emerges at a lower temperafurlowever, although 15 5 reheat cycle shows that ideal cooling of the HP turbine results

the net power output and overall efficiency remain the same, t}?fes,ubstantial changes to the power output and cycle efficiency.

compressor and turbine mass flowrates are both increased andifigjing of the LP turbine using air bled from the compressor with

specific work output of the machine is therefore reduced. ero pressure loss causes no further change, however. Such con-
Figure 3c) shows a cycle with an extra cooling flow extracted;ijerations highlight the importance of treating the thermal mixing

part-way through the compressor. Assuming there is no total preSss and the exhaust loss separately rather than trying to offset one

sure loss in th_e second mixing process, it can be shown that inst the other.

maximum available power, the net power output, and the overally)qre importantly, the numerical equivalence of the thermal

efficiency are all unchanged. The breakdown of the maximufjixing loss and the decrease in the exhaust loss, far from being a

power is given by, general result, is only true under special circumstances. It is not

D DD oa a1l a1 a1 ~ true, for example, if the turbine and compressor efficiencies are
Pma=PrtPetletluitlvtle=—eAGx ©)  less than unit; This is easily shown by F:epeating the analysis,

and the extra loss incurred during the second mixing processaitowing for irreversibilities in the turbomachinery.

exactly offset by a further decrease in the exhaust loss due to the

reduced exit temperature. The specific work output is further re-

duced because of the increased air flowrate entering the compres- Minimum s

sor. The exergy analyses for the three cycles are shown graphi- defined by 2* Law @

in agreement with Eq5a).

cally in Fig. 4 (7=2.87, 6=5, AGp,=AH,=165, ¢=m./m, \‘ Defined by
=0.1). ) I Law
The entropy created during the mixing process of Fig) 3 ---------;,F-'— ------
(loosely termed théhermal mixing loskis depicted graphically in h et 1
Fig. 5. The mixture specific enthalpy is fixed by the first law of - i
thermodynamics and the minimum mixture specific entropy by the @ . T
second law: < @
As assuming
(mg+ms+mg)hgza=m:hgot+ (My+ M) hgs (10a) @ no loss of po
on mixing
(Mg + Mg+ M) Sza= (My+ Mi+Me)Szan $
=MSy+ (My+Mg)s3 (100) Fig. 5 Mixing of two streams at constant total pressure
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rows will be presented in Part Il. Taking a global viewpoint at this

3 1.006 - stage, however, the following list represents sufficient information
x for calculating the cycle efficiency of a simple air-cooled gas
E 1.004 turbine:
=]
o (i) The compressor pressure ratio and polytropic efficiency.
§ 1.002 1 . K . (i) The cooling mass flowrates and their respective bleed
E , Air 900K, Cpa =1.12kJ/kgK pressures.
a i Gas 17°°K'_ Cpg =1.28kJ/kgK (iii) The calorific value and composition of the fuel.
Pressure ratio = 36 (iv) The combustor outlet temperature and total pressure loss.
0.998 " ™ 7 T ' (v) The irreversible entropy increase between the turbine inlet
0 0.1 0.2 0.3 04 05 streams (combustion products and coolangnd the
Mass fraction of coolant exhaust.

Requirementi{) can be clarified by reference to Fig. 5. Assuming
that all the cooling air is drawn from the compressor exit, the
steady flow energy equation applied to the compleidiabati¢
turbine is,

Even with perfect turbomachinery, however, the result fails to
hold if the gas composition varies. Consider, for example, the Pr=[mchoz+ (Ma+mg)hgs] — (My+me+me)ho,
steady-flow expansion @ir andgas(assumed now to be perfect _ _
gases with different, and y) from the same initial temperature ) (Ma+ mf+m‘f)(h_°3A os ) (122)
T, over a fixed pressure ratio. First, suppose the gases expéhine cooling flowratem, is given, the only unknown g4, the
isentropically(but separatelybefore being mixed at constant totalspecific total enthalpy at exhaust. This, however, is defined by the
pressure. Second, suppose constant pressure mixing occurs @ikggn exhaust total pressure and the entropy increase,
and is then followed by isentropic expansion. In both cases, the

power output is given by,
=(My+Mi+mMe)(S;4—Szan) (120)

P=(MCpat MyCpg)(T1—T>) (12) N _

but the final mixture temperaturg, differs. Unlike a composi- Irf thrié%snstﬁls a;e gggiglvﬁi(fgg db?Oizcgr:é)o:ﬁgslgt%gg&ﬁ’;:znﬁith
tional mixing process, the location of a thermal mixing procesc%%”n 9
involving two differentgases does affect the shaft power output. 9

The difference in power output between mixed and unmixed AZ =A% asict AS cool (12c)
expansions can be quite significant if the initial temperatures ar
radically different. The analysis frerfectgases with different,,
values but the same molar mass is presented in Appendix 2.
gas turbines, of the combustion products is greater thgnof
the coolant although the specific gas constants are almost
same).

Under these conditions, the power output from an adiabalﬁ - . . . i
expansion of mixed gases &waysgreater than when they are he authors, inappropriate. It is also CO”f“S”.‘g bec_ause the effi-
unmixed(assuming fixed pressure ratio and polytropic efficiéncyc'ency in question, applying solely to the main turbine flow, ex-

: ; ; : g ludes certain components of the cooling loss while including the
Figure 6 illustrates the magnitude of the effect for isentropic ex: X A
pansions of combustion products, a mixture aif and gas effects of heat transfer to the bladifonly part of which is asso-

and coolant, which is purair, initially at 1700 K and 900 ciated with irreversible entropy creatijprMost of the ambiguity

K respectivély ' that pervades the literature is traceable either to a lack of precision
’Sometimes, the isentropic efficiency of a cooled turbine is de- defining cooling losses, or a confusion between reversible en-

fined as the ratio of the actual work output to the work outpdfoPY change due to heat transfer and entropy production due to

obtainable by separate isentropic expansions of the (:ombust|H|‘?Vers'bIe loss processes. The case is very strong, therefore, for

gases and coolant over the same pressure ratio. Clearly, with trrﬁgre_senting the cool?ng losses unambiguously as a set of entropy
: reation terms summing ..., . This will form the philosophy

definition, efficiencies greater than unity are theoreticall{zf the approach in Part Il

possible. For the present purposess, .., is split into just two additive
componentsAY 4 andAXg. AY , is defined by,

Fig. 6 Power output of mixed and unmixed expansions

AZ =(my+m;+mg)s,—[McSy+ (My+my)ss]

eThe value ofA 3 si.for a turbine stage depends strongly on the
stage pressure ratio and can be obtained from an uncooled effi-
ciency, assumed known. The cooling losses, on the other hand, are
entially independent of the stage pressure ratios. Because of
IS, the common practice of describing the expansion in a cooled
ldrbine by anequivalent polytropic efficiendg, in the opinion of

6 Specification of Cooling Flows and Losses

In order to calculate the performance of a cooled gas turbine,
both the cooling flowrates and cooling losses must be defined. Téared represent&t least approximatelythe minimum unavoidable
cooling flowrates can either be specified as known input data @ntropy creation due to the thermal mixing® g represents all the
estimated using a combination of heat transfer theory and empiiher entropy creation terms associated with the cooling process
cal data. The cooling losses are usually estimated from simplifiéebolant throttling, dissipation of kinetic energy during mixing,
theoretical models and added to a basic uncooled loss obtairedd).
from empirical correlations. Clearly, this is a gross simplification The detailed treatment in Part Il suggests that these losses are
and results obtained from such modeling must be treatedch directly proportional to the coolant mass flowrate and hence,
cautiously. _

Any realistic model of the turbine must address the cooling of AZp=KgRam; (12)
each blade row separately. Continuous cooling models, suchvasereKyg is a loss coefficient rendered dimensionless by the in-
that proposed by El-Masii6] (Part ), may be acceptable for troduction of the specific gas constant for &y,. Typical values
initial cycle development work but are insufficiently specific taf Kg probably lie in the range 0.1-0.3.
provide the accuracy required once some basic details of the turTreatingKg as a known parameter, Fig. 7 shows its effect on
bine are known. A detailed set of cooling loss models describirige performance of a simple cycle aeroderivative gas turbine with
the different aspects of entropy production within individual bladpressure ratio 36 and COT 1700 K. In such a machine, coolant

AZ p=(mMy+m+me)(Sza—Szan) (12d)

Journal of Turbomachinery APRIL 2002, Vol. 124 / 211

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



fect of the thermal loss. The effect is particularly obvious for

0 Kg=0 where the thermal loss represents the only contribution to

‘é the cooling loss.

& Figure 9 is a sensitivity analysis showing the effect of changing

g « various parameters in the simple cycle gas turbine of Fig. 7 oper-

§ ~ o~ E ating with »c=»%;=0.9, a coolant flow ratio of 0.2, anHy

‘é’i ~ ‘\\ - 0.0 © =0.2. Keeping all other parameters constant, a 0.5 percent in-
-2 1 . . ~ ~ S 3 crease in cycle efficiency could be realized ky:an increase in

o Turbomachinery effi ~ O~ ~ YCI€ ¢ y : - :

s rboma nm;eoc’my SN ~ 0. § COT of 65 K, (i) a decrease ifKg of 0.1, (iii) a decrease in

& -3 ’ 0.9 ~ NN coolant flow ratio of 0.05, ori¢) an increase in the polytropic

g ----- ) SN ~o2 efficiencies of 0.35 percent.

A
(=]
o
©

0.1 0.2 0.3 ' 7 Conclusions

Coolant flowrate as fraction of exhaust This paper has explored the general principles involved in mod-
) - i eling the air-cooled gas turbine with a view to clarifying the ther-
Fig. 7 Effect of coolant losses on the efficiency of a simple modynamics and formalizing the approach. The conclusions are:

(i) The effect of cooling can only be assessed in the context of
the complete cycle.

(i) A two-component semi-perfect gas model of the working
fluid provides an accurate and straightforward representa-
tion.

(iii) Compositional mixing losses do not affect the shaft power
terms and can be neglected to considerable advantage.
Component specific entropies must then be evaluated at the
mixture rather than component partial pressure.

(iv) Exergy analysis of carefully selected ideal cycles can pro-
vide useful illumination of thermodynamic principles. This
approach was used to clarify thde®f thethermal mixing
loss
3 0 0'1 0'2 0T3 0'4 (v) For clarity and p_hysical interpretation, it is extremely im-

: - - ’ portant that cooling losses should be modeled and incorpo-
Coolant flowrate as fraction of exhaust rated in cycle calculations as entropy creation terms. The
concept of anequivalent cooled turbine efficiendy un-

g. 8 Effect of coolant losses on the efficiency of a reheat GT helpful and confusing.

(vi) Blade cooling has a major impact on cycle efficiency and it
is crucially important to establishing accurate prediction
methods both for the required cooling flowrates and the
cooling losses.

4

2

Turbomachinery efficiency = 1.0

Change of efficiency (%points)

Fi

KB 2
- — —COT

------ Poltytropic eff

— - = -Coolant flowrate The final conclusion is particularly true at the present time as both

.’ MacArthur [3] and Horlock et al[4] have stressed the fact that
. state-of-the-art gas turbines are operating at combustor outlet tem-
. - peratures very near the point of maximum cycle efficiency.

e -

o’ -
+> =~ Change in parameter
I T g8 in par 23 0 Acknowledgments
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Change in efficiency (%)

injection would probably account for 20—25 percent of the ex'Echrm_:‘nCl"’lture

haust flow. Figure 7 also shows the effect of nonisentropic turbo- h = specific enthalpy
machinery as the cooling flowrate is varied. The increase in cycle | = lost power
efficiency forKg=0, nc=7r=1 is due to the different, values m = mass flowrate
of the coolant and combustion products as discussed previously. P = power
Clearly the value oKg has a major effect on cycle efficiency. p = pressure

The role of thethermal mixing losss illustrated by considering s = specific entropy
a reheat gas turbine cycle. Accordingly, the simple cycle of Fig. 7 T = temperature
is modified by the addition of a second combustor also operatingx, y = mass, mol fraction
with COT 1700 K. The HP turbine pressure ratio is 2 and itis e = fuel flowrate fraction
assumed that half the coolant is injected into the HP and half into ¢ = cooling flowrate fraction
the LP turbine. The results are shown in Fig. 8 fgs= 7;=1. o, = Pplant overall efficiencyLHV)
Comparison with Fig. 7 shows a more rapid drop in cycle effi- 6 = dimensionless temperature
ciency with increasing coolant flowrate due to the deleterious ef- 7 = isentropic temperature ratio
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Subscripts

A = ambient

a = air

f = fuel

g = gas

i = componeni
mix = (entropy of compositional mixing
stoic = stoichiometric

0 = total (as opposed to stajiguantities

Appendix 1

Analysis of Ideal Cycles With and Without Cooling. Con-
sider the uncooled gas turbine cycle shown in Fig).3Iin terms
of the dimensionless parameters defined in &), expressions

for the dimensionless power and lost power of the individual com-

ponents are,
Compressor EC:(].—T) (Al.1a)
— 1
Turbine PT:(1+8)0(1—;) (Al.1b)
Combustor I_B:(1+s)ln s +sA§A (Al.1c)

Exhaust I_E=(1+a)

0 1 1+e)l 0 Al.ld
7 (1+e)in| —| (AL.1d)
The steady flow energy equation for the combustor is,

—gAH=(148)(6—1)—(7—1) (Al.1¢)

On combination, EqA1.1) gives Eq.(7) for the net power output,
cycle efficiency, and maximum available power.

For the cooled cycle of Fig.(B), the combustor conditions are
unchanged and hence E@é1.1c) and(Al.1le) still stand. Defin-
ing 0,=T3a/T, and ¢p=m./m, (wherem, is the coolant mass
flowrate andm, is the combustorair mass flowrate the other
power and lost power expressions are,

Compressor EC: (1+¢)(1—17) (Al.2a)

Turbine FT:(1+8+¢)0A(1— %) (A1.20)

Mixer I_M:(1+a+¢)ln

On 9
)—(1+s)ln(;) (A1.%)

T

Exhaust |g=(1+e+¢)

—0“—1) —(1+e+ ¢>)In(—0A)
T T
(A1.2d)

The energy equation applied to the mixer gives an expression fO{S]

Op,
(I+e)o+ o7

AT (1+e+¢) (AL2)

efficiency 7. Let the initial temperatures b&,;, and T,,(Tqp
>T,,) and the mass flowrates e, and my(m,+my=1). As-
SUMEC,,>Cpq BUtRy=R,.

If the gases expand without mixing, the power output is,

I:)u= manaTla(l =T ’”R/Cpa) + mbcprlb( 1-r ”R/Cpb)
(A2.1a)

Conversely, if the gases are mixed at constant pressure before the
expansion, the power output is,

Pm:(macpaT1a+ mbCprlb)(l_rﬂR/Cpm) (A2.1b)

Wtr:erecpm= M4Cpat MyCpp, is the mixture specific heat capacity.
Thus,

Pn—P,=r ﬂR/Cpm[ macpaTla( ra— 1)+ mbcprlb( ro— 1)]
(A2.2)

where,

my7nR(c,,—C
.= b 7R( pb pa)>0

m,7R(Cya—Cpp)
. x:an(pa pb<

b 0

CpuCpm
It is difficult to assess the sign of E¢A2.2), but clarification is
possible by using the series expansion,

CpaCpm

xIn(r1? [xIn(n]®
r"=l+x|n(r)+[ (N]7 | [xin(r)] + (A2.3)
2! 3!
Substituting into Eq(A2.2) and collecting terms then gives,
- [In(r)]?

— =IO (T Tip) + = (XaT1a= %o Tap) + ..

(A2.4)
where,

mambR( Cpb_ Cpa)

A:rnR/Cpm >0

Cpm
The first two terms on the right-hand side dominate and are al-
ways positive. Henc®,,> P, and the power output in an adia-
batic expansion witlc,,>c, is alwaysgreater if the gases are
premixed. Note that, IT;,= T4, the first term disappears but the
second term is still positive.
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Modeling the Air-Cooled Gas
Turbine: Part 2—Coolant Flows
and Losses

. J B. Young This paper is Part Il of a study concerned with developing a formal framework for
email: joy@eng.cam.ac.uk modeling air-cooled gas turbine cycles. It deals with the detailed specification of coolant
. flowrates and losses. For accurate performance assessment, it is necessary to divide the
R. C. Wilcock turbine expansion into individual stages with stator and rotor rows being treated sepa-
) o o rately. Particular care is needed when deriving the equations for the rotor, and it is shown
Cambridge University Engineering Department, how all required flow variables can be estimated from minimal data if design values are
Trumpington Stregt, unavailable. Specification of the cooling flowrates is based on a modified Holland and
Cambridge, GB2 1PZ, United Kingdom Thake procedure, which can be formalized in terms of averaged parameters. Thermal

barrier coatings can be included if present. The importance of allowing for fluctuations in
combustor outlet temperature is stressed and procedures for dealing with end-wall and
disk cooling are suggested. There is confusion in the literature concerning cooling losses,
and it is shown how these may be defined and subdivided in a consistent way. The
importance of representing losses in terms of irreversible entropy creation rather than
total pressure loss is stressed. A set of models for the components of the cooling loss are
presented and sample calculations are used to illustrate the division and magnitude of the
loss. [DOI: 10.1115/1.1415038

1 Introduction 2 The Cooled Turbine Stage

This paper is Part Il of a study concerned with developing a Any realistic model of a turbine must address the cooling of
formal framework for modeling air-cooled gas turbine cycles angach blade row separately. Continuous expansion path cooling
deals with the detailed specification of cooling flowrates ana@odels(El-Masri[5]), may be acceptable for initial cycle devel-
losses. A general discussion of the thermodynamics of air-cooli@§ment work but cannot provide the accuracy required once some
was presented in Part(Young and Wilcock1]). basic details of the turbine layout are known. The information

Specification of the cooling flowrates and losses for perfoFe,ql.“red to |mp|gment the calculation schemes described below is
mance predictions involve two essentially separate problems. T{nimal, being little more than a knowledge of the number of

the detailed design of a turbine, the cooling flowrates are esta2deS. the stage pressure ratios or work requirements, and the
lished by a complex procedure involving correlation of eXloengncooled stage efficiencies. These data can be obtained in a vari-

mental results and semitheoretical calculations. For cycle calcu fit}cvofa\:]v;);sssrar}%ﬂg dfr?(r)n It?fgrrzf)glig;esc?:llglzllzttignzn il\atz;)nr:_te

tions, this Ier_lgthy prpcedure must pe condensed into a simplifiﬁ ensional version of the latter based on mean blade angles and
scheme, Wh'.Ch retains the essential featu_res of th? underly'&g\pirical loss coefficients is described by Kawaike e{@l.
physics and |.s.vaI|d over a range of operating conditions. In this Figure 1 is a schematic diagram of a cooled gas turbine stage.
paper, a modified version of the well-known scheme by Hollangass flowrate, specific total enthalin a stationary frame of
and Thakg2] is used. Most other theorigblorlock[3], EI-Masri  reference and specific entropy are denoted oy h,, ands, re-
[4]) are restricted to a specific geometry or lack generality.  spectively. The subscrig is appended to denote mainstregas

In Part | it was noted that the literature on cooling losses igndc to denotecoolant Where necessary, subscripts rc, ordc
often confused and that there is no definitive formal analysige used to differentiate between stator, rotor, and disk cooling.
available to provide a framework for development. TypicallyThe flows crossing any reference plane may be nonuniform and it
cycle calculations seem to involve a rather random selection isfunderstood thal, ands represent massflow-averaged values.
losses drawn from a list that includes coolant—mainstream mixingeference planes at stator inlet, stator outlet/rotor inlet, rotor out-
heat transfer through the blades, and coolant throttling. In Part Iled, and stage outlet are numbered 1, 2, 3, and 4, respectively.
strong case was made for representing the cooling losses as addiFhe mass flowrate and composition of the mainstream changes
tive entropy creation terms and this will be the approach pursui@m one plane to the next because of the addition of coolant.
in Part Il. Indeed, one of the main objectives is to provide &oolant is drawn from the compressor at statand enters the
baseline set of well-defined expressions for the cooling losses thide passages at stdte(The k andi states will generally be

are sufficiently general for cycle calculations but that can be fingifferent for the stator and rotor bladeor convection cooling,
tuned for more accurate design work. the coolant leaves from the end of the blade or the trailing edge

The paper takes a deliberately detailed approach in specifyiﬁ"&_iated) andt). I_:or combined convection and film cooling, it exits

the cooling flows and losses but, in order to preserve continuity oughhholes |nf ;Ilﬂe blade su;lfaces or enc:jw(ait_atesf and e)'b g

the main text, most of the analysis has been relegated to the _rdea_?h tyﬁe 0 O(;N' a mass Iow-averagﬂe exit statedcan € ”e-

pendices. These, therefore, embody an important part of thacC: 'NUSHocr ands. s are values masstiow-averaged over all,

develobment ilm cooling holes. For each row, a mean massflow-averaged exit
P ) statex can be defined by,

Contributed by the International Gas Turbine Institute and presented at the 46th m.h =m.:h +m. .h +m..he.+m..h 1a
International Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, c''0c,x c.f70c.f c.e’'0c.e c.toct e.ohocp  (18)
Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbine .

Institute February 2001. Paper No. 2001-GT-392. Review Chair: R. Natole. McSe,x =M £Sc, T Me eSc,e T Me tSc t T Me,bSc b (1b)
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Coolant from

compressor at state k
Mg
Tog
ROTOR /Tw Text
b TBC [ / /4
L > Metal / T
/ oc.X
o—> T, .
t m, m.int
e @ — T
o—> — —
—
o— Fig. 3 Notation for the heat transfer model  (stators and rotors )
4
foudans _ , -
/ /— the compressor power requirement dnyg ; can be determined if
[ / m,./mgy, is known. The stage pressure ratio follows once the
T Disk cooli entropy creation due to the losses has been found. In other cases,
Coolant from e the stage pressure ratio is specified, the losses are determined, and
compressor at state k P andhgyg 5 follow.

The energy equations for the external and internal flows are,

mg,Z(hog,Z_ hOg,S) +mye( hOrc,x_ hOg,S) =Pexit Qr (3b)

. . mrc(horc,i_hOrc,x): Pini—Qr (30)
where mc=m¢ ¢+m, .+ m.+m.,. The cooling flows associ- ) o
ated with each blade row can therefore be reduced to a single fl¥fierePex and Pi,, are the external and internal contributions to
drawn from the compressor at stiteentering the blade passageghe net power R=Pe,+ Piy). Introduction of the Euler turbine
at statei and exiting into the main flow pattbefore mixing at equation(see Appendix JLresults in energy equations expressed in
statex. terms of the specific rothalpyi€ hy—UV,),
Rotor disk cooling is treated separately. In the present work it is

Fig. 1 Schematic diagram of a cooled gas turbine stage

Mg 2(ig2—iga) T Miclivci—ig3)=0 4a]
represented by a single injection after each rotor on the assump- gdigz™lgd) ¥ Mrclire,i~iga) (4a)
tion that no useful shaft work is obtained from this cooling flow. Mg oigo—iga) T Mic(ircx—ig3)=0Qr (4b)
3 First Law Analysis Mec(irc,i—irc ) =~ Qr (4c)

) . ) o . The application of Eqs(3) and (4) for the rotating blades re-
3.1 Stationary Blades. Figure 2 is a schematic diagram il- 4 ires detailed knowledge of the turbirparticularly the rotor
lustrating the simplified blade cooling model. Taken together, thgiet conditions, which may not be available. Simplification is
mainstream and coolant ﬂow_s are a(_:ilabatlc and the steady-flgwssime, however, by expressing all the unknown quantities in
energy equation for the combination is, terms of astage loading coefficient. This is defined in the usual

Mg 1(Nog .1~ Nog 2) + Mee(Nosei —Nog 2) =0 (22) Way by,
Assuming adiabatic flow for the coolant between compressor _ P ®)
bleed point and blade inlehgsi=hgsck, hog and hoscy are = mg’EUZmean
known and hencégg , can be determined from E(Ra) once the ) ,
coolant-to-mainstream mass flow ratig./mg; is known. It is useful to recall thaty can be related approximately to the
Steady-flow energy equations can also be written separately f§9ree of reactiop. Neglecting coolant addition, assuming con-
the externalmainstreamand internal(coolany flows stant axial velocity through the rotor and zero exit swirl from the
' stage, it can be shown thgt=2(1—p). Thus, for impulse blading
Mg,1(Nog,1— Nog,2) + Ms(Nosex— Nog,2) = Qs (2b)  p=0, y=2, and for 50 percent reaction bladipg-0.5, y=1. The
Mee(hose; — Nose,) = — Qe 20 rotor approxmatlc.)ns are dlscus-sed in (.jetall.ln. AP?endlx 1.
whereQ is the total rate of heat transfer through the blade surfa e3'3 Disk Cooling Flows. Disk coollng ar 1s |nJected_ both
(mainstream to coolantClearly, (2a)=(2b)-+(2c) efore and after the rotor. The upstream injection does little work

in the rotor, however, and it is expedient to combine the two flows
3.2 Rotating Blades. The overall energy equation for theinto a single flow entering downstream. The energy equation be-
rotor is, tween stations 3 and 4 is then,

Mg 2 hOg,Z_ hOg,3)+mrc(hOrc,i_hOg,B): P (3a) Mg 3(hog 3~ Nog.4) + Mac(Nodc k—Nog,4) =0 (6)

wherem, ,=m, 1+ M. andP is the shaft power output. Assumingwhere mg 3=mg ,+m,. and my. is the mass flow rate of disk
adiabatic flow between the compressor bleed point and blade inlgpling air.
hore.i=horc k- For the final turbine stage on a spoBlis fixed by

4 Calculation of the Cooling Flowrates

Application of Egs.(2) and (3) in a performance calculation
requires realistic values of the mass flow ratimg./mgy, and

[5)
2., QQQ ,°°' m,./mgy,. To obtain these, it is first necessary to estimate the
[ 192 N s minimum cooling flowrates required to maintain the blade tem-
® m. @ v v v / o peratures within_ the safe operating range defineo_l by the blaple
* material properties. The procedure recommended is an extension
of the method developed by Holland and Th&Ré The notation
Fig. 2 Simplified blade cooling model is shown in Fig. 3. The internal and external surface metal tem-
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peraturesT, i,y and T, o are assumed uniform over the blade. If Table 1 Sample calculation of cooling flowrates
a thermal barrier coatingTBC) is present, the outer temperature
Ty, differs from T, oyt

Details of the heat transfer model and cooling flowrate calcula| TURBINE DATA
tions are given in Appendix 2. The procedure for stator and roto
blades is the same except that the latter is carried out with respe
to the rotating co-ordinate system. The calculations require th| Combustor outlet temperature Togy = 1700K
specification of a number of empirical parameters, notably th

internal flow cooling efficiengythefilm cooling effectivenesaind Maximum metal temperature Tnew = 1100K
the metal and TB(Biot numbers These parameterglefined in Coolant supply temperature Toex = 867K
Appendix 2 reflect the level and sophistication of the cooling o B
technology and are introduced in order to bypass the difficull Turbine inlet total pressure Pog1 = 34 bar
problem of calculating the detailed flow behavior within the blade| coolant supply pressure Dock = 34 bar
passages and in the external film. The other important empirici ]

parameter, also defined in Appendix 2, is tawling flow factor Stage pressure ratio PogilPogs = 2.4
Kcooi- This can be estimated from a knowledge of the blade ge Stage loading coefficient v =10

ometry and the external flow Stanton number.
If the value ofT, corresponding to the mass-averaged value o Stage polytropic efficiency n =09
hog at blade inlet(@bsolute or relative as appropripie used in
the heat transfer calculation procedure, the predicted coolin
flowrates are invariably much lower than those found in real en| Combustion pattern factor (rotor) Keomy = 0.05
gines. This is because the design procedure must make allowar

Combustion pattern factor (stator) Keoms = 0.1

for the possibility of temperature fluctuatioisot spot$ in the Rotor swirl factor Kowirt = 0.5
flow exiting the combustor. A simple way of d_oing tHisawaike Cooling flow factor (stator/rotor) Koot = 0.045
et al.[6]) is to replaceTq by an estimated maximum temperature, . .
e Internal cooling efficiency (stator/rotor) N = 0.7
Tor*=Tog+KeomAT 7

. %9 % CombA_ comb () Film cooling effectiveness (stator/rotor) g =04
where AT ,mp IS the temperature rise through the combustor ] )
K comb (SOmetimes called theombustion pattern factpis an em- | Metal Biot number (stator/rotor) Bi, =02

pirical constant which depends on the type of combu&ero or
industria) and the position of the blade row with respect to the
combustor outlet. STATOR RESULTS
The rotor disk cooling flows are more difficult to estimate than
the blade cooling flows. Apart from cooling the rotor digihich
receive heat by conduction from the blageke flows also pre- | Coolant/mainstream flowrate ratio mglmg; = 0.145
vent the ingestion of mainstream gas into the rotor disk cavities

In the present model, values ofy./mj 5 are simply specified by Blade cooling effectiveness & =075

the user. _ _ | Rotor inlet temperature (absolute) Togz = 1603K
As an example of the calculation of cooling flowrates, conside . B

a single-stage turbin@vithout thermal barrier coating®perating | Coolant exit temperature Tocx = 969K

at the conditions given in Table 1. For the purpose of illustration} gy(ernal metal temperature Tpew = 1078K

the stage polytropic efficiency is assumed to include the effects ¢

the cooling losses. The cooling flow factit,,, is based on Gt | Internal metal temperature : T = 1013K

=0.0015 andAg(Cpq/Ag* Cpc=30 (see Appendix 2 Combus-
tion pattern factorK ., of 0.1 for the stator and 0.05 for the
rotor were first used to calculate the cooling flowrates. Then, u¢ ROTOR RESULTS
ing these flowrates but taking.,m,=0, the blade cooling effec-
tivenesse, and the metal temperatur@$;, ¢ and Ty, i, Were
recalculated to give the values, representative of the mean flo| Coolant/mainstream flowrate ratio mpmgy = 0.049
conditions, presented in Table 1.

The coolant to mainstream flow ratios of 14.5 percent for th
stator and 4.9 percent for the rotor are typical of those found if Rotor inlet temperature (relative) Togz = 1487K
real engines. The sensitivity of thetal stage cooling flowrate to
changes in the operating conditions is shown in Fig. 4. Thus,
decreaseof 1 percentage point in cooling flowrate corresponds t( External metal temperature Tmew = 1082K
either: (i) a decreasein coolant supply temperature of 15°C, or
(ii) a decreasan combustor outlet temperature of 32°C, i §
an increasein allowable blade temperature of 10°C, av) an
increasein film cooling effectiveness of 0.035, ov) anincrease
in internal cooling efficiency of 0.08, ow{) a decreasen metal
Biot number of 0.08.

Blade cooling effectiveness g = 0.58

Coolant exit temperature (relative) Tocx = 966K

Internal metal temperature T = 1043K

whereAY. is the total rate of entropy creation due to irreversibili-
. ties. (Because of irreversibilities between the compressor bleed
5 Second Law Analysis point and the inlet to the internal blade passages,™>Sscx and

. : : this loss has been included & .) A3 is formally subdivided
5.1 Stationary Blades. With reference to Figs. 1 and 2, the. A3 oo (the loss associated with uncooled operatiand

second law of thermodynamics for the combined mainstream ai ) . X
coolant flows is, A2 co0l (the extra loss associated with cooling

Second law statements can also be written for the external
AZ=AZ g pasict AZg coor= Mg 1(Sg.2— Sg.1) + Mse(Sg 2~ Ssck) mainstream flow, the heat transfer through the TBC and metal,
(8a) and the internal coolant flow. Thus,
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Fig. 4 Sensitivity of cooling flowrate to changes in operating
conditions
Qs
AZg pasicT A2s exi= Mg 1(Sq2— sg,l) +Ms(Sg 2= Sscx) + T
sw
(8b)
AX Q ( ! : ) (8)
b= Qs| 7——+— C
stbe s Tsmext TSW
A3, Q ( ! ! ) (8d)
smet s Tsmint  Tsmext
Qs
AEs,int=mcs(ssc,x_Ssc,k)_ (8e)

Tsmint

where subscriptsmandsw denote stator metal and external wall,

Qr
AZ int= Mec(Sre x— Sre k) — T
rm,int

AEr,cool= Azr,ext"— Azr,tbc"' Azr,met+ AEr,int (9f)

5.3 Disk Cooling Flows. Applying the second law between
planes 3 and 4 of Fig. 1 gives,

(%)

Azdc: mg,S( Sg,4_ Sg,s) + mdc(Sg,A_ Sdc:,k) (10)

If A3 4 is specified by an empirical mode, , can be calculated
from Eq.(10). Knowing hog 4 and the gas composition fixes state
4.

6 Specification of Losses

6.1 Basic(Uncooled Loss. The basicrate of entropy cre-
ation is related to the uncooled stage polytropic efficiengysic
(assumed knownby the expression,

A pasic= mg,le(l_nbasic)ln (11)
Pog,4

p0g,1>

wherepyy and R, are the mainstream total pressure and specific
gas constant respectively,, ;. is distributed between the stator
and rotor in proportions deemed appropriate. It is a major assump-
tion of the approach that, ... is unchanged by the presence of
cooling.

6.2 Internal Friction and Heat Transfer Losses. Introduc-
ing Eq. (A2.1) for the heat transfe® and assuming the coolant
specific heat capacityy, to be temperature independent, E@e)
and(9e) can be written as a single equation,

T Toex— Toci
Azint:mccpc In( Oc,x Oc,x Oc,i
Tm,int

pO X
|-t £

Toc.k oc,k

respectively, and\X s . refers solely to the cooling losses of the

external flow. Adding Eq98b)—(8e) and comparing with Eq8a)

In Eqg. (12), the coolant supply conditionpgc x and Ty are

allows the cooling losses to be subdivided into four componenigypressed in the stationary frame of reference for both stator and

Azs,coolz AEs,extJ" AEs,tbc"' Azs,met+ AEs,int (8f)
A3 e and A3 e Can be calculated directly becau@g, T,

rotor blade rows. For rotors, howev@i ; , Tocx andpoc x, and
must each be expressed in the rotating coordinate system.
There are two unknowns in E¢L2), AY,; andpocy- A2 p IS

Tsmext @nd Tsmine are known from the heat transfer analysisine rate of entropy creation between the coolant supply and the
However, AZ e, and A, require separate empirical 0Sspjade exit holes, ang,  is the total pressure at these holes

models. Thens,, can be found from Eq(8a) and, with hog,

(absolute or relative as appropript®©ne approach is to develop

known from the first law analysis and the gas composition frong expression foA S, by modeling the friction and heat transfer

continuity, state 2 is completely specified.

If eachAZ term is multiplied by thelead state temperaturéhe

losses. The internal flow is very complex, however, and it is ac-
tually easier to devise a method to spegify. x . (This parallels

resultinglost powerterm is identical to that which would arise the first law analysis in Appendix 2 whethg, , was found by a
from a formal exergy analysis. The introduction of exergy tends tQjitable choice ofy n;.) '
cloud the issues, however, and it is felt that the straightforward Now, ignoring ahy streamline curvature effects, the coolant

second law analysis presented above provides a better physigatic pressure must equal the mainstream static pressure at the

interpretation.

5.2 Rotating Blades. The second law analysis for a rotor
blade row is identical. Indeed, the entropy creation expressio
can be obtained from E@8) simply by an appropriate change o

subscript. Thus,

A, = Azr,basic"' AEr,cooI: mg,2(59,3_ Sg,z) + mrc(sg,S_ Src,k)

(92)
Qr
A3 pasict AZ ) ext= Mg, 2(Sg,3~ Sg,2) + Mrc(Sg 3~ Sre x) + T_rw
(9b)
1 1
Azmm=Q4f;;;?E) 0
1 1
A e Qr(Trm,int_ Trm,ext) )

Journal of Turbomachinery

exit hole, p; x=Pg x - If, in addition, some information about the
coolant exit velocity is supplied, this is sufficient to fix. . The
most convenient parameter to specify is the coolant/mainstream

fmomentum flux ratio,

|— Pc,xvéx _ ')’cMg,x
- 2 2
Pg,xvg,x ')/gMg,x
whereV is velocity (absolute for a stator and relative for a rotor
and M is the corresponding Mach number. The coolant/
mainstream total pressure ratio is then,
Poc,x _ [1+0.5 Vc_l)anz,x]yc/(YHD _
Pogx [1+0.5y,—1)M7,]7e/ e~ Y

(139)

f(I:Mg,x:'}’Cl'}’g)

(130)
Pog,x IS approximately equal to the total pressure at blade inlet
(absolute or relative as appropriptend is therefore known. Thus,
specifyingl andM, , allows the calculation opgc x. A3, then
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Fig.5 Coolant /mainstream total pressure ratio as a function of
mainstream Mach number and momentum flux ratio I}

follows from Eq.(12). Figure 5 shows the variation @ x/Pog,x
with mainstream Mach numbeM , for different values of the
momentum flux ratid.

Control volume

Tex
Fig. 7 Definition sketch for mixing analysis

A3 Can be estimated using the same approach as for the
internal coolant flow(see Appendix B The resulting expression
is,

1 Kext) (16)

AEEXLQE(T_W_ Tog

whereK,,. is defined by Eq(A3.8).
The coolant-mainstream mixing loss is usually estimated using
the method of Hartsel[7]. This is based on the Hawthorne—

This analysis shows that the internal losses are fixed by t@®apiro theory of one-dimensional flow with mass addition and
pressure rati@q. «/Pc x» the coolant velocity at the exit hole and,the result is usually expressed in terms of the change in main-
to a lesser extent, the heat transfer to the coolant. Once thes@am total pressure. Changepinis a measurable quantity but it
conditions are specified, no amount of redesign of the interngdn be misleading because, in a mixing process, it does not rep-
flow path will affect the loss. If, in practice, the exit velocity wereresent the irreversible loss. This has been the source of much
higher than design, it would be necessary to introduce extra threbnfusion in the literature. In flows with mixing and heat transfer,
tling somewhere along the flow path in order to achieve the chi-is important to work directly with expressions for the entropy

sen exit condition.
If desired,A%,;,,; can(with minor approximatiohbe subdivided

creation rates.
The mixing process is shown in Fig. 7. It involves the injection

into contributions associated separately with heat transfer aspfla differential coolant mass flowraiém, at static temperature
fluid friction. The analysis, described in Appendix 3, is based on_,, velocity V,, and angleg, into the mainstream at local

the one-dimensional control volume model illustrated in Fig.
and leads to,

Toc x) (TOC x_TOci”
K; In( —| = - : 14a
nt TOc,i Tm,int ( )

TOc x) (TOC x” (p()c x)
In( Kint IN| =] |—mR:In .
Tock M Toe e pOc,-!I(-

where K;,; is defined by Eq.A3.6). Clearly, addition of Egs.
(14a) and(14b) gives Eq.(12).

6.3 External Heat Transfer and Mixing Losses. The ex-

AEint,Q:mcCpc

AE'lnl F_mc pc

ternal losses result fron(i) boundary layer friction and heat trans-

§tat|ctemperaturél'g and velocityVy , . The differential analysis

is general and is not restricted to mlxmg at either constant area or
constant pressure. In Appendix 3 it is shown that the rate of en-
tropy creationd> ,,ix can be subdivided into separate contributions
representing the dissipation of thermal energy and kinetic energy,

52mix:52mix,Q+5Emix,KE (17a)
Tox 1 1
8% mix.o= OMe . Cocl 7~ T dT (170)
(Vg,x_vc,xcosd’)z (Vc,xSind’)z
5Em|xKE 5mc[ 2Tg,x + 2Tg,x
a7c)

fer and, (i) the mixing of the coolant with the mainstream. The Equation(17b) represents the thermal dissipation as the coolant

friction loss is already accounted for in the basic loss of #&d)

and is assumed unchanged in the presence of cooling. The a
a

tional coolinglosses are therefore the sum of the heat transfer
mixing losses,

AEe><t:AEext,Q+AEmix (15)

6Q
|
T
! 1
T Y Tt6T..
m, —» — —
Poc E ] PoctOPoc
P
oF

Fig. 6 Fluid friction and heat transfer in a one-dimensional

flow
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mixes with the mainstream flow and theitatic temperatures

%umbrate ThusAZ i o Multiplied by the mainstream tempera-

e is exactly equal to the power that could theoretically be ob-
tained from a Carnot engine coupled between the mainstream flow
at constant temperatuflg, , and the coolant, as the temperature of
the latter increases from , to Ty , due to the heat rejection from
the engine. Equatiol7c) represents the dissipation of bulk ki-
netic energy as the mainstream and coolant velocities equilibrate.
The first term refers to velocity equilibration tangential to the
blade surface. The second term shows that, subject to the assump-
tions of the theory, all the coolant kinetic energy normal to the
blade surface is lost.

Following the discussion in PartYoung and WilcocK 1)), the
exergy loss arising from the diffusional mixing of the mainstream
and coolant gases is ignored.

Integration of Egs.(17b) and (17c) over the complete blade
surface is difficult because of the variationTf , andV, . One
possible approach is described by Hart$@l, but th|s reqwres
comparatively detailed knowledge of the flow in the blade pas-
sage. If this is unavailable, it is necessary to adopt suitable aver-
age values and integrate approximately to give,
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5 .0 Nomenclature
L AZ et ™ A = area
~~ Ao e Bi = Biot number
40 J 5 h,i = specific enthalpy, rothalpy
AZiner m = mass flowrate
P = power
AZen0 p = pressure
AL basic Y Q = heat transfer rate
0 - T T T St = Stanton number
0 002 004 006 0.08 041 s = specific entropy
Kool t = thickness
T = temperature
Fig. 8 Variation of cooling losses with cooling flowrate U = blade speed
V = absolute flow velocity
a = heat transfer coefficient
go = blade cooling effectiveness
Tox / Tex e = film cooling effectiveness
AZ iy @=McCpc |n(-|-—') —(1— T ” (18a) 7. = internal flow cooling efficiency
X 9x N = thermal conductivity
¢ = stage loading coefficient
As (Vgx—VexC0Sg)? (Ve Sing)? - A3 = rate of entropy creation by irreversible processes
mixKE= Me 2Ty« - 2Ty« (180) Subscripts
6.4 Example: Cooling Loss Calculation. As an example, 0 = total (as opposed to stajiquantities
consider again the single stage turbine operating at the conditiohs2. 3, 4 = stator inlet, stator outlet/rotor inlet, rotor outlet,
shown in Table 1. The extra parameters required to estimate the stage outlet
losses were taken to bé,,=1.01, K,,=1.07 and¢=30 deg. ¢, g = coolant, mainstream gas
Figure 8 shows how the stator and rotor losses vary with the i = coolant condition at inlet to blade passages
cooling flow factorK ., around its base value of 0.045. This k = coolant condition at compressor bleed point
corresponds to varying the coolant flowrate keeping the combus- m = metal
tor flowrate constant. The magnitude of the cooling loss compared ~ W = wall (outer surface of blade _
with the basic loss is particularly notable, indicating the possibil- x = coolant condition at exit from bladéefore mix-

ity of improvements to cycle efficiency by careful design. ing) ) _
r, s = rotor, stator(subscripts preceding m, w)

tbc = thermal barrier coating
) * = blade throat
8 Conclusions

The paper has described a self-consistent approach for moqﬂ)’pendix 1
ing the air-cooled gas turbine that is particularly suitable for ther-
modynamic cycle calculations. The procedure divides naturally Rotor Approximations. The Euler turbine equations are,
into first law and second law analyses, which are almost indepen-
dent. The former requires a heat transfer model to estimate theP=Mgd (UV)g 2= (UVj)gal+Mic[(UVy)rci—(UVy)gsl

cooling flows and an extended Holland and Thake procedure is (Al.19)
recommended. It is particularly important to acknowledge thep _ .\ riyy —(UV +m.(UV —(UV
nonuniformity of the combustor exit flow to avoid underestimat- ext= Mg (UVelg2~ (UVelgal * Ml (UV glrex=( (Hg\gla}b)
ing the cooling flowrates. Rotating blade rows also require careful

consideration. Pint=Mc[(UVg)re,i = (UVg)ic il (Al.Ic)

The second law "’?“?'VSiS requires user-specified models for Wﬁereuvg is the massflow-averaged product of the blade speed
cooling losses and it is strongly recommended that these are % and the fluid absolute swirl velocity/,. Clearly P=P
pressed in terms of irreversible entropy creation rates rather tha o ext

loss of total pressure or modified stage efficiency. For flows with "™
heat transfer, it is crucially important to distinguish clearly be- Coolant Centrifuging Power Requirement. P;,; represents
tween reversible and irreversible entropy changes. Simple mod#ie negative of the power required to increase the angular momen-
have been proposed for each component of the loss and thistam of the coolant. This isotan irreversible power loss because,
lows the source and magnitude of the major cooling irreversibilin principle, it is recoverable further downstreaR,; is given by
ties to be identified. Eq. (Al.1c) but the change iUV, of the coolant between passage

It is hoped that the analysis presented in this paper providesnéet and outlet is unlikely to be known exactly.
firm foundation on which to proceed to improved and more accu- It is assumed:(i) coolant enters the rotor with zero relative
rate thermodynamic models of the air-cooled gas turbine. swirl [(Vg)rei=Uyc.il, (ii) the coolant relative swirl velocity at
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exit from the rotor is zerq (V). x=Urcx] and, (ii) U, Appendix 2
=Upean- Combining Eqs(Al.1c) and(5) with a minor approxi-

mation then gives, Heat Transfer Calculations. The heat transfer rates are given
by Eg. (2c) for stators andAl.4) for rotors. Dropping the sub-
Pint 1L me scriptss andr,
B =—— Rm (AL.2)
¥ 9.2 QEmCCpC(TOC,X_TOC,i) (AZ]-)

whereL/R is the ratio of blade length to mean blade radius. Kvhere Ty, denotes the coolant absolute total temperature for a
=1 and L/R=0.2 thenP;, /P=-0.2(m;./mg ;). Hence, for stator and relative total temperature for a rotor. Calculation of
Myc /Mg ,=0.05 about 1 percent of the gross power is used M, , requires a knowledge of the mean internal heat transfer co-

centrifuging the coolant. efficient, which is difficult to predict accurately. The problem is
Coolant Centrifugal Temperature Change. Noting that i ggﬁﬁzzegyby introducing anternal flow cooling efficiencyye, int
=h'—U?/2, Eq.(4c) can be written, ’
Toex™ Toc,i
U2 —u2 L=t A2.2
—Q,=my| (hiEL —hiel )— M (A1.3) et T = oo (A2.2)

Teint 1S treated as a known empirical parameter whose value
The final term divided byc,,. represents theentrifugal tempera- (typically 0.6—-0.8 reflects the level of the internal cooling tech-
ture changeand is typically 10-20°C. A typical value foiT(;; nology.
—T.cx) is 200°C. Given the approximate nature of the cooling In terms of the mainstream flokQ can also be expressed by,
model, it is expedient to neglect the centrifugal temperature
change. Thus, Q= Cl’g'A‘surf(-I-aw_ Tw) (A2.3)

where a4 is the mean external heat transfer coefficient Aggl;
is the total cooled external surface af@zluding the endwalls
. Taw IS the mean adiabatic wall temperature, which, in the absence
ThROI’tlor t":let If?elatlvg ;I'otal _Enthalpyl (Ge:‘smar:_d Ct:otolian). of film cooling, equals the mainstream recovery temperature. This,
th ‘T ea} thrans er TO e requmfs ? va lfet OTh' auve 8 a etf" in turn, is approximately equal to the inlet absolute total tempera-
frc?n?%h% st:gr:a]ai“nnlztr(;?lg gl?tsle? crc()Jn(é:tilgnes.andlsa%agssiri?a:jm;[ﬁﬂe for stators and the inlet relative total temperature for rotors,
loading coefficient. First note that, without approximation B of Whl(-:h will be denoted byfo. When ﬂlm- coollng 1S

9 ! PP ' present,T,,, is related toT o, and Ty x by the mearfilm cooling
) effectiveness; defined by,

(A1.5)

_Qrgmrc(hB?(I:,i_hE)?l:,x (AL1.4)

2
Umean

2(\/6)9,2
2 |17

U mean

hbg 2= hog 2+
0g,2~ "og,2 Tog— Taw

—_0 v A2.4
TOg_TOc,x ( )

ef
where the enthalpies include the contribution from coolant in-
jected in the stator. Assuming zero swirl at stage outlet and ner is treated as a known empirical parameter whose vélms-

glecting any cooling flow to the rotor, Eq&a), (5), and(Al.1a) cally 0.2-0.4 reflects the level of film cooling technology.

give, In terms of the heat conductio can also be written,
\Y; hgg »—h A ip
= ( 9)9’2: 09’22 %93 (Al.6) Q: LAsurf(Tw_Tm,ext) (A25)
Umean Umean ttbc
Combining Egs.(A1.5 and (A1.6) gives the approximating ex- A
pression 9 =a ( & ( ) g PP g Q= t_mAsurf(Tm,ext_Tm,int) (A26)
! m

el 1 1 where\ andt are the thermal conductivity and material thickness.
Nog 2= 20 Rog 2t | 1— 20 Nog 3 (AL7) Using Eq.(A2.3) to eliminateQ from (A2.1), (A2.5) and (A2.6)
gives equations fom., a dimensionless coolant mass flowrate,
Itis also necessary to relate the coolant relative total enthalpyBitoc @ TBC Biot number, and Bja metal Biot number:
rotor inlet to the absolute value. The exact expression,

mccpc _ Taw_Tw

r2ci Mo+ agAsurf Toex™ Toc,i (A2.7)
hore,i = htre,i = (UVg)re,i— - (AL.8)

Bi. — agttbc _ Tw— Tm,ext (A2.8)
shows that, if ¥/4),ci>U,c.i/2, the relative total enthalpy of the ¢ Nbe  Taw— Tw '
coolant entering the rotor passage will be less than the absolute
total enthalpy. From the rotor viewpoint, therefore, a considerable Bi. — aglm _ Tmext— Tm,int (A2.9)
cooling effect is realized by a high coolant absolute swirl velocity ™ Am Taw— Tw '
(Vy)ici - To this end, stationary swirl vanes are usually mounted ) ) ) .
upstream of the coolant inlet to the rotor and, in this way, it isinally, theblade cooling effectiveness, is defined by,
possible to reduce the relative total temperature by as much as To T
100°C. For calculations, it is convenient to introduce a constant 80:09—”“*“ (A2.10)
Kswin (therotor swirl factor) defined by ¥/4)¢.i=KswirUrci - I Tog— Toc,i

practice, 0<Ksg,i<2.5. Using the definition ofy, Eq. (A1.8)

g is fixed by the inlet total temperatures of the mainstream gas
then becomes,

and coolant, and the desired external metal temperature.
Elimination of all temperature differences between Egg.2),
(AL.9) (A2.4) and (A2.7)—(A2.9) results in the following expression for
lpmg,?: mc+ y

(Kswini—0.5)P
Nore,i— e, = ———
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(1+Biyy) fo { ! 1} PP ( ! ) ST R,JPoe
ithe) M = —& - intp==—0F=|=—— —|mC —m,R——
thel et Wc,ext(lfso) f 77::,e><t(:]-780) ntF Te Toc Te cpet e e Oc
(A2.113) (A3.50)
where 7. o4 is a cooling efficiency defined in terms of the exterwhereR, is the specific gas constant afiiglis thestatic tempera-
nal, rather than the internal, metal temperature, ture. EquationgA3.5) cannot be integrated analytically. One ap-
_ proximate method of attack is to write,
" _ TOc,x TOc,i _ 7c,int (A2.11b)

cext Tm,ext_ TOc,i 1+ Me 4 77(:,intBim . i — ( 1 Ve 1 MZ i =K. — (A3 6)

The first term of Eq(A2.11a) gives the value ofn., when inter- Te 2 7T MToc '

nal convection is the only cooling mechanism. The second tefy 555 me a constant mean value for the coolant Mach number
gives the_ reduct|_on \_Nhen film cool_lng is also used. When a thq(/lc_ Integration of Eqs(A3.5) then gives Eqs(14).
mal barrier coating is present).. is reduced by the factor (1

+ Biy,c). Clearlym, can be determined once,, 7 int, &, External Heat Transfer Loss.Rewriting Eq.(A3.5a) for the

Bi,,, and Bj,. have been specified. external flow,
m.. is now related to the actual coolant/mainstream mass flow

ratio. Neglecting the coolant injected upstream of the throat,

ngpg*Vg*Ag* (A212) ) ] ) )
wherepge , Vge andAg. are the gas density, velocity, and f|0WWhereTg is the mainstrearstatic temperature andQ is the heat

cross-sectional area at the blade throat. Introducing (ER.7) tra_n_sfer to the blade. The variation @ is accommodated by
gives, writing,

1 1

gzexLQE T—W* T—g) 6Q (A3.7)

Mg Aguri C i— yg_l Z)L— —
m_g: A_g*c_zistgmc+:Kcoolmc+ (A2.13) T (1+ 2 Mg Tog KeXtTog (A3.8)
where Sf=ag/CpgpgrVgr IS @ Stanton number based on thénd then assuming a constant mean value for the mainstream
mean external heat transfer coefficient and the flow propertiesN@ch numbemM, . Integration of Eq(A3.7) leads to Eq(16).

the throat. Eitheray or St; must be estimated from a suitable
correlation. Thecooling flow factor K., is defined by Eq.
(A2.13.

External Mixing Process. The momentum and energy equa-
tions written for the control volume of Fig. 7 afdropping the

subscriptx),
. 9Py _
Appendix 3 my p_g+V95V9 +6mcVy(Vg—Vecos¢)=0 (A3.9)
. (V2—V?)
Entropy Creation my( Shy+VyoV,) + 5mc[ he(Tg)—he(To)+ ——1 =0
Internal Heat Transfer and Friction LossesFigure 6 shows A3.9
an idealized onedimensional coolant flow. The momentum, en- (A3.%)

ergy, and second law equations are, The second law of thermodynamics is,

0| = _
me ﬁ+vcgvc — —VC5F (A3.]B.) §2m|x mgésg"— 5mc[sc(Tg vpg) S(:(Tc |pg)] (AB-%)
¢ Combining Eqs(A3.9) and usingT,dsy= dhy— dpy/pq gives,
m.(She+V8V,) = 6Q (A3.1b) he(Ty)—ha(T,)
oQ 0% mix= ‘smc[ Sc(Tgfpg)_sc(TCapg)_ T—]
8%int=M8S.— T (A3.1¢) 9
m.int (Vg—Vccosp)?  (V¢sing)?
Combining Eqs(A3.1) and usingT.8s.= sh,— 8p./p. gives, +ém 2T, + o, (A3.10)
1 V . . .
52”“:(_'___ T 5Q+ T_C5F=52int,Q+52int,F For an ideal gas, EqA3.10 is equivalent to Eq(17).
Cc m,int c
(A3.2)

This shows hows3;,; can be divided into two entropy creationReferences
terms, one associated with heat transfer and the other with ﬂUi(ﬁl] Young, J. B., and Wilcock, R. C., 2001, “Modelling the Air-Cooled Gas Tur-
friction. Expressingds, in terms of changes in total temperature bine: Part I—General Thermodynamics,” ASME J. Turbomach., this issue,

and pressure, 124, pp. 207-213.
[2] Holland, M. J., and Thake, T. F., 1980, “Rotor Blade Cooling in High Pressure
5T0C 5p0c Turbines,” J. Aircr.,17, pp. 412-418.
0Sc=Cpe— R (A3.3) [3] Horlock, J. H., 1966Axial Flow Turbines Chap. 8.3.
Toc Poc [4] El-Masri, M. A., 1986, “Prediction of Cooling Flow Requirements for Ad-

. o . vanced Utility Gas Turbines: Part I: Analysis and Scaling of the Effectiveness
and noting thaﬁQ_ mccpcaTOC ’ Eq' (A‘?"lc) can be written, Curve; Part II: Influence of Ceramic Thermal Barrier Coatings,” ASME Papers

1 5p No. 86-WA/HT-43 and 86-WA/HT-44.
Oc R i “ . ) .
5Eim: = mccpc5T0c_ MR——  (A3.4) [5] EI-Masri, M. A., 1986, “On Thermodynamics of Gas Turbine Cycles: Part
TOc Tm int Poc

' Power,108 pp. 151-159.

Taken together, Eq$A3.2) and (A3.4) give, [6] Kawaike, K., Kobayishi, N., and Ikeguchi, T., 1984, “Effect of Blade Cooling
System With Minimized Gas Temperature Dilution on Gas Turbine Perfor-

1I—A Model for Expansion in Cooled Turbines,” ASME J. Eng. Gas Turbines

1 1 1 mance,” ASME J. Eng. Gas Turbines Pow&@6, pp. 766—764.
Ointo=|7— 7| 0Q=| == = |MCyITq [7] Hartsell, J. E., 1972, “Prediction of Effects of Mass-Transfer Cooling on the
' Te Tm,int Te Tm,int Blade-Row Efficiency of Turbine Airfoils,” AIAA 10th Aerospace Sciences
(A3.59) Meeting, San Diego, Paper No. AIAA-72-11.
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Discussion: “Mode”ng the Air-Cooled 2 The Y/W concept of neglectingy, entirely throughout the

. cycle calculations is an invaluable generalization of the result of
Gas Turbine” (YOUI’]g, J. B., and Horlock et al.[1]. They showed that the so-called “work of ex-

; traction and delivery”[WED], which appears in addition to
WIICOCk’ R. C" 2002’ ASME [—AGg] in the expression for fuel exergy, is equal to the sum of

J. Turbomach., 124, No. 2, pp. 20#221) the changes in the entropy “partial pressure” terms arig@gn

the combustion process, aib) in the discharge of the exhaust

gases to atmosphere. Indeed, the HMY analysis may be formally

J. H. Horlock extended to include turbine cooling effects, to fully justify the

e-mail: j.h.horlock@talk21.com Y/W generalization. This reinforces the case for the “Haywood”
expression for efficiency advocated by the authors.

3 The illustration in Fig. 6 of Paper 1, showing that a mixed
expansion gives greater turbine work than parallel unmixed ex-
pansions, is also important. Note that it is true for real gas and air

The authors are to be commended for adding considerably&gpansions but not for isentropic expansions of mainstream air

our understanding of the fluid mechanics and thermodynamics&jtd cooling air as in an air/standard analysis; Deliéee Horlock
turbine cooling. [2]). This result means that real gas effects in cycle calculations

will become important as the maximum temperature is increased
[and the air-fuel ratio is decreaggdhe ¢, and y of the turbine
gases then become considerably different from those of air. This
1 The breakdown of the entropy increages “irreversibili- has an effect on the optimum combustion temperature for maxi-
ties” SToAS] is particularly enlightening. However, | would ar-MUM plant efficiencysee[3]] and will be the subject of a detailed

gue that an approach using Shapiro’s influence coefficignts future paper with the authors.
an important rider he gives in an additional equation for tot&References
entropy changeis not inconsistent with the approach in the [1] Horlock, J. H., Manfrida, G., and Young, J. B., 2000, “Exergy Analysis of
papers—indeed the identity of the two may be shown formally. Modlezrr17l=ossil—Fuel Power Plants,” ASME J. Eng. Gas Turbines Polast,

. . . . pp. 1-17.
Shgplro/Harts_,el dEtermlr]-EQ and p_O as the properties req_uwed to [2] Horlock, J. H., 2001, “Basic Thermodynamics of Turbine Cooling,” ASME J.
define the exit state. This is equivalent to the Young/Wilcock ap- ~ Turbomach.123 pp. 583-592.

proach of findingTO from the steady flow energy equation afd [3] Horlock, J. H., Watson, D. T., and Jones, T. V., 2001, “Limitations on Gas
Turbine Performance Imposed by Large Turbine Cooling FIASME Paper

at exit from the expressions for entropy change. 2000-GT-695,” ASME J. Eng. Gas Turbines POwek23 pp. 487—494.

I would pick out the following major contributions in the pa-
pers.
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Turbine Engine Performance
Improvements—A Proactive
Zane D. Gastineau Approa(:h

US Air Force,

AFRL/PRTA,
Wright-Patterson AFB, OH 45433-7251 Turbine engine concepts for the future are placing ever increasing demands on the design

g-mail: zane.gastineau@wpafb.af.mil engineer. These future systems are seeking to increase performance while at the same time
reduce costs. However, traditional engine design methods use large margins in the design
process of a specific component in order to guarantee proper operation throughout the
flight envelope over the life of the engine. These margins in fact reduce engine perfor-
mance and increase the costs. In this paper, active control will be presented as one
potential means of achieving the requirements for future turbine engines. In addition,
specific active control applications will be discuss¢BOl: 10.1115/1.1452246

Introduction fluctuations in velocity, temperature, and pressure in the flow.
They disrupt surrounding flow fields and cause severe stress on

The Controls and Accessorié€&A) group of the Air Force : ; ;
. . .~ engine components degrading engine performance. An approach
Research LaboratoryAFRL), Propulsion Directorate, Turbine to safely reduce these margins is using active control.

Engine Division is an identified component area under the Inte- - : : : : :

. . . The paper is organized in the following manner. First, a discus-
grated Hljg-]hTli]erformlanc;elHTFL)J_T_tE?ehEnglgle Te(;:hfpolu({;jl@*}PTE'l’)d sion of what active control is and why it is important is given.
program[1]. The goals of IHPTET have been defined to provide 4 active control technologies will then be described. This will
doubling of propulsion capability over an established baseline. % ¢,jowed by a discussion on hardware and software implica-
such the objectives of the C&A group were defined to support thy s tor the turbine engine. The last section will discuss future

overall IHPTET goals and provide quantitative figures of merit fofjirections for active control within the US Air Force.
improvement. Because the C&A contribute significantly to the

weight and costs of modern turbofan engines, weight reduction,
production and maintenance cost reduction and margin reductidgtive Control

have been identified as component area objectives. _ The traditional engine design process is based on a philosophy

Engine company plans and government environmental requiggat each component can be designed and built independently and
ments necessitate that tomorrow's advanced aircraft engines ffQsn brought back together to meet overall system functional re-
vide ultralow emissions and high efficiency at low cost, whilgirements. Following this approach, the individual component
maintaining current levels of reliability and operability. In termgjesigns are well established and possibly being built before the
of the turbine engine control system, the objective is to providgntro| system is ever considered, thus eliminating any benefit
reliable and consistent operation throughout the flight envelopgntrol system tailoring can offer to the component design. By
while not allowing the engine to damage itself. This is anticipateghnsidering active control methods early in the design process,
to continue to be the overall control system objective into thgrhine engine designs can capitalize on potential margin reduc-
future. However, reliable and consistent control is becoming mofigns that the control can offer.
difficult to achieve due to the additional demands that are placedActive control as used herein refers to dedicated feedback con-
on the propulsion system. It is clear from a comparison of Figs.tdo| loops around individual turbine engine modulesmponent
and 2 that the number of inputs and outputs on a typical turbigg that its performancéy some measujean be optimized. This
engine is growing. This suggests that the role the engine contefinition permits one to characterize the optimal performance of
system will play in the future is more demanding. In fact, thg component given its actual operating condition thereby minimiz-
control system will be much more than a propulsion control, biig off design losses. However, this will require closer coordina-
will be an onboard management system balancing the propulsiggh between the component and control system designers. Below
control requirements, power distribution and management requife-a brief description of active control technologies that are cur-
ments and the health management system. This will require thghtly receiving a lot of attention by both university and govern-
marriage of many research disciplines in order to effectively builghent researchers.
and demonstrate this new type of system as shown in Fig. 3.

Turbine engine component designs have historically incorpo-
rated large safety margins to account for uncertainties due to )
manufacturing tolerances, deterioration in service and variatio 1980's - 1990's
in operation caused by sensing errors. These margins add wei sesors 7 gy PR N T8 —
cost and reduce aerodynamic performance when added to a ct Ty’s” foerer
ponent. Now in order to further improve engine performance =~ | ' [ < | \/
these component margins are coming under increased scrut | . < ‘ p
However, when the margins are reduced, the risk of inducing bc B

mechanical and flow instabilities increase. These instabilities & w (A ‘E
characterized by increased engine vibration or by rapid, unstez i

Cooling J

Flow

ACTUATORS "
Contributed by the International Gas Turbine Institute and presented at the Int oY e sy I e VABL .= dh i

national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Lo... Gustomer Bleed
siana, June 4—7 2001. Manuscript received by the IGTI, January 3, 2001. Paper No.
2001-GT-371. Review Chair: R. Natole. Fig. 1 Current control technology level
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2000 & Beyond
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Fig. 2 Future control technology level

« High Temp Electronics

* High Speed Data Bus

« Fiber Optics

« Electro-Optics

« Power Distribution

« Electronic Packaging

« High Temp Power Conversion

+ Continuous Life
Tracking (]
« Compactness |

«+ Unique Sensing
+ MEMS
+ MOMS
+ Specialized Act. \

* Accuracy
| + Compactness
'/ Adaptive

« Flight Control

« Thermal Management

* Low Observables

« Advanced Fuel Systems
« Health Management

« Power

« Nonlinear Methods
+ Robust, Multivariable Methods
« Logic for Active Control

* Model-Based

rapid, unsteady fluctuations in velocity, temperature

Fig. 3 Future control emphasis areas

Table 1 Projected active stability control benefits

IHPTET Metric % Improvement
Thrust-to-Weight 2.0
Fuel Burn 1.5
Production Cost 0.5
Acquisition Cost 3.15
Operating Cost 1.0

compressor this increases weight and costs while adversely im-
pacting the aerodynamic performance. Active stability control has
the potential to reduce the required number of stages of compres-
sion, thereby reducing weight and costs.

One of the control objectives under the IHPTET program is 50
percent margin reduction. This margin refers to the excess stall
pressure ratio that is used in every conventional compressor de-
sign. The excess stall pressure ratio consists of a stack-up of worst
case effects due to transients, distortion, clearance, deterioration,
variability and random effects. Through a combination of active
stability control and stability management control, along with
aerodynamic and mechanical design improvements, the overall
required margin can be reduced by more than 50 percent, Fig. 5.
Active stability control concepts provide operation at or beyond
conventional stability limits and can be used to eliminate variabil-
ity and random effects from the stack-ups. Stability management
control refers to the direct control of the operating line and per-
mits the reduction in the amount of margin carried for transient
and distortion. Finally, elements of the stack-up associated with

Random 3 - 5%

-
-

~ " Engine Variability 2 -5%
-

o - Reynold’s Effects 3 - 5%
a - c - SRR -
. e QQ - - . N
Active Stability Control = - _-" .- Distortion 2 - 15%
7] -
. - . . . .. »n L d - - I -
Aircraft turbine engines operate in regimes limited by both rcg - - Transients 5.- 15%

tating stall and surge. A good control design would allow oper:
tion close to compressor stability limits while preventing rotatin
stall and surge. The past decade has seen considerable resear
the control of compressor stability. The interest in this area wi
initiated by the development of low-order nonlinear state-spa
model by Moore and Greitzd®] and captures the nonlinear dy-
namics of the compression system through a bifurcation chare
teristic. Then, Nett and his grouU] showed that the control of

rotating stall and surge using bifurcation theory developed by

Abed et al.[4,5] was effective for implementation on industrial
turbomachinery. A good overview of active stability control
(ASC) work is given by Gu et al.6]. Much of this work is based

upon assumptions using low-speed compression systems and

many cases was successfully demonstrated on low-speed rigs.
though that is encouraging, questions still remained as to the r

evance of the low-speed work to high speed compression system_
Other practical issued also remained, such as sensor locatior®

actuation capability, and reliability and system cost and weight.

order to address these concerns, the Air Force contracted wif2

Airflow

Fig. 4 Stability audit

120

100

i
e

B Random

M Variability

[ Deterioration
O Clearance

M Distortion

B Transient

|r§ 60

industry to investigate and determine the feasibility of ASC for
large engine applications and accelerate the maturation of th
most promising concep{s].

In terms of the IHPTET program ASC is projected to have the
benefits summarized in TablgZ]. To achieve stall-free operation
in conventional engine systems, compressor designs require th
stall pressure ratio capability exceed the steady-state and transie

40

20

Compressor
Without Control

Compressor
With Control

requirements by 10—30 percent as shown in Fig. 4. To achieve this

extra capability extra stages of compression must be added to

224 | Vol. 124, APRIL 2002

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME lice

the Fig. 5 Stability stackup

Transactions of the ASME

nse or copyright; see http://www.asme.org/terms/Terms_Use.cfm



clearance and distortion can be reduced through improved nfer the main control law. The development of these models is
chanical and aerodynamic design. It is important to note that besiearly on of the areas that needs the most attention due to the lack
efits due to other technologies such as an active clearance contifolinderstanding of the combustion process.
system have not been considered here.

This demonstration of active stability control on an aircraft gaSeneral Observations

turbine engine requires the development of some key technolo-A " trol tends to f individual ts. thouah
gies. first the development of a flightweight, durable actuation clive controf tends to focus on individual components, thoug

system with adequate bandwidth to provide robust control fystem benefits are usually realized. This implies that system level
needed. Second, an appropriate sensing system needs to be%g;r_ovements need to be recognized and become an integral part

fined, developed, and demonstrated. Third, the development &iduture research goals. These benefits are usually due to margin
uction for a given component. While in some cases benefits

demonstration of control algorithms that are easy to integrate a : . ; .
adaptive to the changing operating conditions. Fourth, a muItiprSan be realized for retrofit systems, the largest benefits are realized
: ' en active controls are designed into new-centerline engines.

cessing capability is needed to account for the smaller executiWH der to imol i " irol t ltiol
time required for active control versus the main control laws. n order to iImplement an active control system, multiple sen-

While progress is being made with the development of ASC at°'s and actuators will often be required. The sensors must survive

gorithms, the need for flight-worthy hardware must be given mo g high-temperature environments _and the actuators must have
attention. igh response. In addition, the wiring of individual sensors and

actuators to the control box may be impractical requiring the de-
) ] velopment of some level of smart actuators and sensors for imple-
Active Combustion Control mentation in a distributed control architecture.

Future advanced engines will require precise, reliable fuel con-Finally, active controls can compensate for errors or omissions
trol technologies in order to improve performance and operabilit)} the design of the engine. They can also compensate for prob-
In terms of engine combustion systems, precision control and M&Ms that occur due to in service degradation. To accomplish this,
nipulation of fuel delivery will be needed to provide a smartactive controls often deal with parameters which are of diagnostic

adaptive means to manage heat release, mixing, exit temperatuf§rest. Which facilitates the whole concept of managing the

and emissions. Several approaches have been investigated for'§&lth of engine.
tive control of combustion instabilitig8]. Active control of com-
bustion instabilities is a relatively new field, established to finummary

solutions to the combustion stability problem in advanced propul- There are a number of technical challenges that must be met in
sion systems. One of the first realizations was the need forggyer for active control to become a reality for aircraft turbine
model capable of simulating the perform'ance of the actively COBhgines. The development of sensors that can survive in harsh
trolled system that could be used to guide the combustor desighvironments. Highly distributed actuators employing micro-
procesq9]. _ o . valving may be needed for some applications. As well as high
Industry experience indicates that the operability, robustnegssponse actuators to suppress instabiliies. Accurate physics-
and durability of high-performance combustion systems can B&sed models that capture the dynamics of interest are required to
severely compromlsgd by combuspon instabilities Ieadlng to hlgﬁ“de both the development of passive and active instability sup-
development, operational, and maintenance costs. To eliminateyassion methods. Simplified dynamic models are needed to pro-
reduce the problems associated with these instabilities, currgie or enhance the capability of the component under active con-
combustion system designers attempt to use passive technigigs while maintaining full-envelope stability and operability
such as modifying the combustion procéserease pressure drOpmargins.
across fuel nozzIgsn such a way as to reduce the forcing of the |t ig clear that the implementation of active control approaches
instability, increase the acoustic damping within the system, gf, an aircraft gas turbine engine is predominantly limited by the
modification of the combustor geometry to prevent excitation Qfyajlapility of high bandwidth actuators and high temperature sen-
unstable modes. These passive solutions generally require consighs Additional active-control areas are also limited by the lack of
erable investment of time and resources to produce solutions tfjgHerstanding of the physical phenomenon that is of interest. Cur-
are limited to a specific system or limited operating range. Thegenily, there is work being pursued to address the hardware limi-
limitations have stimulated research in active combustion contighions that exist. However. no design has been shown to be com-
for large ranges of applicability and operating conditions. Resact  lightweight, and reliable enough for aircraft engine
search activities over the past decade have shown that activelyjications. Therefore, the best place for demonstration of active
controlled fuel modulation can significantly reduce and sometimggntro| technologies will be on ground-based aero-derivative

eliminate instabilities in laboratory combustors. Active Combu%ngines used for power generation or onboard turbine-powered
tion control in the literature has focused predominantly on “’%ips.

thermoacoustic instability due to the coupling between the heat
release and acoustic behavior of the combustor. However,
control of the combustion process covers also pattern fac:'gl‘ramendature
control (exit plane temperature profjleas well as emissions AFRL = Air Force Research Laboratory
(NO,/CO/UHC). Ag = nozzle throat area, sq. in.
The demonstration of active combustion control on an aircraft ACC = active combustion control
gas turbine engine requires the development of three key technol-ASC = active stability control
ogy areas as well as focused research in combustion. First, theC&A = controls and accessories
development and demonstration of a flightweight, durable actua- CO = carbon monoxide
tion system with adequate bandwidth to provide robust control is HPX = horse power extraction
needed. Second, an appropriate sensing system needs to be delGV = inlet guide vane
fined, developed, and demonstrated. Third, the development dRPTET = integrated high-performance turbine engine
demonstration of control algorithms that are easy to integrate and technology
adaptive to changing operating conditions. Fourth, the develop- N1 = compressor rotor speed, rpm
ment of comprehensive dynamic combustion models is necessary N2 = fan rotor speed, rpm
to facilitate the control system design. Finally, multiprocessing NO, = nitrous oxide
capabilities must be developed to handle the significantly smaller P2 = fan rotor inlet pressure, psia
execution time for active combustion control than what is required PS3 = static pressure at compressor discharge, psia
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T56 = temperature at low-pressure turbine exit, R [4] Adomaitis, R. A., and Abed, E. H., 1992, “Bifurcation Analysis of Nonuni-
UHC = unburned hydrocarbons form Flow Patterns in Axial-Flow Gas Compressors,” 1st World Congress on
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A Review of Purge Air Designs
for Aeroengine-Based Optical
Pyrometers

With the advent of “power by the hour” type agreements within the civil aeroengine

o Clive |j Kerr market, the application of engine monitoring system data has reached the level of strate-
e-mail: c.i.v.kerr.1998@cranfield.ac.uk gic use for informed decision making in not only the aftermarket but increasingly in the
contract negotiation stage. One of the key cost drivers in these dollar-per-hour contracts

Paul C. IVeV for the OEMs to analyze is the life and maintenance requirements of the turbine blades

. o leading ultimately to blade life management. Such life management of key components is
School of Mechanical Engineering, of critical importance to ensure that the economic and technical risks to both service
_ Cranfield University, provider and customer are minimized. The optical pyrometer, through providing a direct
Cranfield MK43 AL, United Kingdom temperature measurement of the turbine blades, is a primary input for providing a more

realistic assessment of the component’s operating history associated with the use of life
usage/remaining algorithms. However, the greatest concern with the in-service use of
pyrometry is the issue of fouling since the pyrometer’s lens is exposed to the turbine
environment. The level of optical contamination is usually minimized by introducing purge
air, bled from the compressor, down the sight tube to prevent both the build-up of con-
taminants on the exposed system optics and particles in the gas stream from coming in
contact with the lens. This paper provides a review of purge air designs and the key
methodologies for engine designers to be acquainted with when seeking to integrate the
use of optical pyrometry systems in new engine conc¢ptdl: 10.1115/1.1458578

Introduction Furthermore, the frequency of cleaning the pyrometer will have

. . . direct impact on the level of engine maintenance through to on-
 Optical pyrometers as used on gas turbine aeroengines ConVgR"nd aircraft turnaround times.

tionally have thelr sight tube. assemblle§ mounted .to projectThys, the exposed lens surface of a pyrometer system must be
through to the turbine chamber in order to view the turbine bladegaintained free from deposits if accurate temperature readings are
This therefore means that the pyrometer is open to the partict-be maintained and the provision of a purge air system attempts
laden gas stream of the turbine. In general a pyrometer has otdyensure this likelihood. However, it is not possible to completely
one optical surface, namely the lens, exposed to this harsh emliminate fouling, nor may it ever be, since there will always be a
ronment and since the lens acts as the interface between the ifggree of deposition and the resultant changes in lens transmis-
rior of the instrument and the exterior environment, particulaté4on caused by the contamination will alter the pyrometer calibra-
such as soot and sand can deposit on the lens acting as an ifiéf thus limiting the length of time for which the pyrometer can
ference filter by absorbing some of the thermal radiation from n@{ used without maintenance or recalibrafiéh It must also be

blades. This will result in an output signal that is representative g co>cd that it is not just a simple matter of cleaning the lens
uring maintenance since the present purge designs can only sat-
a lower temperature .than the actual blade temperature dug O the military requirements of a few hundred hours, which is
measurement error introduced by the optical fouling. It is agompletely unacceptable in the civil market where thousands of
knowledged that the optical contamination of the lens is the majgpyrs are required.
source of error in the use of pyrometry temperature measuremento further complicate the situation, each pyrometry application
in gas turbines; the other prime contributing factor being inaccis different due to the function the pyrometer should undertake,
rate evaluation of the target emissiv([ty]. the engine type and envelope size, so requiring a different ap-
In controlling applications, fouling of the lens would permitproach to installation. Hence, a purge air system must be adapted
higher turbine temperature operation resulting in blade tempefar the given engine geometry being penetrated resulting in the
tures in excess of their intended limits and thus shortening blagieecific design being initially studied for each installation. Atkin-
life. It is therefore essential to keep the pyrometer lens clean af@n and Guenarb] even described the design of a purge system
so prevent contamination. This is accomplished by introducirfdp -SCmewhat of a black art requiring a trial and error process to
purge air, bled from the compressor, down the sight tube to p%;velop a system th‘."‘t works for a partlcular_ engine |nstallat_|on._
vent any contaminants from depositing on the lens surface. At%_ne_ of the most critical aspects .Of developing a purge de3|gn_ 'S
. ) . e imposed space restriction, dictated by envelope size, which
cording to Sellers et a]2], the purge air arrangement is probablycan compromise the purge geometry, and hence its effectiveness.
the most critical aspect of the pyrometer system for use in engine
control with the success of the system being driven by the cleageneric Purge Configurations
liness of the lens’ surface. KirbyB] further reinforced this point
by stating “lens contamination is of crucial importance since th

constitutes a fail-dangerous error ma@eroneous low reading

An optical pyrometer is generally cylindrically shaped and
ounted in the gas turbine with its forward end projecting through
an aperture in the engine casing. Barp@rwas the first to note

that particulate deposition on the lens would be the “most likely

Contributed by the International Gas Turbine Institute and presented at the Intgburce of trouble in operation " and it would therefore be neces-
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, LoUl= !

siana, June 47, 2001. Manuscript received by the IGTI, October 12, 2000. Pap&fy t0 purge the sight tube assembly with a comparatively clean
No. 2001-GT-580. Review Chair: R. A. Natole. airflow to both prevent the penetration of particles in the turbine
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A
gas stream and any recirculation. The essence of the purge \\:
system is to maintain a positive pressure flow through the sig
tube to prevent combustion gases with suspended particles fr >
Z /

bvivd

entering the pyrometer and contaminating the lens. /
The most fundamental purge design is to flow air, at right ang

to the plane of the lens, down an elongated cylindrical tube

front of the lens housing—specifically, a tubular passageway hav-

ing an open front end. The drag of the out-flowing purge air serves Fig. 4 Still tube configuration

to stop most particles from flowing up through the sight aperture

and contacting the lens. In general, the sight tube assembly con-

sists of the lens housing, basically a tube that holds the lensrgmove large particles the technique experiences difficulty in re-

position, and a purge sleeve, which is another tube that fits in fromoving submicron particles or large sticky particles already

of the lens housing and has a number of purge inlets for tigkeposited.

tar:tgjgﬁgi: dml:t)g)(:\%(t:ggntk? ;tt?ﬁ epul;?eei'rr”:tss'Iél;ﬁrﬁtee(;f'grf'gaééi . inr Curtain.  The second generic configuration is the air cur-
purg y %n approach where the design concept is to provide an airflow in
A

number sufficient to provicje an adequate volume of purge.flo t of the lens so establishing a barrier that prevents any con-
and are generally circular in shape. The purge sleeve con5|sts[ 8rﬁinants from entering the sight tube, but unlike the air scrub-

both cylindrical and conical sections that define a funnel-sha&;f{]g system the purge air does not contact the lens. The air curtain

The resulting converging profile of the purge sleeve means thal . . o
: - . an be formed either through purge inlets positioned forward of
functions as a nozzle so that the velocity of the purge a'rﬂOYHe lens, as shown in Fig. % (fr V\%th the agdition of a still tube

increases through the conical section in order to minimize a A . o
L . ' . tension in front of the len&=ig. 4). The principal advantage of
backflow within the sight tube that would otherwise draw partlclerfé;{(is type of system is the reduced probability of the lens being

in from the turbine chamber. . . . S h
contaminated by any particles in the purge air itself since the

Air Scrubbing.  The air scrubbing approach utilizes the layegirflow does not make direct contact with the lens. Although, two

attachment or Coanda effect whereby the purge airflow is directdigadvantages do emerge from this approach, namely particles

over the lens surface so as to form a barrier to prevent any paray become trapped and then accumulate in the dead air zone

ticulates penetrating the sight tube from coming into contact witpetween the lens and air curtd®)]. Secondly, there is no mecha-

the lens. As the purge air flows over the lens it tends to scruism for removing any particles that may settle on the surface of

across its surface and any particles on the lens will be re-entrairibe lens after the aeroengine shuts down, excluding cleaning dur-

(Fig. 2. The purge must be controlled so as to maintain an athg routine maintenance.

equate flow velocity to insure that any particles that are removed

from the lens remain entrained and are carried outwardly aw&ources of Contamination

from the optics. An important advantage of this generic configu- thare are only two sources of lens fouling. Firstly and the most

ration is that the scrubbing action permits the removal of ignitiogy, io,s peing gas stream particles in the turbine chamber that
pha;el dep;]osn(;ls that may fﬁrm during gnglnhe sta(;[t?ﬂm«lzo, any enter through the sighting aperture and it is this source of con-
partic els t aﬁ e?osn ast Ie aeroer;lglne shuts dOWE, u(;,; 10 9"%¥kination that the purge air system is employed to minimize, if
tationa t;set’glng or examp e,hare then removed when the purgg; hrevent. The second contributing factor to lens fouling is more
system begins to operate with engine start-up. subtle yet just as significant, the fact that the source of purge air is

However,_ Hayden et a[g] acknowledged two F’””Cip’?" disad- bled from the compressor means that particles are present in the
vantages with the scrubbing approach; firstly any particles in tE

A
I

7

L itself b h he | hus | ‘ he lik trge airflow itself. Thus, in certain designs the purge air can
purge air itself are brought to the lens thus increasing the likeltey,q)1y he attributed to the cause of lens fouling rather than mini-

hood of deposition. Secondly, although the scrubbing action “Hlzing deposition as it was intended.

Turbine Chamber Penetration. A positive pressure flow is
maintained through the sight tube to prevent particulates in the

*W —— turbine gas stream from penetrating the sight tube and reaching
SN the lens. Such particles typically have high inertia and thus the
— purge airflow must be adequate to redirect these contaminants
~ . - back around and down the sight tube to re-enter the turbine cham-
> - ber. The most significant particulate matter in the turbine gas
- stream is the suspended particulates that result from the combus-
N W ., tion process, with soot being the major constituent. Of course,
I there are many other particles present such as those that have been
ingested by the engine, for example sand, and particles from the
Fig. 2 Air scrubbing configuration engine itself through erosion of components.
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Purge Air Deposition.  The second source of contamination iS22 7 !
the deposition of particles from the purge air and this source \lwfm z

error is sometimes easily overlooked especially in some air scrt

bing systems. Compressor bleed air is used as the supply for | / //y '
pyrometer purge system and it is usually particle-laden with pe //
ticulates that originate from the surrounding atmosphere ingest L/ ’ %

by the engine. For example, any sand that reaches the pyrom:
will probably be in the molten state and thus be sticky so that it

adheres to the lens and will then further attract other particles Fig. 7 Air scrubbing via protruding lip  (US 4,240,691)
increasing the accumulation. It is also this source of contamina-

tion that blocks the cooling channels of turbine blades that can

eventually lead to blade overheating and reduced life. A simpleA similar design concept has been proposed by Holmqvist et al.
solution is to remove the particles in the purge through the use[dfl] whereby a protruding lip, inclined to the lens, is positioned
a filter; however, such items are not favored due to maintenangéh a forward set of purge air inlets so that the airflow scrubs
issues, weight and the fact that this is another component tla&ross the optic&Fig. 7). The narrow gap formed between the lip
must be added to the aeroengine together with the subsequamd lens is such that it causes the purge stream to be uniformly

ramifications that may then emerge with its installation. distributed around the entire rim in order that the airflow meets
symmetrically in the opening. According to their design method-
Proprietary Designs ology, the edge of the lip facing the lens must not be greater than

Although there are only two generic configurations for pyromls deg so as to avoid turbulent flow during expansion along the

eter purge air systems, there are numerous adaptations that e and ensure that the purge air flows in a substantially laminar
been developed and implemented in order to improve the eff gshion. If this slc')pe.angle were to be Iarger.t.han Its recommenqed
tiveness of the basic designs or to overcome certain inheré(r?ﬂue' t_hen the I|ke_l|hood of particle deposition would be signifi-

weaknesses. In order to develop a greater appreciation and ins tly increased since turbulent floyv WQUId develop. The edge
into lens purging, a survey of the design methodologies and p|J >elf is also made as sharp as poss_lble n orde_r to prevent tu_rbu-
prietary techniques has been conducted. It is worthy to note t;l'%"f'ce' However, through their experimental testing of the design,

such proprietary designs are not only from the pyrometer compa2/Mavist et al. noticed that a layer of deposits formed at the lip
nies t?]ergselve);, butgjust as signific)ismtly frompt)rge end users, the edge. Their solution to this problem was to recommend that

: . ; the velocity of the purge air be intermittently increased at given
this case, principally the gas turbine OEMs. time intervals such that the length of time between consecutive

Symmetrical Scrubbing. For the air scrubbing configuration, increases in velocity is a function of the speed at which the layer
Rosemount Aerospad®] introduced the use of a flow tube orbuilds up and its thickness. The difficulty of implementing this on
flow control sleeve, which controls or directs the purge, to furthem aeroengine installation is firstly, there is no available data on
induce the airflow to scrub across the outer surface of the letie build-up of the deposits, and secondly, the need to regulate
(Fig. 5). The application of the flow tube, with a number of tanpurge velocity adds to system complexity.
gential ports arranged around the circumference of the lens sur-

face as shown in Fig. 6, is intended to increase the scrubbinﬁInertlal Separation. Principally in air scrubbing designs, in-

action because an adequate air velocity will be passed across & éal tﬁeparatlcfnln te(;hnlques are eTp,l[ﬁyi? to rttemclive patlrtltiles
lens to reentrain any deposited particles. However, the resultgrﬁ)tm tN€ main flow ot purge air prior 1o the flow actually contact-

symmetrical inward flow will produce a stagnation zone, or sp g with Fhe optics. T.h's IS usually_ achieved by causing an abrupt
of no flow, on the lens because the radial flow is balanced. Th§!i2"9€ N the direction of the airflow, before passage over the

as noted by O'Brien and Myhri], particles will therefore tend _ehs,_ such that the Iarge_r particles are separated, due to their high
to deposit and then accumulate at this dead air zone in the ce tia, and thus do not impact and adhere to the outer surface of

of the lens. Rosemount also remarked that they found it ve € lens. With proper design the process of entrained particles

difficult to re-entrain submicron particles already deposited usiffPinging against a surface can es_tgblls_h_ a d|\(|$|0n between sus-
this air scrubbing technology. nded particles larger than a specific critical diameter that collect

on the surface and those smaller particles that remain in the
airflow [12].

Rosemount Aerospace makes ready use of inertial separation
for pyrometer purge air systems. In their patent US 4,786,188, the
purge inlets’ axes are inclined to the longitudinal axes of the sight
tube assembly, as illustrated in Fig. 8, in order to minimize direc-
tion change and turbulence as the purge air enters the unit. Par-
ticles within the purge air then impact on the outer surface of the
flow tube. Rosemount found that the larger particles are deflected
and carried along with the flow whereas the smaller particles with
adhesive properties adhere to the tube. These smaller particles
Fig. 5 Air scrubbing via flow tube  (US 4,786,188) may then agglomerate and be later re-entrained by the flow as a

= NNy
Fig. 6 Flow tube inlet arrangement (US 4,786,188) Fig. 8 Use of inertial separation (US 4,786,188)
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Fig. 11 Swirl system via gas nozzle (US 4,784,491)

downstream through the crenels and then over the lens. The re-
sultant swirling flow not only scrubs the lens but also sweeps

through the gap between the lens housing and the inner surface of
the purge sleeve. The angle at which the air is redirected, i.e. the

. . . angle of the path defined by the crenels with respect to the py-
large particle forms. In this design, the flow tube has a numberﬁl‘;{émeter central axis, should not exceed 30 deg without encounter-

Fig. 9 180 deg inertial separator (US 4,786,188)

openings in transverse alignment with the lens surface such t separation problems at the lens’ surface.
the main purge flow is across the optics and through the interior of 5 have also utilized a swirl component in some of their de-

the sleeve. It is this abrupt change in flow direction that causgg,qr15): however, their systems impart the swirl after the air has
inertial separation such that large particles, those greater tha@phed across the lens. This use of swirled flow is to increase
few microns, are separated from the air before it enters the flq

be. The mi irflow b h | a1l We allowable flow velocity of the purge air in order to minimize
tube. The minor airflow between the purge sleeve and flow WRE ticle penetration and to divert such particles toward the sight
will then transport these larger particles through the sight-tu

. X Whhe walls. The means to impart the swirling motion to the air
assembly into the turbine chamber. However, the smaller particlescists of a gas nozzle and its mount, which are positioned in

those less than a few microns, will tend to remain entrained in “ﬁ%nt of the lens, such that after the scrubbing process the air flows
flow that scrubs the lens; although, according to Rosemoung’;lg

> X - ough the holes of the nozzle mount and into the gas nozzle
patent, these smaller particles are not effectively deposited on {6, 13) The result of this configuration is the establishment of a
lens as they have |nsuff|0|ent momentunj to penetrate the bou glral motion in the purge as it flows at high velocity through
ary layer of purge air formed at the lens’ surface. these components and down the sight tube. Principally, the swirl-

_The inertial separation and air scrubbing effects incorporatggh mation imparted to the purge air means that it can be given
within this design can be further enhanced by shaping an annulgher velocity for the same flow rate and thus increase its ability
portion of the outer surface of the flow tube, just before the trangs™yivert penetrating particles.

verse openings, into an airfoil shape to produce a reaction force t0ysq, the internal surface of the sight tube has relatively deep
induce a large flow across the lef#. In order to minimize any g.46ves or screw threads, pitched in the direction of purge to
potential contamination from. the_ purge air Myhre et[al] 'eC-  sypport its rotation as it swirls along toward the outlet. Under the
ommend an abrupt change in airflow of at least 90 deg prior l(io of the centrifugal force caused by the rotation of the purge
scrubbing. In a variation to their original design. Rosemount ha . particles are turned toward the walls of the sight tube and
also produced a separator with a 180-deg directional change of g Jcited on the threaded channel walls with the grooves being

purge air as shown in Fig. [B]. . . angled to encourage the particles to bounce back out of the sight
However, there are a number of important disadvantages assgs

ciated with the use of inertial impactors. Those stated by Biswas
and Flagari13] include: Swirling Vortex. GE further adapted the use of swirling
flows to produce another form to the basic lens scrubbing configu-

* particle bounce from the collection surface upon impaction 4tion whereby the lens cleaning is achieved by directing purge air

* break-up of particles upon impaction . spirally inward over the lens surfadé6]. Surrounding the lens
* blol\?’l'Oﬁ or re-entrainment of collected particles housing is an annular chamber formed by the purge sleeve with an
* wall losses inlet tube through which bleed air is introduced into the annular

More importantly, the fact that particles smaller than a specifiiamber(Fig. 12. This annular chamber thus acts as a manifold
critical diameter still remain in the airflow and contact the lent distribute the entering purge air to produce uniform circumfer-

does not lessen the difficulty of re-entraining submicron particl@tial airflow with its velocity being related to the mean diameter
already deposited using this air scrubbing approach. of the annular chamber. At one end of the annular chamber adja-

cent to the outer surface of lens is an annular gap that introduces
Swirl Components. In a different approach to improving the the purge air along the outer perimeter of the lens.
effectiveness of the basic air scrubbing configuration, Allied- The tangential component of the air results in a swirling or
Signal[14] introduced an air swirl component defined by an alyortex flow shown in Fig. 13, which then scrubs across the lens as
ternating series of merlons and crenels extending circumferen-
tially around the lens housing a distance behind the (Eits 10.
Thus, the air entering the plenum from the purge inlets flowe -

7

?__ —T_.__a‘ — 1=
! |

\? < {77777 |!;]'l{ 7

n '!.!,!‘

Fig. 10 Air swirl component (US 4,934,137) Fig. 12 Vortex purge system (US 4,738,528)
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the airflow moves inwardly due to angular momentum. However,
as noted by Craft16], when the radius of the airflow is reduced as
it moves radially inward, with increased velocity flow, at some
critical distance from the center of the lens the vortex airflow
terminates and moves axially outward along the axis of symmetry
of the sighting tube. Thus, a stagnation zone develops at some
radius from the axis of symmetry, and as a result particles are
deposited at the center of the lens at the stagnation zone while an . ) L . .
annular area of the lens surrounding the stagnation zone will orin partlcle_ rem_oval from the lens via air scrubbln_g. _The_lr
virtually clean. solution, as outllr_1ed in pat_ent US 5,146,244, was the elimination
of these webs with a continuous, open annular slot that extends

Asymmetrical Scrubbing. To overcome the deposition of the complete 360 deg around the lens shown in Fig. 15. The
particles at the center of the lens or stagnation Zolue to sym- asymmetric flow pattern is now obtained by providing a swirling
metrical scrubbing and vortex flow'Brien and Myhre[10] flow upstream, prior to the time the purge flow scrubs the lens, via
modified the design to produce an asymmetric flow of purge a#.helical surface feature on the outer surface of the lens housing.
The resultant shifting of the flow pattern across the lens avoids tlbus, the coils of the helix impart a helical flow to the purge that
development of a dead air zone and thus reduces the likelihoodtlogén scrubs across the lens. This axial turning of the airflow pro-
particles being ejected from the flow and depositing. Their imddes inertial separation, due to its centrifugal force since larger
provement was achieved through enhanced control of the airflgparticles will then tend to move radially outward, and because of
through the openings of the flow tube since these openings wéhe tangential component of the air movemenice it is turned to
made so that they were not symmetrical with respect to the centflaw across the lengFig. 16), there is a shifting of the flow so
axis of the lens. eliminating any stagnation zone or other low flow areas that

In one version of their desigri0] the openings at the peripherywould cause particle accumulation.
of the lens comprises of two large ports and two smaller ports Additionally, the near end of the flow tube has a series of sec-
separated by support webs as illustrated in Fig. 14. The positiaandary flow apertures positioned such that a part of the flow,
ing of the support webs is such that the radial inward airflow frorvalled the secondary flow, exits through these openings so that the
each of the openings is not opposed by an equally sized perttrained inertially separated particles pass downstream away
directly opposite. In other words, the axes normal to the tangeinom the lens. It must be noted that the secondary flow is less in
plane at the center of each opening are not in common axis withlume than the primary flow that scrubs across the lens and that
another opening on the opposite side of the [&®. Effectively, the flow tube can be positioned in the desired location along the
this means that the airflow from each of the openings does rsght tube assembly in order to provide an adequate size of open-
have a diametrically equal opposing flow since if the flows weriag for the secondary flow.
balanced the central stagnation zone would develop where théRosemount also developed a second form of this assembly
opposing flows would merge. This asymmetrical flow thereforehereby instead of using a helical surface, to impart the asymmet-
causes a shifting turbulent flow pattern that tends to move acra#s flow, the end of the flow tube is inclined or tapered, with
the entire surface of the lens and can be controlled through ba#spect to the central axis of the sight tube, such that the upper
pressure and opening size. portion of the slot is wider than at the bottom sect{d]. This

However, even with the improvement in scrubbing with asyntapered slot, illustrated in Fig. 17, then provides the necessary
metric flow Myhre et al[17] later acknowledged that the supportasymmetric flow pattern that shifts laterally across the lens be-
webs, which define the peripheral ports to the lens, also lead to t&use the slot smoothly tapers from its maximum gap width at the
formation of low flow areas on the lens adjacent to their insidepper section, and hence greater inlet flow, to the narrower gap at
surfaces such that particles tended to accumulate. This effecttlod bottom.
the support webs had not been initially recognized as an inhibiting

Fig. 15 Annular slotted flow tube  (US 5,146,244)

Fig. 14 Flow tube inlet arrangement for asymmetrical scrub- Fig. 16 Primary airflow through slotted flow tube (us
bing (US 4,836,689) 5,146,244)
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Fig. 20 Still tube system (GB 2,158,576)

purge inlets, then flows along the annular passageway, across the
front end of the still tube and finally exits the sight tube assembly
into the turbine chamber.

According to Pointer and Masofii9], when sufficient purge
flows across the end of the still tube it tends to draw air out,
causing a slight reduction in pressure within the larger diameter
rear portion, developing a substantially constant pressure environ-
ment within the tube. This establishes what Smiths Industries term
“a resonant column of gas” within the sight tube such that there is

Fluid Screens. Making the transition to the air curtain cofigu-g hstantially constant pressure at any point along the column, and
ration for preventing lens fouling is the application of fIw}

// purge systen(Fig. 20. The bled air is introduced through the

Fig. 17 Tapered flow tube (US 5,146,244)

. . X herefore no overall mass transfer along the tube so minimizing
screens, whereby the idea is not to scrub the lens, but instea

. . > - Riicle deposition on the outer surface of the lens. The frequency
form a protective curtain of air to prevent particles from penetraliy s resonant column is dependent on the dimensions of the still
ing the sight tube. In the design proposed by HaflE], an array 4,6 1y addition, the design of their still tube is such that at lower

: . A t
of equal diameter purge inlets are inclined at an angle, preferabjye flows(insufficient to set up the resonant columany turbu-
in the range of 25-30 deg, with an equal spacing between adja-

. i ; ce in the purge flow at the tip of the tube is confined to the
cent inlets as shown in Fig. 18. As the airflow enters through ”%‘?naller-diameter portion, which in effect acts as a barrier.

inlets a conically shaped fluid screen is developed in front of the g iths also elaborated on a number of design rules for their
lens in order to prevent particle penetration from the turbine : : o
- . - ge system. The first of these relates to the six purge air inlet
chamber(Fig. 19. It_|s recommended in patent US 4,306,835 th les, which are equally distributed about the purge sleeve, allow-
Lhe angle of the fluid screen be preferably in the range of 50—{) the entry of air from the engine by-pass duct to the rear of the
eg.

annular passageway. The combined area of these six air inlets is
Still Tubes. The fluid screen method for providing an air curSignificantly larger than the area of the smallest gap formed be-
tain can be greatly enhanced through the addition of a still tubetiyeen the end of the still tube and the in-turned lip of the purge
front of the lens. This tube has the opposite function to the flogleeve that defines the circular exit aperture for the purge flow.
tube used in air scrubbing designs since it establishes a still regidcondly, the exit aperture of the sight tube assembly is larger
in front of the lens to prevent any contaminants in the purge dftan the internal diameter of the forward portion of the still tube,
itself from depositing on the optics. Smiths Industries utilize@ut smaller than its external diameter. The still tube has an internal
such a design through their patent GB 2’1581512@ where the dlame.ter of about 12 mm at its rear'portlon and is Stepped to a.n 8-
lens is mounted in the lens housing that then has an addition tuB¥h diameter about halfway along its length by a conical section.
with a reduced diameter front portion, attached to its front end. An Typically air curtain purge systems with still tubes have only a
outer co-axial tube, or purge sleeve, is further fitted around ti§égle purge air entry inlet. However, the purge air may then un-
still tube to form an annular gas passageway_essentia”y’ tﬁ@rgo swirl after entry and result in a nonuniform VelOClty distri-
bution together with the development of eddy flows inside the still
tube. To prevent such a scenario Ridley and Fearneh@@jtof
Land Infrared produced a modified still tube with the addition of
extending vanes to produce a swirl reducing system as shown in
Fig. 21. Their purge assembly has at least two axially spaced
chambers, positioned about the purge sleeve, linked by a restric-
tive opening such that a pressure difference exists between the

7 S
2z f
Fig. 18 Purge inlet arrangement for fluid screen (us = .
4,306,835)
~. b-“ £y
ey ’
S e - 4o W7 RS X
N et C:W %7 &
Fig. 19 Fluid screen (US 4,306,835) Fig. 21 Swirl reducing system via vanes  (US 5,599,105)
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(b)

. . . L Fig. 24 Beveled sight tube aperture  (US 4,934,137)
Fig. 22 Swirl reducing system via diffusers (US 5,421,652)

adjacent chambers. The upstream chamber is connected to the
source of purge air and the downstream chamber opens into the
purge passageway via the swirl reducing system. This swirl reduc-
ing system consists of a number of long vanes that extend along at
least half the length of the still tube in order to straighten or
remove the swirl of the purge airflow. The still tube, itself, will
also need to be sufficient in length since it is provided to reduce
eddy current velocities within its inner domain due to the purge
flow at its outer end. Land also found that the eddy flows could be Fig. 25 Optical shutter (US 4,657,386)
further suppressed if the still tube where tapered radially inward,

in a direction away from the lens, and if a sharp lip was also

provided to its outer enf20]. Kast and PrasafP1] of GE have aergengine since the pressure of the purging air is reduced and so
also patented an air-straightening component for pyrometer puiggyficient to ensure that particle penetration of the sight tube is
systems that takes the form of a pair of diffusers being positiongg |east minimal. This problem was aggravated in certain Pratt &
midway along the sight tube and at its tiig. 22. Whitney turbines because maintenance requirements forced the

Deflection Surfaces. Another approach that complements théns’[allation to be located in a region near the bottom of the turbine
use of purge air to prevent lens fouling, is the use of deflectors frorder to allow easy access during scheduled servidhgSuch
lips employed at the end of the sight tube in order to deflect tgelocation is of course prone to gravitation settling of particles.
cross flow of the combustion products in the turbine chamber. The Solution to this problem was developed by the United Tech-
Avcu Corporation has patented such a technique whereby the & logies Cor_poratnonﬁ22] through the addition of a shutter at the
stream edge of the sight tube functions as a lip, shown in Fig. 7d of the slght tube that operates to seal the tube until the air
to minimize entry of particles into the pyrometg8]. Their de- Pressure within the aeroengine exceeds a pre-selected threshold
sign is further aided by a secondary fluid screen, to supplemdRggnitude with the shutter remaining open as long as that thresh-
the primary screen at the lens, where purge air flows through ald is exceeded. The shutter itself consists of a conventional heli-
annular spacing between the turbine casing wall and sight tub&al spring attached to a movable piston as illustrated in Fig. 25.
Along a similar design process MacKgy4] proposed to bevel )
the turbine shroud at the sight tube aperture so to form a deflectiGonclusion

surface to deflect particulates in the turbine gas StréBig.  gjince each pyrometer installation is different for a given engine
24(2)). The entry of particulates into the sight tube is thus miniy e the pasic configuration and dimensions of the system are
mized bdy bre]vellln% or roubndlng the rim ofdthe shroud where @;odified to meet the envelope size requirements. This design pro-
surrounds the sighting tube aperture in a downstream portion dfsq can potentially comprise the effectiveness of the unit's purge

relation to the turbine stream. The radially inward-facing surfacg, gy stem and thus have significant impact on the operational use
of the shroud defines a deflection surface from which partlculat%?,

which would otherwise penetrate the sighting tube, are deflectgg

back into the turbine chamber. The angle between the deflectiofyie to gas turbine installations. This acts as the first step in
surface and the shroud, see Fig.(t84 should be in the range g urbine ons. l b

allowing designers to understand the relationships between lens
25-45 ded 14]. fouling and the pyrometer installation through having an appre-
Optical Shutters. In further analysis of the particle penetra-ciation of the practices already employed.
tion problem Suarez-Gonzalez and Kepp®2] noted that lens
fouling was particularly acute during start-up or shutdown of thﬁcknowledgments
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An Argument for Enhancement of
the Current Inlet Distortion
Ground Test Practice for Aircraft
Gas Turbine Engines’

Milt Davis The current high-performance aircraft development programs, and the trends in research
and development activities suggest a rapidly increasing level of aircraft subsystem inte-

e-mail: milt.davis@armold.af.mil gration, particularly between the airframe/inlet and the propulsion system. Traditionally,

Alan Hale these subsystems have been designed, analyzed, and tested as isolated systems. The in-
teraction between the subsystems is modeled primarily through evaluating inlet distortion
Dave Beale in an inlet test and simulating this distortion in engine tests via screens or similar devices.

For the current test methodology, the environment that is supplied by the inlet is simulated
by the imposition of total pressure profiles at the aerodynamic interface plane (AIP).
Unsteady or transient variation in total pressure is generally not considered to be impor-
tant. In addition, angular flow, commonly called swirl, is also not considered important
enough to be simulated. In the current paper, an overview of current techniques for inlet
performance, distortion characterization, and engine distortion testing is presented. A
numerical study was conducted on a single high-speed rotor to qualify potential effects on
stability and performance and to support the concept that dynamic distortion and swirl
may have large enough effects to affect the experimentally determined stability limit. This
paper reports a numerical investigation using a 3-D compression system simulation that
supports the enhancement of the existing methodology to include the effects of time-
dependent distortion and swirl effects. Based upon both experimental and numerical
evidence, AEDC has embarked on efforts to develop inlet simulator technologies directed
toward future airframe-propulsion integration requirements. This paper presents issues
that require advancements in the simulation of inlet distortion techniques for direct-
connect turbine engine testfDOI: 10.1115/1.1451087

Sverdrup Technology, Inc.,
Arnold Engineering Development Center, AEDC,
Arnold Air Force Base, TN 37389

Introduction of systems showed that flow angularity could affect both operabil-
{ty and performancdAccording to the unpublished S-16 docu-

C:ntgrrl(rxggcgtft{f ;tlgﬁ doé\/tglizftirc?(%lgEE)nr?\Iiggiec)rrzni% CDeer:Itzlr%%n;nment,“lntake Flow Anularity: A Current Assessment of the Inlet/
Engine Swirl Distortion Problem). In an aircraft inlet, flow

gas turpin_e engine propu]sion issues. The gdvent of technologé ularity appears in the form of swirling flow. A rotation of the
for p“?V'd'F‘g controlled flight at extremely high angles of attac tire flow about the engine or compressor hub constitutes a bulk
and sideslip have enabled weapon system developers to cons f and either increases or decreases engine performance de-

supermaneuver and post-s_tall maneuver capabllltles_ as co &IIding on the direction of rotation with respect to the machine.
tactics. As a result, future fighter aircraft may be required to e Fé:nalized swirl, in the form of vortices appearing in various re-

ecute maneuvers containing drastic and transient changes in fligRf,s of the AIP. can affect surge margin. Engines lacking inlet
conditions at the high power settings demanded by combat. S%éde vanes have demonstrated the highest sensitivity to inlet

maneuvers present the issue of the role that the distortion tirdg: | A examples, inlet swirl can originate at the aircraft fore-

history might play in the inlet-engine integration task. Large ang,qy or it can be generated in S-shaped inlet diffuser ducts. There-
transient changes in angle of attack can produce hysteresis, ﬂﬂg, the advent of stealth systems, with blended inlets and
therefore deviations, from the steady-state condition. As a I’ESLgt_,ductS’ may introduce requirements to address swirl in future
future direct-connect engine or compressor tests may require ‘%ﬁ'gine compatibility tests.
tortion generators capable of producing a rapid sequence of disggth inlet and engine ground and/or flight testing use a meth-
tc_)rtion patterns to provide a time history corresponding to a traBdoIogy developed by the S-16 committee of the Society of Au-
sient maneuver. o _ tomotive EngineergSAE), the Aerospace Recommended Prac-
Another type of inlet distortion that may appear in future opefice  ARP-1420[1] and its companion document, the Aerospace
ability and performance assessments involves flow angularity. TRormation Report, AIR-14192] as guidelines for evaluating
current total-pressure methodology neglects flow angularity asriet and engine performance and operability with nonuniform
separate distortion parameter. However, experience with a numRg&t airflow. These documents are a recommended practice, de-
- rived by consensus of industry and government practices during
1Th‘i E:eselar&‘ggg’“:d Eere‘” s Pel”grmed bl(’j “\‘/3 A&“O"é E“Qilne_e”fng t'?]‘?"ﬂ‘re late 1970s and early 1980s. Over the last 25 yr, these consen-
?gsrzg?ch vigrg done b&/ plérsgL?eI O?Se\r):rdrgg]'?::rllnblog;, |i2., :EaD)(l:SI(SSr;L:p, 'I[Seﬁlrls PraCt'CeS hav_e become eStabh_Shed methodologies. .
nical services contractor. Further reproduction is authorized to satisfy the needs ofThiS paper reviews what constitutes the current practice for
the U.S. Government. evaluating engine and inlet compatibility issues and highlights the

Contributed by the International Gas Turbine Institute and presented at the In btential for increasing the information available from current
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Lgu-

siana, June 47, 2001. Manuscript received by the IGTI, November 17, 2000. Pafiesting through the fusing of computational modeling and simula-
No. 2001-GT-507. Review Chair: R. A. Natole. tion and experimental data to provide a numerical simulation of
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Fig. 2 Schematic of airjet distortion generator

the airframe-engine system. A previous pap&r addressed the

need and level of simulation technology that will be required for ]

ground test facilities to provide a simulation capability for fulwith the approaching flow to effect pressure losses. An array of
inlet-engine compatibility evaluations. This paper specifically agtich jets, mounted on struts upstream of the test article, provides
dresses the need for modifying the current ground test methodalmeans of spatially varying the pressure defeetg. 2).

ogy to include the effects of dynamic distortion and swirl. By remotely adjusting the flow distribution among the jets, the
tester can set desired distortion patterns without interrupting the

. . . test for hardware changes. Unlike the wind tunnel or flight test
Current Distortion Test Practices methods, the direct-connect method requires a-priori definition of

Keeping with one of the fundamental precepts of the recorthe flow distortion patterns to set in the inlet simulator whether
mended practice set forth in the ARP-1420, namely, that engisereen or air jet distortion generator. As the direct-connect ap-
stability can be defined by tests using equivalent levels of steagyoach finds wide application throughout the vehicle development
state distortion, the aircraft manufacturers, engine manufactureyle, the patterns fall into two general categories:.cthssical
and testing organizations have implemented testing procedudéstortion patterns, and) Zomposite or complex distortion pat-
which reflect that premise. terns.

By virtue of being available early in the air vehicle develop- The so-called classical distortion patterns consist of standard-
ment cycle, the direct-connect method has become the workhoized patterns that provide specific distortion features such as tip
for testing compressors or engines in distorted flows. The methgatial distortion, hub radial distortion, circumferential distortion
can readily be applied to engine components such as individwath various multiple-per-rev specifications, or combinations.
fans or compressors as well as to complete engines. In the diréldtese patterns are generic in the sense that they do not necessarily
connect test, the component or engine is connected directly to@nrespond to a specific vehicle. The classical patterns generally
air supply duct that provides conditioned air at a pressure, tefind application earlier in the development cycle to establish the
perature, and Mach number commensurate with a given flighasic sensitivity characteristics of the engine or compression sys-
condition. Thus, the duct conditions correspond to the flow outptém. A discussion of the classical patterns and sensitivity tests
by the inlet after the diffusion process. With respect to thappears in the AIR 1419.
freestream, these conditions often include lower Mach numbers,The screen and air jet distortion generator devices provide only
higher static pressure, and higher static temperature. So, irstaady-state distortion patterns. However, historical wind tunnel
sense, the supply duct functions as an inlet simulator taking thest results have shown that the time-variant distortion or swirl can
place of the actual inlet. be significantly higher than steady state. Over the years, a number

In the absence of the inlet and airframe, the direct-connect agf- devices have been developed in an effort to simulate time-
proach must rely on additional techniques to simulate the distafariant distortion in direct-connect tests. Examples of such de-
tion produced by the inlet. A number of methods have been aygices can be found in the random-frequency genergigrthe
plied to simulate steady-state inlet distortion as well as varioukiscrete-frequency generatf8], and planar-wave generatpr].
aspects of time-variant distortion. The two most widely used inl@the random frequency generator devices generally used separated
distortion simulators are the distortion screen and the air jet dilew to produce fluctuations similar in nature to those encountered
tortion generator. in an inlet duct. Discrete-frequency generators generally use a

The distortion screen generates steady-state total-pressure patiodic pulsing of the flow to develop fluctuations at specific
terns through flow blockage, a function of screen porosity arftequencies. These fluctuations may be produced by the air jet
approach velocity. The screen consists of an assembly of varialistortion generator with pulsed jets or by rotor-stator devices.
wire meshes with shape and porosity tailored according to thwever, these devices have yet to find general application.
particular pattern of interest. When mounted forward of the com- To address time-variant distortion, the current methodology ap-
pressor or engine and normal to the flow, the screen subjects fhies the following approach. The time-variant distortion measure-
machine to distortion similar to that produced by the inlet. Aments obtained in the wind tunnel, the distortion time history, is
example of a distortion screen appears in Fig. 1. screened over the time recorded during the particular test point to

This particular screen produces a one-per-revolution, 180-diglgntify peak levels of distortion. The wind tunnel data acquisition
circumferential pattern. As each screen produces a single distorecedure must include a sufficient data record, typically 20 or 30
tion pattern, a particular test program may require a family «, to capture peak distortion events. Experience has shown that
screen assemblies to satisfy inlet-engine compatibility verificatidnrbomachines require a finite time, on the order of one revolution
objectives. of the compression system, to respond to dynamic distortion

The air jet distortion generatd#] evolved as an approach toevents. Therefore, the screening process neglects time-dependent
avoid the cost and cycle time needed to fabricate and install sepaents lasting less than approximately one revolution and does not
rate screens for each distortion pattern. The device uses the #gen begin to address the effects of swirl. The peak level of dis-
cous mixing as a means of reducing the momentum in regionstoftion is then applied in the direct-connect test using the screen or
the approaching flow. Forward-facing airjets exchange momentuair jet distortion generator. The peak time-variant pattern becomes
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represented a compression system with a thorough analysis of
clean and distorted inlet. Rotor 1B is a high-performance tran-
sonic rotor similar to those found in modern high-speed aircraft.
The rotor was designed with a multiple circular-arc blade shape
which was applied over the top 40 percent of the blade while a
Fig. 3 Simulation of time-variant distortion with steady-state double circular-arc construction was employed for the bottom 60
patterns percent of the blade. With a hub-to-tip ratio at the rotor inlet of
0.5, the blade sections were long enough to require a mid-span
amper to maintain structural integrity during operation. Rotor 1B

. . d
a steady-state pattern in the engine or compressor test neglectiggsisted of 44 blades, producing a moderate solidity of 1.3 at the
the effects of time history. Figure 3 illustrates this approach. ooy tip.

The SAE methodology described thus far evolved over several ) _
decades and has been successfully applied to a number of systenyid Development. TEACC requires a fixed three-
up to current generation fighter aircraft. dimensional grid on which to resolve the conservation equations.
Over the last several years the SAE S-16 committee has beerfirgrid of (69X 13X26) was constructed to model Rotor 1B,
the process of evaluating time-dependent distorticument on  where the inlet and exit of the blade were defined as slanting lines
planar wave effectgg]) and swirl. This paper reports a numericaln Fig. 5. _ _ o o
investigation using a 3-D compression system simulation that sup-The grid was constructed with vertical grid lines in the vicinity
ports the enhancement of the existing methodology to include ththe screen to property model the experimental distortion screen.

effects of time-dependent distortion and swirl effects. Grid lines were smoothly packed to reduce numerical losses
through the bladed region where the flow was known to have
Numerical Investigation strong gradients. A radial-circumferential view of this base grid is

presented in Fig. 6, where a cylindrical right-handed coordinate

The following numerical investigation into the effects of time- stem has been used with uniform circumferential seaments
dependent distortion and swirl was conducted using the AEDT SN ) g :
An integer number of grid segments was constructed to conve-

generated 3-D compression system code known as TEAQE . Lo - .
; ; - . - niently model a 90-deg, one-per-revolution inlet distortion. Each
bine Engine Analysis Compressor C9d@], and illustrated in segment was 15 deg in circumferential extent with a total of 24

Fig. 4. o ; . ;
The governing equations used in TEACC were developed Ef;gments within a circlesix segments in each quadrant

applying the conservation of mass, momentum, and energy.Rotor 1B Steady Performance With Distortion. The infor-
TEACC allows for circumferential and radial control volumes tgnation presented in this section was taken from a previous paper,
interact directly with each other via the three-dimensional Eulgg], and re-presented to provide a baseline for the dynamic distor-
equations with source terms representing a blade row. Thefh and swirl investigations. Rotor 1B was tested with an inlet
source terms representing mass bleed, blade forces and shaft vgeiieen to quantify the effects of inlet flow distortion on its perfor-
are supplied by a streamline curvature co@e derivative of mance. Because the distortion data provided with Rotor 1B was
HTO300 by Hearsey[10]. based on a 90-deg, one-per-revolution screen, a simulation of the

Rotor 1B[11] was chosen as the investigation vehicle becausereen was used in the TEACC simulation. For this study, TEACC
it offered simplicity in the number of stagé€$ blade row, and it was compared at three different corrected speedlines for a dis-
torted inlet.

A single screen with a 90-deg, one-per-revolution pattern was
designed to give a classical circumferential inlet total pressure

4. NPARC d. Analysis
il
= 7
b, SLOC & TEACC
Fig. 4 Overall TEACC methodology Fig. 6 Radial-circumferential view of 3-D grid for Rotor 1B
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Fig. 7 Rotor 1B distortion screen definition

inlet distortion to Rotor 1B. At the 100-percent speed, the experi-
mental data showed that the screen produced a total pressure los
of 15 percent from the clean inlet which was duplicated for the

Mass Flow, Lbm/Sec

TEACC simulation. Investigations were conducted through the e |

middle of the four circumferential quadrants where the experi- | |

mental data was taken. The screen was located in quadr@igA 2051 125 L=l LA LeB L= =N
7). The compressor rotates clockwise, causing air to swirl in the

direction of increasing quadrant lettgk, B, C, and D. 200 Approximately 1.5 Rotor

An overall total pressure ratio performance map for Rotor 1B is

Revolutions
presented for three corrected speeds of 50, 70, and 100 percent 195 SR T
The clean speedlines are presented to give a proper orientation of 0 4 8 12 16 0 24 I8 32
the distorted data, with stall depicted for each speedline at its Iterations (in Thousands)

lowest corrected mass flow rate. A conservative, but simple, stall-
ing criterion was imposed on the TEACC simulation. When angig. 9 Dynamic distortion generator concept and correspond-
one of the circumferential segments acquired a corrected méassairflow reduction behind the screen
flow which exceeded stall for the clean inlet, the compressor was
considered stalled. Likewise, the TEACC simulation was halted
when any one of the circumferential segments exceeded the cleapynamic Distortion Investigation. The numerical three-
inlet data on the choked end of the speedlines. These two resttifmensional compressor code, TEACC, was modified for dynamic
tions define the distortion calculation limits presented for eagbundary conditions. That modification consisted of simulating a
speed in Fig. 8. rotating screen, approximately one compressor diameter upstream,
For the two low-speed cases, the clean and distorted data |giyh a single one-per-revolution pattern. The rotating screen simu-
close together. The extent in corrected mass flow rate is about thed the effect of an upstream rotating stall cell in an upstream
same for the simulation and the experimental distortion data. Thempressor as illustrated in Fig. 9. This form of dynamic distor-
maximum percent difference between TEACC results and expefibn was chosen since experimental rig data exists with that type
mental data at the lower speeds was approximately 2 percent. Bieunsteady distortion for comparison purposes and reported in
100-percent speed is more interesting because the experimepgigley et al.[12]. The approach adopted and reported in the
data presented a region where the compressor intermitteni$ME paper was to rotate a distortion screen upstream of several
stalled or remained stable with the imposed inlet distortion screggw-speed multistage compressors. The experimental facility used
The TEACC simulation predicted the corrected mass flow ratgiowed the distortion screen to be rotated in either directomn
differently from reported experimental data by a maximum of 8r-counter-rotationalat various fractions of rotor speed. Compari-
percent. The TEACC simulation maps out a range of correctedns were also made with calculations using a model developed
mass flow which includes approximately the middle of the inteby Hynes and Greitzer. This investigation, although not related to
mittent stall region. distortion produced by a typical inlet does provide insight into the
effects of dynamic distortion. The measured mean flow coeffi-
cients at stall inception as a function of screen rotational speed for

Pressure one of the compressors tested is presented in Fig. 10.
Ratio The stgll_flow coef‘ficiegnts_ with no distqrtion and th_e design
BT 100% flow coefficient are also_ |nd|(;ated in _the _flgure. Negative screen
=== Data Clean g speeds correspond to distortion rotating in the direction opposite
—— TEACC , to the rotor rotation(counter-rotation The authors made several
16T *#“\h g_bser\(ations. Thehmost evid_ent i?rthat theﬁpeedbglt_ which the i'anIEt
. . ' TEACC istortion rotates has a major effect on the stability point, wit
mmt;ffl%:f“ B Data co-rotation of the screen having a much larger impact than
14T Lo counter-rotation.
0% - “ne The change ir_1 the stall ﬂpw coefficient with co-rotation was a
it M ;sfu_bstantlal frac(tjl_on of the difference bdetwedenhth?j St?.” flﬁw coEf-
i icient at zero distortion screen speed and the design flow, thus
0% e Distorted Data and giving an indication of how much the stability margin is degraded
. . , TEACC Lay close by co-rotating distortion.
1 : ; ’ ' ' The screen rotational speed was controlled by the proper
0 50 100 150 200 250 selection of the time step and the time spent at each of the 24
Corrected Mass Flow circumferential locations. The screen width can be set within the
resolution of approximately 5 percent of the frontal area to 100
Fig. 8 Comparison of TEACC calculations with distortion to percent of the total area as determined by the specification of a
that observed experimentally porosity at specific grid points. For this illustration, two of the 24
238 / Vol. 124, APRIL 2002 Transactions of the ASME
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LI rotation case, the change in airflow was in a direction away from
0.28 Siall bt stall and in the co-rotation cases, the change in airflow was near to
x the stall point. This generalization, was the same as was observed
.24 [Counter-Rotation ——— Co-Rotation in the actual experimental setup. Thus, we can conclude, that the
4 A5 0.0 0.5 1.0 TEACC model is giving qualitatively correct results.
Swirl Investigation. With the advent of stealth-type inlets
Fig. 10 Flow coefficient at stall versus distortion rotation which change the flow direction to hide the engine face, the en-
rate [12] gine compression system can be subjected to significant flow an-

gularities as well as total pressure distortion at the aerodynamic

interface plangAlP). These flow angularities may have both ra-
circumferential grid segments were obstructed using the porodisl and circumferential velocity components. Swirl is generally
screen boundary condition. The potential exists for both ceeonsidered as being that portion of the flow vector which is di-
rotation and counter-rotation in addition to a superposition of r@cted circumferentially. Swirl can strongly affect the work of the
swirl. downstream fan or compressor. It has been noted that engines

Early on in the analysis, it was discovered that unless the effegithout inlet guide vanes are especially susceptible to swirl effect
of the rotating screen on the fluid was modelgé., the swirl and tend to exhibit a higher sensitivity to swirl than engines with
generated by the rotation of a solid bodgo difference was ob- IGVs. If the swirl is in a direction opposite to that of the com-
served to that generated either by co or counter-rotation. That ispi@ssor rotation, the blading in that area becomes highly loaded.
say, both co and counter-rotation produced the same result for e the other hand, if the swirl is in the direction of rotation, then
same rotational speed without the swirl component but were athe blades become unloaded and the stability margin is enhanced.
different level than the stationary case. Once a level of swirl was Swirl is produced when vorticity normal to the mean flow di-
imposed in the direction of rotation, the calculations started preection is turned in its own plane. It is convenient to identify swirl
viding results that were consistent with that observed by Longlento different categories to characterize certain aspects of the flow.
Thus, the results of this analysis are not only that of dynamisccording to the unpublished S-16 documeriitake Flow Anu-
distortion but that mixed with swirl. The effect shows up in théarity: A Current Assessment of the Inlet/Engine Swirl Distortion
determination of the stability limit and illustrated in Fig. 11. Problem” swirl can be characterized as) paired; 2 bulk; 3)
Since TEACC was not equipped with a stall criterion, the effectownstream engine induced) dross-flow induced; Bexternally

of the rotating screen had to be inferred using an operating pogenerated vortices; and @&rapping swirl.
away from stall. The rotating distortion was implemented at a For this investigation, it was decided to investigate “bulk”
nominal operating point, not near stall, and the change in airflaswirl effects since it would be the easiest to implement as a
was compared to the non-distorted airflow at stall. In the countdreundary condition within the TEACC code. Bulk swirl is char-

acterized as a nonzero circumferential average flow around the

annulus.
Counter-R Co-Rotation For this investigation, a swirl component of approximately 26
1 | ft/sec in a 90-deg segment, as illustrated in Fig. 12, was induced at
5 11.6 7 | the same boundary where the rotating screen had been placed in
1.4 1 ’ . ! the earlier investigation.
é 11.2 4 l lllustrated in Fig. 13 are steady solutions at a constant mass
§ 114 Further From : Closer to Stall flow rate of 210 Ibm/s with co-rotation and counter-rotation swirl
§==1u & - Stall I . of the same magnitude and in the same physical location. This
g 106 [ particular flow point represents a compressor operating point at
£ 104 - I 100 percent corrected speed at somewhat of a benign condition
2 1024 | (i.e., away from stall and away from chokeAs was expected
3 10 : , } : . . counter-rotation produced a more highly loaded blade.
[i] A5 A 0.5 o 05 i 15 To understand these findings, a more detailed analysis across
Rotational Speed, % Design the bladed region was performed. The swirl component of the
flow field as presented in Fig. 14 can be analyzed to gain insight
Fig. 11 Effect of rotating screen on Rotor 1B stability limit into the effects of the swirl on performance.
Journal of Turbomachinery APRIL 2002, Vol. 124 | 239
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Fig. 13 Comparison of blade overall performance with swirl at
a constant airflow rate

As was expected, the swirl component is attenuated as it passco

00

e
Rotor Blade Exit Pressure Ratio l
1.30

Rotor Blade Exit Temperature Ratio ll i

through the rotor. For both the co-rotation and counter-rotatidrid. 15 Comparison of blade performance with co and
cases, the swirl becomes positive after passing through the rof§unter-rotation present

However, for the counter-rotation case, the swirl component is

smaller than the co-rotation in the vicinity of the implementation,

which translated to higher pressure, and temperature rises in t§gige fan, swirl will have its most impact on the first stage. Much

area as illustrated in Fig. 15.

of the effect of swirl will be taken out by the use of inlet guide

Although these results were obtained for a fairly benign opeyanes.

ating point, one can infer the effect on a point nearer to the sta-
bility limit. Counter-rotating swirl does indeed increase the loa
ing on the blade and is most pronounced in the tip region. If t
tip proves to be the area where stall inception takes place, a lik
scenario for many of today’s transonic fans, stall can occur a
lower flow rate than for a clean inlet. On the other hand, e
rotation will unload the tip and may enhance the system’s stabili
margin. Since the swirl is attenuated as it passes the first rotor,
effect on other rotors will be less pronounced. Thus, for a mult
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Fig. 14 Comparison of flowfield swirl before and after the ro-
tor against the clean inlet for both co and counter-rotation swirl
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What Does This All Mean? With the presence of swirl com-

subjected to a more severe problem than either phenomenon
ting by itself. If the swirl is in a direction opposite to that of the
ompressor rotation, the swirl can load the fan and cause engine

Ened with total pressure distortion, the compression system may

rge, even though the total pressure distortion is within perceived
gj wable limits. With the advent of S-shaped inlets, twin engine
nstallations may display what is called a “handed” behavior. That
Is, engine performance and stability will depend on whether the
bulk swirl is in the direction of or opposite to that of rotor rota-
tion. In that situation, one engine may consistently surge during a
particular maneuver, while the other engine remains stable. This
phenomenon may also appear in a single engine installation, when
the aircraft yaws to one side or the other.

Current Activities Toward Development of Test Hard-
ware

AEDC has embarked on efforts to develop inlet simulator tech-
nologies directed toward future airframe-propulsion integration
requirements. Currently, a transient total pressure distortion gen-
erator is in the concept development phase. Initial experiments
have been completed to define the distortion developed by ele-
ments of the generator. Concepts have been identified for the
simulation of bulk and local swirl. Efforts are underway to iden-
tify concepts for total temperature distortion generators. The inlet
simulator development effort considers seven overall issues:

1 reduction of test cost and cycle time;

2 the evolution of advanced inlet systems;

3 the implementation of supermaneuverability;

4 in-flight weapon launches in aircraft featuring supercruise
and stealth capabilities;

V/STOL aircraft operations in ground effect;

the advent of engines employing light-weight and highly

loaded compressor stages; and

7 engine performance enhancement through surge margin re-
duction or active stall control.

(2]

Each of these issues demands advancements in the simulation of
inlet distortion in the direct-connect test. Furthermore, planning
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Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



includes provisions for devices that will simulate distortion pa- [3] Davis, M. W., Jr., et a'-f199t?~ A Plroposa' ;Or:fmegfaﬁon 0f|Wind Tunnel Erlld
: ; ; Engine Test Programs for the Evaluation of Airframe-Propulsion Compatibility
rameters of interest in the area of aeromechanics. Using Numerical Simulations,” ASME Paper No. 99-GT-345.
[4] Overall, B. W., 1976, “Evaluation of an Airjet Distortion Generator Used to
Summary Produce Steady-State Total-pressure Distortion at the Inlet of Turbine En-

; ; _Afthe. ; PR i« Gines,” AEDC-TR-76-141.
This paper has reviewed the state-of-the-art in engine inlet dis 5] Brimelow, B., Collins, T. P., and G. A. Pfefferkorn, 1976, “Engine Testing in

tortion testing pro_ced_ures_and an inv_estigation into the potential ~ 5 pynamic Environment,” AIAA Paper No. 74-1198.
effects of dynamic distortion and swirl on compression system[6] Lazalier, G. R., and J. T. Tate, 1970, “Development of a Prototype Discrete
stability was conducted to develop advocacy for enhancing the Frequency, Total-pressure Fluctuation Generator for Jet Engine/Inlet Compat-

f : : C ; ibility Investigation,” Proc. Air Force Airframe Propulsion Compatibility Sym-
current distortion testing methodology. The S-16 committee of the posium, AFAPL-TR-69-103.

Society of Automotive EngineefSAE) is currently developing a [7] Reynolds, G. G., et al., 1973, “An Experimental Evaluation of Unsteady Flow
recommended practice that deals with the effects of swirl on Sys-  Effects on an Axial Compressor-2@senerator Program,” AFAPL-TR-73-43,
tem behavior. The numerical investigation reported in this paper July.

supports the experimental observations within the draft S-168] SAE S—"16 Committee, 1995, ARD50026, “A Current Assessment of Planer
document on swirl and reported in referen§&8] and[14]. The Waves,” Society of Automotive Engineers.

. . . . X . - l[9] Hale, A. A., and O’Brien, W. F., 1998, “A Three-Dimensional Turbine Engine
dynamic distortion investigation produced results that are similar = analysis Compressor CodéTEACC) for Steady-State Inlet Distortion,”

to that obtained by experimental means and reported in reference ASME J. Turbomach.120, pp. 422—430.
[12]. Further numerical investigations should now be conductettOl Hearsey, R. M., 1970, "HTO300—A Computer Program for the Design and

. s B : Analysis of Axial Turbomachinery.”
with a multi stage compression system to Venfy the trends théttll] Seyler, D. R., and Gestolow, J. P., 1967, “Single Stage Experimental Evalua-

have been observed during this investigation. tion of High Mach Number Compressor Rotor Blading—Part 2: Performance
of Rotor 1B,” NASA-CR-54582.
[12] Longley, J. P, et al., 1994, “Effects of Rotating Inlet Distortion on Multistage
References Compressor Stability,” ASME Paper 94-GT-220.
1] SAE Aerospace Recommended Practice, 1978, ARP-1420, “Gas Turbine Ef13] Stocks, C. P., and Bissinger, N. C., 1981, “The Design and Development of the
p

gine Inlet Flow Distortion Guidelines,” Mar. Tornado Engine Air Intake,” Paper No. 10 of AGARD CP-301.
[2] SAE Aerospace Information Report, 1983, AIR-1419, “Inlet Total-Pressure[14] Ludwig, G., 1989, “Tomahawk Engine/Inlet Compatibility Study for F107-
Distortion Considerations for Gas Turbine Engines,” May. WR-400/402 Engines,” Williams International Report CMEP 5003-2025.
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Hamn-Ching Chen Numerical predictions of three-dimensional flow and heat transfer are presented for a
rotating two-pass rectangular channel with 45-deg rib turbulators and channel aspect
ratio of 2:1. The rib height-to-hydraulic diameter rati@/Dy,) is 0.094 and the rib-pitch-
Texas A&M University, to-height ratio (P_/e) is 10. Two channel orientatio_n_s are studieﬂ:.:QO deg anc_i 135
College Station, TX 77843; deg, co.rrespondlng to the ml_d-portlon_ and the trailing edge regions of a turbine blade,
’ respectively. The focus of this study is twofold; namely, to investigate the effect of the
Je-Chin Han channel aspect ratio and the _channel orientation on the natl_Jre of the flow and heat
transfer enhancement. A multi-block Reynolds-averaged Navier-Stokes (RANS) method
was employed in conjunction with a near-wall second-moment turbulence closure. In the
present method, the convective transport equations for momentum, energy, and turbulence
quantities are solved in curvilinear, body-fitted coordinates using the finite-analytic
method. The numerical results compare reasonably well with experimental data for both
stationary and rotating rectangular channels with rib turbulators at Reynolds number
(Re) of 10,000, rotation number (Ro) of 0.11 and inlet coolant-to-wall density raptp)
of 0.115.[DOI: 10.1115/1.1450568
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Introduction tion changes from the 90 to 135-deg orientation. Recently, Azad
Modern gas turbine blades are designed to operate at incre%%gl'd[g] s]ctrlé(?][le(tih;hzi(re;f(i(i:énOfOtfhfogﬂ%anﬁ Itsvr(lfntgastg(ﬁ:cﬁgnar:ﬁar

ingly higher inlet temperatures to improve thermal efficiency. T%I%anne?s for both smooth and 45-deg ribbed V\E)alls For thegsmooth
maintain acceptable blade life, sophisticated cooling techniqy all case, they found that the Nusselt number ratios for the first

such as film cooling, impingement cooling and convective intern ss trailing and second pass leading surfaces @35 de
cooling are essential. Rotation of turbine blade cooling passa e?% lower tt?an those Witﬁ£90 de W%ereas theﬂNh Eunsselt ngm-
gives rise to Coriolis and buoyancy forces that can significant 9. '

. ) r ratios in the first pass leading and second pass trailing are
alter the local heat transfer in the internal coolant passages du%lé)her compared to those with 90 deg. However, for the ribbed

the development of cross stred@oriolis) as well as radialbuoy- - . o
P 4 ) albuoy wall case, the channel orientation effect was less sensitive com-

anp secondary flows. Moreover, the h_eat transfer augmentation Rred to the smooth wall case. Their study provided a data basis
usually achieved by using repeated ribs as turbulence promotd{3§.the present work '
J .

;rgfhgseilir\;\?geog:zteigﬁ rlrlgzittlaegr?r?]etgtgjr::jhgéccc;)nrgglrexflg\?v\,\tl):tal/ The earlier computational studies on internal coolant passages
P ' Y %\'{H ribs have mostly been restricted to two-dimensional flows

the ribs, which produces a high turbulence level that leads to h% ou et al.[10]). In recent years, a number of researchers have

heat transfer Coefficientg. The complex _coupling of the Corio_l ported three-dimensional studies. Stephens ¢LHland Rigby
and buoyancy forces with flow separation/reattachment by ri %al.[lz], using a low-Reynolds numbéte turbulence model,

has prompted many investigators to study the flow and tempe esented the numerical simulations for flow and heat transfer in a

ture fields gene_rated in_ heated, rotating ribbed wall passages. 6'nrotating straight duct with normal 90-deg ribs. Stephens et al.
perimental studies on rib-roughened channels have been quite §4) i estigated flow and heat transfer characteristics in a straight
tensive (see Han and Parll]; Ekkad and Han[2] (for non- nonrotating duct with angled, rounded ribs on two opposite walls
rotating channes and Wagner et al3]; Johr_lson et al[4,5] and provided important characteristics on the angled rib ducts
Parsons et a[6]; and Zhang et al.7], (for rotating square chan- (., tyrhulence modgl Stephens and ShifL4] and Shih et al.
nels with normal and angled ribsDutta and Haii8] investigated 15 jnvestigated the effect of angled ribs on the heat transfer
the local heat transfer coefficients in rotating smooth and ribbe@ctficients in a rotating two-passage duct using a low-Re number
two-pass square channels with three channel orientations. They iurbulence model. They studied the effects of Reynolds num-
found that a change in th_e channel orientation about the rotatiBgrs, rotation numbers, and buoyancy parameters. Their compari-
frame causes a change in the secondary flow structure and 48 \ith Johnson’s et aj4] data revealed that the heat transfer
associated flow and turbulence distribution. Consequently, tfgefficient was underpredicted for the stationary case. However,
heat transfer coefficient from the individual surfaces changes. Pa{a results for the rotating case were not clearly verified.

son et al.[6] studied the effects of the model orientation on the prakash and Zerklg16], employing a high Reynolds number
local heat transfer coefficients in a rotating two-pass square chgfl: tyrpulence model with wall function, performed a numerical
nel with ribbed walls. They found that the effect of the Corioligyregiction of flow and heat transfer in a ribbed rectangular duct
force and cross-stream flow were reduced as the channel orienty._geg rify with and without rotation. However, their calculations
used periodicity and neglected buoyancy effects. They suggested

Contributed by the International Gas Turbine Institute and presented at the Intgs- ; ;
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Lgﬁ?-at a low Reynolds number model is necessary to simulate real

siana, June 4-7, 2001. Manuscript received by the IGTI, January 19, 2001. Pag@rs turbine engine 90nditi9ns and a Reynolds stress model is re-
No. 2001-GT-187. Review Chair: R. Natole. quired to capture anisotropic effects. Bonhoff et] &F] calculated
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the heat transfer coefficients and flow fields for rotating U-shapt -
coolant channels with angled ril}45 deg. They used a Reynolds

stress turbulence model with wall functions in the FLUENT CFL R/D, =200
code. Their results show that the Nusselt number ratios of t LD, =20.34
rotating first pass leading and trailing surfaces are underpredic /D, =0.375

compared to the experimental data. Using the periodicity of tt
flow, lacovides[18] computed flow and temperature fields in &
rotating straight duct with normal ribs. Two zonal models of tur
bulence were tested:lkaes with a 1-equation model df transport
across the near-wall region and a low-Re differential stress motc
(DSM). He concluded that the DSM thermal computations wetl
clearly superior to those of thiee/1-equation. Rigby et al.19]
presented numerical prediction of flow and heat transfer in a r
tating ribbed(90-deg rih) coolant passage with a 180-deg turn
The computation was performed usingkav turbulence model,
and the heat transfer coefficient was overpredicted in the static
ary case and underpredicted in the rotating case compared to
perimental data. lacovides and Raid@@]| explored turbulence
modeling issues related to the computation of flow and heat trat
fer in internal cooling passages of turbine blades with normal rit -
(90 deg. They tested four turbulence models: a zokat, a
low-Rek-¢, a zonal differential stress mod@&SM), and a low-Re
DSM. They found that zonal models underpredicted surface he
transfer coefficients because they ignored the effects of transg
on the near-wall turbulence scale. The low-Re closures we
found to reproduce the correct surface heat transfer coefficients
their results, the low-Re DSM model reproduced the turbulen:
field more reasonably than thes model.

Chen et al.[21,22 studied rotating two-pass square channe
with smooth walls. They used two turbulence models: a two-lay
k-e isotropic eddy viscosity model and a near-wall seconc
moment closure model. The near-wall second-moment clost
model produced accurate predictions in comparison with Wagr
et al.[23] data. Using the same model, Jang ef{ 24,25 studied
flow and heat transfer behavior in a non-rotating two-pass squi
channel with 60-deg and 90-deg ribs, respectively. Their resu
were in good agreement with Ekkad and Hali2$ detailed heat
transfer data which validated their code and demonstrated 1
second-moment closure model superiority in predicting flow ar
heat transfer characteristics in the ribbed duct. In a later stuc
Jang et al.[26] predicted flow and heat transfer in a rotating
square channel with 45-deg angled ribs by the same secol
moment closure model. Heat transfer coefficient prediction wi
well matched with Johnson et 4#] data for both stationary and
rotating case. This has affirmed the superiority of the secon
moment closure model compared to simpler isotropic eddy vi

L,/D, = 12.84

B=135

Direction
of rotation

(@

cosity turbulence models. This model solves each individual Re (b)
nolds stress component directly from their respective transport
equation. The primary advantage of this model is that it resolves Fig. 1 (a) Geometry, (b) numerical grid

the near-wall flow all the way to the solid wall rather than using
log-law assumption in the viscous sublayer. With this near-wall

closure, surface data like heat transfer coefficients and fric“%imera RANS method of Chen et 21,22 was employed for
coefficients can be evaluated directly from velocity and tempergye caculation of fluid flow and heat transfer in stationary and
ture gradient on the solid wall. In view of the success achieved jg;

; . o X ting ribbed channels. The numerical method and the governing
the earlier studies, it is desirable to extend the present Sec%&ﬁations of the turbulence model were described in detail by

moment RAN_S method to study more sophis_ticqted C(_)oling cha@nen et al[21,22 and will not be repeated here.

nel configurations. Most of the previous studies investigated cool-

ant channels that have square cross sections and are perpendicular . .

to the axis of rotation. However, the orientation of the cooling?€Scription of Problem

channel in the leading and trailing edge regions of the turbine Calculation was performed for the two-pass rectangular channel
blade may be at an angJ@from the direction of rotation and its with 45-deg ribbed walls as tested by Azad et[fl. The geom-
cross section may not be square. It is not well known how thigry and numerical grids around the sharp 180-deg turn are shown
affects the flow field and heat transfer characteristics. In the Fig. 1. The axial stationgat which results are presenjeand
present study, numerical predictions of the three-dimensional flahve way to view them are also shown in Fig. 1. The geometry
and heat transfer are presented for the rotating two-pass rectangpnsists of a U-shaped channel of rectangular cross section with
lar duct(aspect ratio is 2)lwith 45-deg angled ribs and 180-degchannel aspect ratio of 2:1. The channel is made up of two straight
sharp turn are presented. Meanwhile, this study investigates fiessages and a 180-deg sharp turn. Two of the four side walls, in
effects of the channel orientatig®= 90 and 135 degon the flow the rotational direction, are denoted as the leading and trailing
and heat transfer for the same geometry. In the present study, shefaces, respectively, while the other two side walls are denoted
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as the inner and outer surfaces. The channel hydraulic diame
Dy, is 1.69 cm. The distance between the inlet of the duct and t Rotation direction
axis of rotation(Y-axis) is given byR, /D;,=20.0. The length of Outer surface
each of the first and second passages is giveh/Bg,=20.34. g
Each passage consists of unheated smooth section and heg,
ribbed section. The length of the unheated smooth section is givé
by L,/Dy=12.84. It extends from the inlet to the first rib in theg
first passage and from the exit to the last rib in the second passe§
The arc lengthS is measured from the beginning of the ribbec®

_ _ _ Rotation-induced

=90°
B p7 {@@ secondary flow

Rib-induced
secondary flow

section in the first passagehere heating starntgo the end of the %j I\ % E INA §
ribbed section in the second passdgénere heating enflsThe E 2 Z 2
radius of curvature of the 180-deg sharp turn is givem;dB, S :§ k- =
=0.375. In the ribbed section, the leading and trailing surfaces f - = 3'\ I
both the first and second passages are roughened with nine equ$ -

spaced ribs of square cross section. The rib height-to-hydraug g
diameter ratio ¢/Dy,) is 0.094 and the rib-pitch-to-height ratio g b b
(P/e) is 10. All ribs are inclined at an angle=45deg with ™

respect to the flow. Two channel orientations are studjed: 0::&}3; ;ﬁ-s;\:ce
=90 deg corresponding to the midportion of a turbine blade ar

=135 deg corresponding to the serpentine passages in the tro- (@ (b) )

ing edge region of a blade. In this study, the Reynolds number . .

(Re) was fixed at 10,000. The inlet coolant-to-wall density rati(igdlezd %ggceggaal :gtef\::io?lf_the(aiecr?gggétﬂgw 'g%ucfg bxp/p
(Aplp) was fixed at 0.115. Three cases were studiediahrotat- _q 115, (p) rotating, Ro =0.11, Ap/p=0.115, B=90 deg; (¢)
ing channel (Re-0.0), 2 rotating channel (Re 0.11) with chan- rotating, Ro =0.11, Ap/p=0.115, B=135 deg

nel orientation angleg, of 90 deg, and Brotating channel (Ro

=0.11) with channel orientation anglg, of 135 deg. studies were shown to yield nearly grid-independent results. Also,
A uniform velocity profile was used at the inlet of the duzt (' thejr results were in close agreement with the experimental data.
=0). The unheated length. () was long enough for the velocity Note that the number of grid points used in the present rectangular
profile to be fully developed turbulent profile before the heatingynfiguration is comparable to the aforementioned geometries. In
start-point =L,). The flow was assumed to be parabolic at thgqgition, the Reynolds number used in the present study (Re
exit of the duct(i.e., zero-gradient boundary conditiorier mean  —10 000) is lower than the one used in the previous studies.
velocity and all turbulence_quantltles, while Ilnear eXtr?‘p()'at'o'?herefore, it is believed that the present grid will produce nearly
was used for the pressure field. The coolant fluid at the inlet of t'@’%’ld-independent results with accurate resolution of the boundary

duct is air at uniform temperature=T, (i.e., 0=(T—To)/(Tw jayer profile and Nusselt number distribution.
—T,)=0). The wall temperature of the smooth section is kept

constant af =T, (6=0) while the wall temperature of the ribbedResults
section, including the ribs, is kept constanffat T, (6=1). Thjg section presents the three-dimensional mean flow and tem-
The Nusselt numbers presented here were normalized with,&ature fields for the rotating rectangular duct with 45-deg angled
smooth t.ube correlation by Dlttus-Boelter/McAdar(rfsohsenow ribs. Computations were performed for nonrotating £R00) and
and_Ch0|[27_]) for the fully developed turbulent flow in asmoothrotaﬁng (Ro=0.11) cases with two channel orientations @f
stationary pipe =90 and 135 deg at a Reynolds number of 10,000 and an inlet
NU,=0.023 R&8PP4 coolant-to-wall density ratio of 0.115.

) ) ) ) ~ Velocity and Temperature Fields. Before discussing the de-

The present numerical grid was generated using an interacti¢gied computed velocity field, a general conceptual view about
gridding code GRIDGEN. It was divided into five overlappeghe secondary flow patterns induced by angled ribs and rotation is
Chimera grid blocks to facilitate the implementation of the neakymmarized and sketched in Fig. 2. The parallel angled ribs in the
wall turbulence model and the SpeCificatiOI’l of boundary Conqironrota’[ing duct(case l’ F|g @)) produce symmetric counter
tions. To provide adequate resolutions of the viscous sublayer ggghting vortices that impinge on the inner surface in the first
buﬁer Iayer adjacent toa Solid Surface, the minimum gl’ld Spacirﬁssage and on the outer Surface in the Second passage. The Co-
in the near-wall region is maintained at Toof the hydraulic riolis force in the 90-deg rotating duttase 2, Fig. @) produces
diameter which corresponds to a wall coordingteof the order two additional counter-rotating vortices that push the cooler fluid
of 0.5. In all calculations, the root-mean-squdrens) and the from the core to the trailing surface in the first passage, and to the
maximum absolute errors for both the mean flow and turbulentading surface in the second passage. For the 135-deg rotating
quantities were monitored for each computational block to ensudact (case 3, Fig. @)), the Coriolis force produces secondary
complete convergence of the numerical solutions. A convergenit@w that migrates diagonally away from the corner of the inner-
criterion of 10 ® was used for the rms error. leading surfaces toward the center of the channel in the first pas-

The present grid uses 3311x804 grid points(804 in the sage, and from the corner of the inner-trailing surfaces towards the
streamwise direction and 331 in the cross-stream directions center of the channel in the second passage.
with a total number of approximately 1,100,000 points. This For a nonrotating dudcase }, Fig. 3 is a plot of the secondary
choice is based on three systematic grid-refinement studies f@w in the inter-rib regions on a plane parallel to the leading and
formed earlier for the prediction of flow and heat transfer in simirailing surfaces and 1/10 rib height away from any of them. The
lar geometries. The geometry used in the first stuthng et al. 45-deg inclined ribs in the first passa@€ig. 3(@)) induce fast
[25]) was a 90-deg ribbed two-pass square channel with nine rigscondary flow that moves parallel to the ribs from the inner sur-
and a total grid points of 1,060,000 (R&0,000). In the second face(where it is strongesto the outer surfacesvhere it is weak-
study (Jang et al[24]), a total of 1,020,000 grid points was usecesd. The situation is reversed in the second pass&ig 3b)).
for a 60-deg ribbed two-pass square channel with nine ribs (Rée ribs induce secondary flow from the outer surfakere it is
=30,000). The total grid points in the third studyang et al. strongestto the inner surfacéwhere it is weake$t Note that this
[26]) was 1,000,000 for a 45-deg ribbed one-pass square chansetondary flow pattern is the same in all inter-rib areas. The con-
with 13 ribs (Re=25,000). The numerical grids used in thessequence of this fast secondary flow is explained in Fig. 4.
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Outer surface
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Fig. 3 Velocity vectors 1 /10 rib height from the leading and

trailing surfaces for nonrotating case
vector )—(a) first pass, (b) second pass

(plotted every other

cussed in Fig. @) moves towards the outer surface and returns
back to the inner surface along the centerline of the inclined cross-
stream plane. In the same figure, one can also notice the early
stages of two symmetric counter-rotating vortices, which shrink in
size on the first rifFig. 4(b)), and by the midsection of ribs 1 and
2 (Fig. 4(c)) become two full symmetric counter-rotating vortices.
Along the streamwise direction, the size of these two vortices
oscillate from the largest in the middle of each inter-rib distance to
the smallest on the rib&=ig. 4(d)). This pattern keeps repeating
until rib 8. However, midway between ribs 8 andFEg. 4(e)) the
strength of those two vortices shifts towards the inner surface. On
rib 9 (Fig. 4(f)), the secondary flow becomes a strong fluid motion
from the outer to the inner surface due to the turn effects.

Upon entering the turn, the curvature induced secondary flow
(which pushes fluid from the inner to outer surfpogercomes the
rib induced secondary flow discussed in Figf.)4and the direc-
tion of the secondary flow is reversed and becomes from the inner
to outer surface. This happens in less than one hydraulic diameter
after the ninth rib. As the fluid proceeds towards the center of the
turn, we notice the gradual formation of two counter-rotating vor-
tices that reach their full size by the center of the t(Fig. 4(g)).
The size of these two vortices begin to decrease gradually as the
fluid approaches the second sharp corner and soon is mixed with
the second passage rib-induced secondary €kig. 4(h)) result-
ing in a complex secondary flow. In the second passage and as

Figure 4 is a plot of the calculated secondary flow vectors amliscussed in Fig. ®), the rib-induced fast flow is reversed in
constant temperature contours for the nonrotating case at seveligdction due to the opposite rib angle compared to the first pas-

axial stations as shown in Figure 1. Figgajthrough 4f) (first

sage. Here, Fig.# the rib-induced secondary flow moves from

passageare viewed from upstream of the first passage, whilge outer to the inner surfaces and returns back to the outer surface
Figures 4g) through 4l1) (middle of the bend and second pasgage&ilong the centerline of the inclined cross-stream. As a result, two
are viewed from downstream of the second passage. The secasyinmetric counter-rotating vortices are formed. The size of these
ary flow field will be discussed first and then its effect on th@yo vortices oscillate in size from the smallest on each(Fily.
temperature field. In the first passage, and as the fluid approachgs to the largest in the midsection between each two (fbg.

the first rib (Fig. 4(a)), the rib-induced fast secondary flow d|5'4(k)) This pattern keeps repeating until rib (l8g. 4()). Due to
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the absence of the ribs, the secondary flow decreases gradually
after rib 18 and vanishes almost complete 7after rib 18.

The overall effect of this secondary flow structure on the tem-
perature field will be discussed here, referring to the temperature
contour plots in Fig. 4. In the first passage, the effect of the sec-
ondary flow is convecting the cooler fluid from the inner surface
and along the ribbed surfaces towards the outer surface. It then
moves back to the inner surface, which results in steep tempera-
ture gradients and high heat transfer coefficients on both the inner
and ribbed surfaces as seen in the corresponding temperature con-
tours. In the middle of the turn, the two counter-rotating vortices
convect fluid from the core towards the outer surface, resulting in
a steeper temperature gradient and thus a higher heat transfer co-
efficients on the outer surface. In the second passage, the second-
ary flow convects the cooler fluid from the outer surface and along
the ribbed surfaces towards the inner surface. It then moves back
to the outer surface resulting in steep temperature gradients and
high heat transfer coefficients on both the outer and ribbed sur-
faces as seen in the corresponding temperature contours.

Figure 5 is a plot of the cross-stream velocity vectors and tem-
perature contours for case (Ro=0.11 and8=90 deg at the
same planes as in the nonrotating d(cztse 1. A few hydraulic
diameters before the first rib, the Coriolis force was found to
produce two counter-rotating vortices that push the cooler fluid at
the core towards the trailing surface and then returns along the
inner and outer surfaces. As the flow approaches the first rib, this
Coriolis force induced secondary flow starts to distort the second-
ary flow started by the inclined ribs. This effect can be clearly
seen by comparing Figs(&® through(f) with Figs. 4c) through
(f). From this comparison, the following conclusions can be
drawn. The magnitude of the Coriolis force induced secondary
flow is weaker than the rib induced secondary flow. In the mid-
sections of each of two ribs, the rib-induced vortex near the lead-
ing surface is weakened while the other vortex near the trailing
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surface is strengthend#ig. 5(c)). This pattern repeats itself until
midway between ribs 8 and (#Fig. 5(€)), where the larger vortex
near the trailing surface grows at the expense of the smaller vortex
near the leading surface, which shrinks in size and moves toward
the inner surface. On the rili&ig. 5(d)), both vortices shrink in
size and get distorted significantly by the Coriolis force-induced
secondary flow. This pattern repeats itself until rib 9, where the
turn effect alters significantly the secondary flow structure, as seen
in Fig. 5(f).

The general effect of the Coriolis force-induced secondary flow
in the first passage is to distort the rib induced vortices. Conse-
quently, the temperature contours are shifted toward the trailing
surface, which affects the heat transfer coefficients from both the
leading and trailing surfaces as seen from the corresponding tem-
perature contour plot. Notice that, in the tuffig. 5g)), the vor-
tex near the leading surface grew considerably at the expense of
the one next to the trailing surface, which was weakened and split
into two small vortices near the two corners of the trailing surface.
This results in pushing the cold fluid toward the outer and trailing
surfaces as seen in the corresponding contour plot. This effect
dominates until rib 10, which is the first rib in the second passage
(Fig. 5(h)). After rib 11, the Coriolis force induced secondary flow
(which pushes the cold fluid towards the leading surfapeadu-
ally overcomes the turn induced secondary flevhich pushes the
cold fluid toward the trailing surfageThis is shown clearly in the
temperature contour plots of Figsigd through(l).

Figure 6 is a plot of the cross-stream velocity vectors and tem-
perature contours for case (Ro=0.11 andB=135 deg at the
same planes as in the rotating case. The discussion of this figure is
based on comparing Fig. @ase 3: Re-0.11 andB=135 deg
and Fig. 5(case 2: Re-0.11 andB=90 deg. A few hydraulic
diameters before the first rib, the Coriolis force produces second-
ary flow that migrates diagonally away from the corner of the
inner-leading surfaces toward the center of the channel. As the

[0=(T—T,)I(T,—T,)] for rotating duct,
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Fig. 7 Streamwise velocity vector distribution for nonrotating

duct (case 1) at three planes: 0.002 D, below the inner surface,
midway between the inner and outer surfaces and 0.002 D,
above the outer surface

Fig. 8 Temperature contours midway between the inner and
outer surfaces for case 1 (Ro=0.0)

flow approaches the first rib, this Coriolis force-induced secon

ary flow distorts the secondary flow started by the inclined ribgun‘ace(Flg. /(@) s larger than the one near the outer surface

f ; h . . %Fig. 7(a)). The reason is that the rib-induced secondary flow near
;_I;h's ﬁ'ﬁeCt canfbe C'?bafy se?]r_l by co_mpgar:jng F(;gi)@v'thd':'g'ﬂ the inner surface is much stronger than the one near the outer
(@. However, from rib 1 on, this rotation induced secondary flow,  tace For the same reason mentioned above: the second passage

is dominated by the rib-induced secondary flow. A careful Con?/'eéocity magpnitude near the outer surfaBég. 7(d)) is larger than

parison between the secondary flow fields of case 3 and Cas§ ¢ one near the inner surfatfé -

. . . -0 g. 7(f)). It should be mentioned
e.g., dF'g' ?Id) with Fig. s(d_))lggoc;"’s th%t the rOtﬁt'onb'n%ucedthat in this figure, the apparent nonsymmetric velocity field be-
secondary flow in case 35 eg) changes the rib inducedyeen the leading and trailing sides is a result of the angled 3-D
secondary flow compared to casg82{90 deg). This change ap- ey This was confirmed by orthogonal 2-D viewst shown.
pears more clearly in the temperature field. By comparing the g e g shows the temperature contours for the nonrotating
temperatu_reocontoudrs_lngglg. ®o=0.11 an(ﬁ]ﬁ?1“35 deg wnf;] case midway between the inner and outer surfaces for the whole
F'g' 5(Ro= .11han IBI_ p %g.' we nﬁt'gebt eko OWIr(;g.hlnlt ed.duct. In the first passage, a thin thermal boundary layer forms first
Irst passage, the cooler fluid Is pushed back toward the leadingy (e |eading and trailing surfaces. However, the periodic ribs
surface, reducing the steep temperature gradients on the trailiyg, i, ang break the viscous sublayer and create high level of
surface. The temperature contours do not change much in the bgiidl jence in the near-wall region. The steeper temperature gradi-
(Fig. 6g)). In the beginning of the second pass&gig. 6h), the o5 can be seen on the rib tigue to flow impingementand
cooler fluid is pushed back slightly toward the leading surfacgeyyeen the two adjacent rilfdue to flow reattachmentbut the
while the 'temperaéure field in the rest of the second passage is {je, jer temperature gradients are found right before and after the
same as In case 2. rib (due to a separation bubblé much higher temperature exists

Figure 7 is a plot of the streamwise velocity vector distributio}, 1o second passaae due to the thermal boundary laver thicken-
for the nonrotating ducfcase 1 at three planes: 0.008, below ina. P 9 yiay

the inner surface, midway between the inner and outer surfaces,

and 0.00D,, above the outer surface. A detailed investigation of Detailed Local Heat Transfer Coefficient Distribution. Fig-

the streamwise velocity field between the inner and outer surfacge 9a) is a plot of the local Nusselt number ratio contours on
revealed the following. In the first passage and near the inneoth the leading and trailing surfaces for the nonrotating case. The
surface(Fig. 7(a)), fairly large separation bubbles extend about éntrance and exit regions were cut to focus on the ribs and turn
rib heights downstream of the rib followed by a reattachmeiffects. The highest Nusselt number ratios were obtained on the
region that separates once again about one rib height upstreantopfof the ribs, and the lower Nusselt number ratios were obtained
the next rib. The size of the separation bubble after the rib deght before and after the ribs for the first and second passages,
creases as we move away from the inner surfpegallel to the respectively. Between any two ribs in the first passage, the Nusselt
rib), and no reattachment is found once we reach the midplanember ratios are highest near the inner surface and decrease as
between the inner and outer surfa¢Egy. 7(b)). Moving further we move towards the outer surface. This is due to the rib-induced
toward the outer surface, the flow separation resumes occurrgsgcondary flow moving from the rib leading to the trailing side as
only on top of the rib(Fig. 7(c)). The flow is able to reattach nearshown in Fig. 8a). Moreover, the Nusselt number ratios between
the inner surface because the secondary flow boundary layerthe ribs increased gradually along the first passage until the flow
this region is very thin. As we move toward the outer surface, trepproaches the seventh rib, where it decreases gradually until the
secondary flow boundary layer gets thicker. Hence, the maininth rib. Nusselt number ratios in the turn are higher in the region
stream flow can not reattach in these regions. In the second pasxt to the divider wall tip while lower at the first corner. In the
sage, the large separation bubbles are formed near the outer sacond passagbetween any two rihsthe Nusselt number ratios
face (Fig. 7(d)). The separation region extends to about 3.79 riéire higher near the outer surface and decrease as we move toward
heights after the rib, followed by a reattachment region that seghe inner surface. Again, this is a result of the rib-induced second-
rates again about one rib height before the next rib. Moving tery flow in the second passage shown in Fig)3

wards the inner surface, the size of the separation bubble deFigures $b) and(c) show the Nusselt number ratio contours on
creases until no reattachment is found midway between the outlee leading side for case(®o0=0.11 andB=90 deg and case 3

and inner surface@=ig. 7(e)). Separation resumes upon approachiRo=0.11 andB=135 deg, respectively. Comparing these fig-
ing the inner surfacéFig. 7(f)) and occurs only on the rib top. ures with the nonrotating leading sid€ig. 9(a)), we notice that
Moreover, in the first passage, velocity magnitude near the inrtke Nusselt number ratios decrease in the first passage, in both
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Fig. 9 Detailed Nusselt number ratio distribution

cases, with the decrease in case 3 being higher. In the sec
passage, the Nusselt number ratios in both cases increase \
respect to case 1.

Figures 9d) and (e) show the Nusselt number ratios contours
on the trailing surface for case(Ro=0.11 andB=90 deg and
case IRo=0.11 andB= 135 deg, respectively. Comparing these
figures with the nonrotating trailing sid€ig. 9(a)), we notice that
the Nusselt number ratios increase in the first passage, for bi
cases, with the increase in case 2 being higher. In the secc
passage, the Nusselt number ratios in both cases decrease,
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Fig. 10 Calculated and measured Nusselt number ratios; Ro
=0.0, Ap/p=0.115

Spanwise-Averaged and Regional-Averaged Heat Transfer
Coefficients and Comparison With Experimental Data.
Comparisons were made with the experimental data of Azad et al.
[9] in order to provide a thorough evaluation of the present second
moment closure model. Figures 10 through 12 are plots of the
spanwise-averaged and regional-averaged Nusselt number ratios
(Nu/Ny,) for each of the three casd®o=0.0, Ro=0.11 (B
=90deg), and Re0.11 (8=135 deg). The Reynolds number
and the inlet coolant-to-wall density ratio were held constant at
values of 10,000, and 0.115, respectively. Note that the experi-
mental regional-averaged Nusselt number in Azad ef%l.is
based on the projected area of each copper plate rather than the
true heat transfer surface area which includes the 45-deg rib-
increased area. However, the predicted regional-averaged Nusselt
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the decrease in case 2 being higher. The Nusselt number in the
bend is much higher for both cases when compared to the n@iy. 11 Calculated and measured Nusselt number ratios; Ro
rotating case. =0.11, =90 deg Ap/p=0.115
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3 percent(in the first passageand 7 percentin the second pas-
B =135 s sage when compared to the stationary case. The reason why the
a Nusselt number ratios in case B+ 135 deg) decreased more in
the first pass leading and trailing sides and increased more in the
second pass leading and trailing sides compared to case 2 (
=90 deg) can be understood in light of the conceptual secondary
J flow diagram in Fig. 2.
‘ ﬁ The rotation-induced vortices in the 135-deg configuration
move along the full face of the leading or trailing surfaces. How-
ever, the rotation induced vortices in the 90-deg configuration
move along only one-half the face of the leading or trailing sur-
faces. With this in mind, we notice in Fig. 2 that the two second-
ary flows produced by rotation and angled ribs for the rotating
Outer 135-deg duct combine in the first passage to destructiiggpo-
surface site direction reduce heat transfer on both the leading surface
22-percent decrease compared to an 8 percent decreage in
=90 deg and the trailing surfacé 3-percent increase compared
to a 12-percent increase jB=90 deg. Moreover, they combine
in the second passage to constructivigme directionenhance
heat transfer on both the leading surfdeel6-percent increase
compared to a 14-percent increasegis 90 deg and the trailing
surface(a 7-percent increase compared to a 5-percent decrease in
=90 deg. On the other hand, the two secondary flows produced
by rotation and angled ribs for the rotating 90-deg duct combine
Fig. 12 Calculated and measured Nusselt number ratios; Ro to (i) constructively(same direction enhance heat transfer for
=0.11, B=135degAp/p=0.115 only one half of each of the leading and trailing surfaces, @nd
destructively(opposite directionreduce heat transfer for the other
half of each of the leading and trailing surfaces. The overall pre-
number is based on the true heat transfer area for the test surfatieed Nusselt number behavior was relatively close to Azad et al.
with 45-deg ribs which is 1.25 times the projected area. Therefo[®] data. However, the predicted Nusselt numbers on the outer
the experimental data were divided by 1.25 to reasonably compatgface and part of the trailing surface for the second-pass of the
with our regional-averaged Nusselt number, except for the inntating case were overpredicted. This may be partly attributed to
and outer surfaces where there were no ribs. the fact that the predicted Nusselt number ratios are based on a
In Fig. 10(case }, the spanwise-averaged Nusselt number digmiform wall temperature boundary condition, while the experi-
tributions on the leading and trailing surfaces show periodiental ones are based on a uniform wall heat flux boundary con-
spikes. The higher spikes are caused by the flow impingement @ition.
the ribs, and the lower spikes are caused by the flow reattachmertthis computational study can be used to visualize the rib-
between the ribs. The Nusselt number ratios are lower just uUpduced, turn induced, and rotation induced secondary flows in the
stream and downstream of the ribs and higher in the regions lo-pass rectangular channels for both 90 and 135-deg orienta-
tween the ribs. The Nusselt number ratios increase until about tigns. This will help in designing better coolant passages which
midsection between the seventh and eighth rib, which is similar éave coolant flow consumption and improve turbine efficiency.
Jang’s et al[26] 45-deg-rib case in a square channel. This phedoreover, this study reveals that the 135-deg orientation has a
nomenon is caused by the rib-induced secondary flow becomilgver Nusselt number in the first pass leading and trailing sides
stronger along the duct as discussed in Fig. 4 and also mentiorethpared to the 90-deg orientation. This should be taken into
by Han and Parkl]. The Nusselt number distribution on the inneiconsideration by the internal cooling designer to prevent excessive
surface shows thdin the first passageét increases all the way to heating should the design is based only on the 90-deg orientation
rib 9 as a result of the secondary flow that pushes the cold fluidsumptions.
towards the inner surface. As was shown in Fig. 4, the direction g .
the secondary flow in the turn is reversed becoming from inner onclusions
outer surface, which results in sharp decrease of the Nusselt numA validated multi-block RANS method was employed to pre-
ber on the inner wall. In the second passage, the Nusselt numbit three-dimensional flow and heat transfer in a rotating two-
values at the inner surface are low due to hot fluid coming fropass rectangular channel (AR:1) roughened with 45-deg
the outer and ribbed surfaces. For the same reasons discusseghigled ribs on both the leading and trailing sides. Two channel
the foregoing, the Nusselt number distribution on the outer surfacdentations are studieg3=90 and 135-deg. The present near-
is the opposite of the Nusselt number distribution on the innerall second-moment closure model results were compared with
surface. the experimental data of Azad et E9]. It predicted fairly well the
Figure 11(case 2: Re-0.11, 3=90 deg shows that the heat complex three-dimensional flow and heat transfer characteristics
transfer coefficients on the leading surface decreased appraeisulting from the angled ribs, sharp 180-deg turn, rotation, cen-
mately 8 percent in the first passage when compared to the dtéugal buoyancy forces and channel orientation. The inclined ribs
tionary case, while increased approximately 14 percent in the setart two counter-rotating vortices that oscillate in size along the
ond passage. The decrease and increase in heat transfezamwise direction. For case 1, the secondary flow results in
coefficients were due to the Coriolis force. On the trailing surfaceteep temperature gradients and high heat transfer coefficients on
the heat transfer increased approximately 12 percent in the fibgtth the inner and ribbed surfacésr the first passageand on
passage as compared to the stationary case while decreased bgth the outer and ribbed surfadésr the second passagén the
percent in the rest of the second passage. turn, the two counter-rotating vortices convect fluid from the core
Figure 12(Ro=0.11, =135 deg shows that the heat transfertowards the outer surface, resulting in higher heat transfer coeffi-
coefficients on the leading surface decreased approximately @8nts on the outer surface. For case 2=90 deg, rotation-
percent in the first passage when compared to the stationary caiséuced cross-stream secondary flow distorts the rib-induced vor-
while increased approximately 16 percent in the second passaipes and consequently, rotation shifts the temperature contours
On the trailing surface, the heat transfer increased approximatelyd affects the heat transfer coefficients from both the leading and

Trailing
[ surface

@ ©

‘Second-momen, spanwise averag:
' Second-momeft, regional average
o Arad etal (2001)

Leading surface

Nuw/Nu,
- N W s O N ® ©
NwNu,

= N W s O P N

o

=)
N
al
oF
of
»
Taf
=
N
SF
N
=k
N
or
N
[=;
N
IN
o)
|
»
[SAN
=
N
=F
N
=F
o
b
=k

Imner
surface turn

n O N ©
T r

o O N o ©
T

Nu/Nu,
o
Nu/Nu,
-
T

) "é"'é"'1'0”1'2‘"1‘4'"1‘6‘"1'(
S/D

(=
o
(=

Ll
2

- oW
‘i
«2F

o

o
- N oW
.ul

a

Journal of Turbomachinery APRIL 2002, Vol. 124 | 249

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



trailing surfaces. For case B& 135 deg, rotation-induced cross-  [5] Johnson, B. V., Wagner, J. H., Steuber, G. D., and Yeh, F. C., 1994, “Heat
stream Secondary flow distorts the rib induced vortices. The Transfer in Rotating serpentine Passage with selected Model Orientations for
rotation-induced vortices have more spacempared to case)2 (o SO0 % IO TV ASNE ) Tuverati T
either to combine constructivelsame directionor destructively ' | Hoat i ' X ’

N . . . L . tation and Wall Heating Condition on Local Heat Transfer in a Rotating Two-
(opposite directiopwith the rib induced vortices and thus produce Pass Square Channel with Rib Turbulators,” Int. J. Heat Mass Tra&&fNo.

greater increase or decrease in the heat transfer coefficients. 7, pp. 1151-1159.
[7] zhang, Y. M., Han, J. C., Parsons, J. A., and Lee, C. P., 1995, “Surface
Acknowledgments Heating Effect on Local Heat Transfer in a Rotating Two-pass Square Channel

) ) ) With 60 deg Angled Rib Turbulators,” ASME J. Turbomact?7, pp. 272—
The leading author, Mohammad Al-Qahtani, received a fellow-  280.
Ship from King Fahd University; Saudi Arabia, for his Ph.D. study [8] Dutta, S., and Han, J. C., 1996, “Local Heat Transfer in Rotating Smooth and

at Texas A&M University. This work was supported by the Texas ?""_?:;t ?;‘;"r]'spfaesasl:q”arg?%h_‘asge's with Three Channel Orientations,” ASME
Higher Education Coordination Board—Advanced Technology[g] Azad. GM S. Uddinp?)l. 3. Han. J. C.. Moon. H. K.. and Glezer B.. 2001

Program under grant number 999903-165. The computations Were” «Heat Transfer in Two-Pass Rectangular Rotating Channels with 45 deg Par-
performed on the Cray J90 at the Texas A&M Supercomputer allel and Crossed Rib Turbulators,” submitted to the 2001 IGTI Conference to
Center under a supercomputer research grant. The GRIDGEN be held in New Orleans, LA.

software was supported by Pointwise Inc. The support of all of thEL0l Liou, T. M., Hwang, J. J., and Chen, S. H". 1993, “SimulaFion an.d Meqsure-
above institutions is greatly appreciated. ment of Enhanced Turbulent Heat Transfer in a Channel With Periodic Ribs on

One Principal Wall,” Int. J. Heat Mass Trans86, pp. 507-517.
[11] Stephens, M. A., Shih, T. I-P., and Civinskas, K. C., 1995, “Computation of

Nomenclature Flow and Heat Transfer in a Rectangular Channel with Ribs,” AIAA Paper
_ L 95-0180.
Dh D= h_ydrayhc dlamEter' m [12] Rigby, D. L., Steinthorsson, E., and Ameri, A. A., 1997, “Numerical Prediction
e = rib height, m of Heat Transfer in a Channel with Ribs and Bleed,” ASME Paper 97-GT-431.
h = heat transfer coefficient, Wik [13] Stephens, M. A., Chyu, M. K., and Shih, T. I-P., 1996, “Computation of
k = thermal conductivity of coolant, W/m.K Convective Heat Transfer in a Square Duct with Inclined Ribs of Rounded
Nu = local Nusselt numbehD/k 1 Cros; Section,” ASl\gE I;iper 96-WA/HT-12. f e Fl
_ . 14] Stephens, M. A., and Shih T. I-P., 1997, “Computation of Compressible Flow
NUO - NU_SS€|I number in fu"y developed turbulent nonro- and Heat Transfer in a Rotating Duct With Inclined Ribs a 180 deg Bend,”
tating tube flowhD/k ASME Paper 97-GT-192.
Pr = Prandtl number [15] Shih, T. I-P., Lin, Y.-L., Stephens, M. A., and Chyu, M. K., 1998, “Flow and
Re = Reynolds numbepW,Dy,/ux Heat Transfer in a Ribbed U-Duct under Typical Engine Conditions,” ASME
ri = inner radius of bend, m Paper 98-GT-213.

[16] Prakash, C., and Zerkle, R., 1995, “Prediction of Turbulent Flow and Heat

Ro i rota_mon numbe.rQDh /Wl? Transfer in a Ribbed Rectangular Duct With and Without Rotation,” ASME J.
R, = radius from axis of rotation, m Turbomach. 177, pp. 255—264.
S = streamwise distance, m [17] Bonhoff, B., Tomm, U., Johnson, B. V., and Jennions, |., 1997, “Heat Transfer
T = local coolant temperature, SDC Predictions For Rotating U-Shaped Coolant Channels With Skewed Ribs and
T, = coolant temperature at inlet, °C with Smooth Walls,” ASME 97-GT-162.

[18] lacovides, H., 1998, “Computation of Flow and Heat Transfer Through Rotat-

p— o
TW wall temperature, C ing Ribbed Passage,” Int. J. Heat Fluid Flov®, pp. 393—-400.

Wb = b_UIk VeIOCIty in streamwise direction, m/s [19] Rigby, D. L., 1998, “Prediction of Heat and Mass Transfer in a Rotating
a = rib angle Ribbed Coolant Passage with a 180 Degree Turn,” ASME Paper 98-GT-329.
B = angle of channel orientation measured from direc- [20] lacovides, H., and Raisee, M., 1999, “Recent Progress in the Computation of

tion of rotation Flow and Heat Transfer in Internal Cooling Passages of Turbine Blades,” Int.

J. Heat Fluid Flow20, pp. 320—-328.
[21] Chen, H. C., Jang, Y. J., and Han, J. C., 2000, “Computation of heat transfer
in rotating two-pass square channels by a second-moment closure model,” Int.

p = density of coolant, kg/m
Aplp = inlet coolant-to-wall density ratifbased on ideal

gas ?Ssumptiqn (Tw=T)/Ty J. Heat Mass Transf43, No. 9, May, pp. 1603—1616.
) = rotational speed, rad/s [22] Chen, H. C., Jang, Y. J., and Han, J. C., 2000, “Near-Wall Second-Moment
0 = dimensionless temperaturél € T,)/(T,,— T,) Closure for Rotating Multi-pass Cooling Channels,” Int. J. Heat Mass Transf.,

14, No. 2, pp. 201-209.
[23] Wagner, J. H., Johnson, B. V., and Kopper, F. C., 1991, “Heat transfer in
Rotating Serpentine Passage with Smooth Walls,” ASME J. Turboméat8.,
References pp. 321-330.
“ . . 4] Jang, Y. J., Chen, H. C., and Han, J. C., 2000, “Computation of Flow and Heat
11 H . C. Park, J. S., 1 D | H T if R | . ; X
[1] Han, J. G.. and Park. J. 5. 1988, ‘Developing Heat Transfer oo, 160 A anater n Two-bass Chanels with 60- Ribs. AA Paper 2000-1036, 38th
195, o o Aerospace Science Meeting & Exhibit, Reno, NV, January 10-13.
[2] Ekkad, S. V., and Han, J. C., 1997, “Detailed Heat Transfer Distributions in[25] Jang, Y. J., Chen, H. C': and Han, J. C., 2000, “NumgrlcanPrgdlgFlon of the
Two-pass square Channels with Rib Turbulators,” Int. J. Heat Mass Transf., ~Flow and Heat Transfer in a Two-Pass Square Duct with 90° Ribs,” 8th Inter-
40, No. 11, pp. 2525-2537. national Symposium on Transport Phenomena and Dynamics of Rotating Ma-
[3] Wagner, J. H., Johnson, B. V., Graziani, R. A., and Yeh, F. C., 1992, “Heat ___chinery (ISROMAC-8), Honolulu, HI, March 26301, pp. 580-587. )
Transfer in Rotating Serpentine Passages with Trips Normal to the Flow,t26] Jang, Y. J., Chen, H. C., and Han, J. C., 2000, “Flow and Heat Transfer in a
ASME J. Turbomach.114, pp. 847-857. Rotating Square Channel with 45° Angled Ribs by Reynolds Stress Turbulence
[4] Johnson, B. V., Wagner, J. H., Steuber, G. D., and Yeh, F. C., 1994, “Heat  Model,” ASME 2000-GT-0229.
Transfer in Rotating serpentine Passage with Trips Skewed to the Flow,f27] Rohsenow, W. M., and Choi, H., 1961, Heat, Mass and Momentum Transfer,
ASME J. Turbomach.116, pp. 113-123. Prentice-Hall Englewood Cliffs, NJ.

p = dynamic viscosity of coolant, N.s

250 / Vol. 124, APRIL 2002 Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Heat Transfer in a Two-Pass
.« .. | Rectangular Rotating Ghannel
Mohammad J..Uddin Wlth 45-deg Angled th
se-cninvan | Turbulators

Turbine Heat Transfer Laboratory,
Department of Mechanical Engineering,
Texas A&M University

College Station, TX 77843

Experimental heat transfer results are presented in a two-pass rectangular channel (as-
pectratio=2:1) with smooth and ribbed surfaces for two channel orientations (90 and
135 deg to the direction of rotational plane). The rib turbulators are placed on the leading
and trailing sides at an angle 45 deg to the main stream flow. Both 45-deg parallel and
cross rib orientations are studied. The results are presented for stationary and rotating

Hee-Koo Moon cases at three different Reynolds numbers of 5000, 10,000, and 25,000, the corresponding
rotation numbers are 0.21, 0.11, and 0.04. The rib height to hydraulic diameter ratio
Boris Glezer (e/D) is 0.094; the rib pitch-to-height ratio (P/e) is 10 and the inlet wall-to-coolant

density ratio A\p/p) is maintained at 0.115 for all surfaces in the channel. Results show
that the rotating ribbed wall heat transfer coefficients increase by a factor of 2 to 3 over
the rotating smooth wall results. The heat transfer from the first pass trailing and second
pass leading surfaces are enhanced by rotation. However, the first pass leading and the
second pass trailing sides show a decrease in heat transfer with rotation. The result show
that 45-deg parallel ribs produce a better heat transfer augmentation than 45-deg cross
ribs, and a 90-deg channel orientation produces higher heat transfer effect over a 135-
deg orientation. [DOI: 10.1115/1.1450569

Solar Turbines,
San Diego, CA 92186

Introduction ent from either in a square or a circular cross sectional channel.
Thermal ffciencyof s as ubineengin can b improved L e eatanefer coefflet 1 ectanguir charnel vl be
increasing the turbine inlet gas temperature. However, this caugt%fg q : '

an increase in heat load to the turbine components. Until now, hnoernal coolant passages toward the leading and trailing edges in

such suitable material is available that can withstand such hi r{gas trbine blade are rectangular in shape due to the shape of the

thermal stress in this hot operating environment. Therefore, sta]aade itself. The curved shape of a turbine blade as shown in Fig.

dard metal blades with sophisticated cooling techniques such
film cooling and augmented internal cooling have been employ
for turbine blades in order to maintain safe and long operationg
the turbines under extreme operating conditions. Cooling air bl?gp
from suitable stages of the compressor section is fed to the roCcl)g
section of the rotating blade and subsequently flows through,[ozS
series of internal passages in either a radial outward or inward,

direction depending on the complexity of the heat transfer du Numerous studies have been made both experimentally and nu-
. pending . plexity of | . .}xerically on the flow field and heat transfer in the internal coolant
required. Thus, it is subjected to the combined effect of Corioli

buovancy and. centrifuaal forces. In rotation. the Coriolis an )assage of gas turbine rotor blade. Most of these works deal with
yancy ga : ’ uare channels. Han and Patkperformed experimental studies
buoyancy forces cause different heat transfer patterns from

4 i S heat transfer characteristics in a non-rotating rib roughened
leading and trailing surfaces. Coriolis force tends to create a S?&E:tangular channel. Han et 42] studied the effect of the rib
ondary flow in planes perpendicular to the main flow directior), | '

: o . gle orientation on heat transfer distributions and pressure drop
which encourages the migration of core region flow toward thﬁ

- 4 . . X non-rotating square channel with two opposite in-line ribbed
trailing surface in the first pass and leading surface in the sec gaﬁs_ They found that the 60-de@r 45-deg V-shaped rib per-

pass. Angled ribs are also placed on Ieadin.g and trailing S.urfa%?ms better than the 60-ddgr 45-deg parallel rib and, subse-
to trip the boundary layer. These angle ribs not only trip thg,enty petter than the 60-dégr 45-deg crossed rib and the 90-
boundary layer, but also produce _se_condary flows, which enh_a rib. The V-shaped rib produced the highest heat transfer aug-
the surface heat transfer. These rib-induced secondary flows iNt&Gntation, while the crossed rib had the lowest heat transfer en-
act with the rotational secondary flows to create entirely differeflncement. Ekkad and H&8] performed a detailed study on heat
heat transfer phenomena. These secondary flows promote b&flesster characteristics in a non-rotating square channels using
heat transfer in the vicinity of the trailing surface compared to thg, ;iq crystals techniques. Bonhoff et &4] and Schabacker et al.
leading surface in the first pass; while, the situation in the secops} stydied the flow characteristics in non-rotating rib roughened
pass is opposite. The intensity and nature of the secondary flgannels. Tse and Steu@] investigated flow characteristics in
also depends on the coolant passage channel geometry. A recigpsing serpentine coolant passage with 45-deg angled ribs using
gular channel would create a secondary flow pattern that is diff¢rny, Wagner et al[7,8] conducted the most detailed experimen-
_ ) _ ) tal study to determine the effects of rotatiiuoyancy and Cori-
Contributed by the International Gas Turbine Institute and presented at the '”‘Bﬁs forces) on the local heat transfer of a multi-pass square chan-
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Loui- . . N
siana, June 4—7, 2001. Manuscript received by the IGTI, January 25, 2001. Pa’ﬂ@rI with smooth Wa”s-.They concluded. that in the first pass of the
No. 2001-GT-186. Review Chair: R. Natole. coolant passage rotation created a thinner boundary layer on the

may prohibit the efficient use of square or circular cross sec-
ganal coolant flow passages. Thus, to maintain the integrity of a
fs turbine blade, a rectangular coolant passage is of high impor-
ce, and in order to understand and improve internal cooling
hniques, it is necessary to investigate the heat transfer coeffi-
nts in a rotating rectangular channel with different rib turbula-
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only in an orthogonally rotating single pass channel. However,
they did not consider a two-pass channel and the effect of channel
orientation. Prabhu and Vedula2] investigated the pressure drop
distribution in a rotating rectangular channel with transverse ribs
on one wall. They conducted experiments for a rotation number
up to 0.21 and rib pitch-to-height ratios of 3, 5, 7.5, and 10, and a
rib height-to-hydraulic diameter ratio of 0.15. They found that a
rib array with a pitch-to-height ratio of 5 caused the largest pres-

2-Pass Rectangular Coolant Passage sure drop
Direction of rotation : . . .
Several questions still remain unsolved, that must be analyzed
Fig. 1 Sketch of an internal coolant passage of a gas turbine systgmatlcally: It is questionable whetheralrectangular channel
blade provides the same heat-transfer performance as a square channel

in a two-pass situation,)2a channel orientatioorthogonal and

nonorthogonal affects heat transfer performance in a rectangular

channel, and Ba parallel or a cross rib provides a better heat
trailing surface and a thicker boundary layer on the leading suransfer performance in a rectangular channel. These issues need
face, but in the second pass, the performance was different agdoe determined for both nonrotating and rotating cases. This
opposite to the first pass. The leading surface Nusselt numBgiidy helps answering the foregoing questions. Such experimental
ratios in the second pass were higher than the trailing surfageta are very important in the design of a gas turbine blade inter-
Nusselt number ratios because of the reversal of the Coriolis fonegl cooling passage system. The objective of this study is to in-
direction. Johnson et 9] performed the most thorough and syswvestigate the effect of various angled rib configurations and chan-
tematic investigation of the effects of buoyancy and Corioligel orientations for a two-pass rotating and nonrotating
forces on heat transfer coefficients distribution of four-pass squatgtangular channel.
channels with trips angled to the flow5-deg ribg. Fann et al.
[10] reported local heat transfer in the rotating serpentine passage . -
with ribbed surfaces. They found that both rotation and roughnﬁ(pe”mem"‘1I Facility
configuration improved the local heat transfer, and 45-deg ribsThe experimental test rig used by Parsons ef1d,15 is used
performed the best in both the stationary and rotating cases. in this study. Regulated compressed air flows through an orifice

Han et al.[11] investigated uneven wall temperature effect ometer and passes into the test section through a hollow rotating
local heat transfer in a rotating two-pass square channel wihaft and a hollow rotating arm, which is mounted perpendicular
smooth walls. Zhang et a]12] analyzed the heating conditionto the shaft. The test section is mounted inside the rotating arm.
effects in a duct with angled rib turbulators with rotation. Theyhe air enters the test section and passes through both the first and
suggested that an uneven wall temperature had a significant second passages fabricated with segmented copper plates, and is
pact on the local heat transfer coefficients. Parsons dtl8]. exhausted into the atmosphere. Slip rings transfer thermocouple
presented wall-heating effect on local heat transfer in a rotatiogitputs to a data logger interfaced with a computer. Slip rings are
two-pass square channel with orthogonal ribs. Johnson Et4]l. also used to transfer the variac transformer outputs to wire resis-
and Parsons et a]15] studied the effects of channel orientatiortance heaters uniformly cemented in grooves on the backside of
and wall heating condition on local heat transfer coefficient in the copper plates. An electric motor with an adjustable frequency
rotating two-pass square channel with ribbed walls. They fourmntroller rotates the shaft and arm of the test section. A digital
that the effects of the Coriolis force and cross-stream flow wephoto tachometer measures the rotational speed of the rotating
reduced as the channel orientation changed from normal to simaft
angled orientation. Dutta and H&h6] also investigated the local The test section has two passes. Each pass is 12.7 mm by 25.4
heat transfer coefficients in rotating smooth and ribbed two-passn in cross section. The flow in the first pass is radially outward
square channels with three channel orientations. Dutta €t 7l. and the flow in the second pass in radially inward. To obtain local
presented experimental heat transfer results for turbulent flowsat transfer coefficients, the duct is divided into twelve longitu-
through a rotating two-pass rib-roughened triangular channel, wiinal sections, six sections in first pass and six in second pass.
two channel orientations with respect to the direction of rotatiofcach section has four copper plates on four walls of the channel.
They also predicted numerically how the channel orientation afhin teflon(1.59 mn) strips are inserted between copper plates to
fected the secondary flows in the triangular channel. Park et &lolate from each other. These teflon strips work as insulation and
[18,19 conducted experiments to study the effect of rib size oreduce heat conduction from one plate to another and also along
the local heatmass transfer distribution for radial outward flow the longitudinal direction. A cross-sectional view of the test sec-
in a rotating channel with transverse ribs on the trailing and leation is shown in Fig. 2. Each wall of the chanrigtal nine walls,
ing walls. four walls in each pass and an end chps an independent heater
Most of the aforementioned studies dealt with square channedsil powered by an individual transformer. The power input of

However, to maintain the integrity of gas turbine blades, a rectaeach heater is adjusted to maintain a uniform heat flux condition.
gular coolant passage is of high importance. The curved shapeToie wall temperature for each test run is close to 65°C. The chan-
the turbine blade may prohibit the efficient use of square or cinel length-to-hydraulic diameter.(D) ratio is 18, while each
cular cross sectional coolant flow channels. Very few experimentadss length-to-hydraulic diametdr/Q) ratio is 9, connected by a
heat transfer data on a rectangular internal coolant passage sirarp 180-deg turn. The ratio of mean rotating arm radius to the
available in the literature. Taslim et 420,21 studied the heat channel hydraulic diameteR{D) is 30. The entire test duct is
transfer characteristics in rib-roughened square and rectangudarrounded by insulating teflon material and fits in a hollow cy-
orthogonal rotating channels. They used a liquid crystal technigliedrical arm for structural rigidity. There is also an unheated te-
to study the effect of rotation on heat transfer distributions on tH®n entrance channel that has the same cross section as the chan-
walls. In Taslim et al[20], the leading and the trailing walls of nel. The length of the unheated smooth section is twéh®
the test channel were roughened with staggered transverse riggjraulic diameters. This serves to establish a hydrodynamically
while in Taslim et al[21], the opposite walls were rib-roughenedhearly fully developed flow at the entrance to the heated channel.
at 45 deg with respect to the main flow, in a criss-cross arrangehe local wall temperature of the test section is measured by
ment. They found that rotational effects were more pronouncedéopper-constantan thermocouples attached to each copper plate.
rib-roughened channels with a higher channel aspect ratio and&Each copper plate has a blind hole on the back side. The thermo-
lower rib blockage ratio. They investigated heat transfer effecteuple is glued in the hole and comes out of the test section
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Fig. 2 Schematic of the two-pass test section orientations

through the insulating teflon material. Thermocouples are also
used to measure the inlet and outlet bulk air temperature. with the measured voltage drop across each hegteMl). The
Two different channel orientations with respect to the channbgat loss is determined experimentally by supplying electrical

rotation direction and two different rib configurations in additiorpower to the test section until a steady state condition is achieved
to the smooth case are investigated. Figure 3 shows a cut-ai@ya no flow (without any air flow condition. This is done for
view of the two-pass test section for different cases studied heseveral different power inputs to obtain a relation between the
Figure 3a) shows the test section with smooth wall§p)3and total heat loss from each surface and the corresponding surface
3(c) show test sections with 45 deg parallel and cross-ribbéemperature. The heat loss is experimentally determined for each
walls, respectively. Figure(8) also shows two different channel stationary and rotating test case. The heat loss is about 5 percent
orientations with respect to the direction of rotation. The channef the total power input for non-rotating cases. However, it could
is oriented at a 90 and 135-deg angle with respect to the directioe as high as 50 percent for a rotating low Reynolds number
of rotation. Copper ribs with a square cross section are glued Re=5000) case. The heat transfer surface area is increased due
the leading and trailing surfaces of the duct in a 45-deg paralkel the ribs. This rib increased area is about 25 percent of the total
and 45-deg cross fashion, as shown in Fig. 3. A thin layer stirface area. However, to present the results on a common basis,
conductive glue is used so that it creates a negligible thernthe heat transfer area used in Ef) is always that of a smooth
insulation effect between the copper ribs and the copper platggll, i.e., the increased area due to the ribs is not included.
The rib increased surface area is 25 percent with respect to thdhe local wall temperature in El) is obtained from copper-
smooth wall. The rib height-to-hydraulic diamete/[D) ratio is constantan thermocouples in each copper plate. The individual
0.094 and the pitch-to-rib heighP(e) ratio is maintained at a electrical resistive heaters give a uniform heat flux heating condi-
value of 10. The pitch is measured along the length of the passaijen. Therefore, the local bulk mean air temperaturg) (used in
The rib flow-attack-angléthe angle between the rib and coolantq. (1) is determined assuming a linear air temperature rise along
flow direction is 45 deg. The experiments are conducted for thrgbe test duct. The local bulk mean air temperaturg) (is also
different Reynolds numbers: R&000, 10,000 and 25,000. Thecalculated by an energy balance, as
duct rotates at 550 rpm, resulting in rotation number of 0.21, 0.11
and 0.04.

Tbyi:Tin-i-zi (4= Gosd/MCy, 1=1,23,..,12  (2)

Data Reduction

The local heat transfer coefficient is calculated from the locglith the measured inlet air temperatuflg, and the accumulated
net heat transfer rate per unit surface area to the cooling air, & heat input from duct inlet to the ith copper segment, @y.
local wall temperature on each copper plate, and the local bulkiculated the bulk mean air temperature at each copper segment.
mean air temperature as Here m is mass flow rate and s specific heat. The outlet bulk
(A _ mean air temperature calculated in this way agreed with the mea-
"=(4~ Giosd LA(Tw = To)] (3) sured values within 5 percefite., an energy balance is achieved
Local total heat transfer rat) is the electrical power dissi- within 5 percent accuragy
pated by each heater, which is calculated from measured resisTo separate the influence of the flow Reynolds number on the
tance and currento=12R). The electrical power is also checkedheat transfer coefficient, the local Nusselt number is normalized
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by the Nusselt number for the fully developed turbulent flow in a Direction of Rotation

smooth stationary circular pipe. This is correlated by Dittus- Z“d‘fss
Boelter/McAdams or Rohsenow and Choi, as

Nu hD 1 Lepding

Nu, kg (0.023 R&8PO4) ) @ O &
The Prandtl number, Pr, for air is 0.71. Air properties are taken 2nd pass Trailing Ist pass .
based on the mean bulk air temperature. Trailing

The uncertainty of the local heat transfer coefficient depends on {a) Rotation Induced Double Cell Secondary Flow

the uncertainties in the local wall and bulk temperature difference Lst pass
and the net heat input for each test run. The uncertainty increases
with the decrease of the both local wall to air bulk temperature Znd pass
difference and the net heat input. Based on the method described Leading
by Kline and McClintock 23], the typical uncertainty in the Nus- —
selt number is estimated to be less than 7 percent for Reynolds S S

number larger than 5000. The maximum uncertainty, however, 2nd pass Trailing  Ist pass

the lowest Reynolds number tested ER#00). (b) 45° Parallel Rib Induced Double Cell Secondary F

could be up to 20 percent for the lowest heat transfer coefficient at

. . 2nd pass
Results and Discussion

. Leading
Experiments are conducted on a two-pass rectangular channel
with smooth and ribbed surfaces. Two different rib configurations o [T
and a smooth surface case are investigated. Copper ribs with a
square cross section are glued on the leading and trailing surfaces Indpass  Trailing 15t pass

at a 45-deg angle of attack with the flow. In one case, the ribs are
glued at a parallel and opposite orientation, while in the other case (¢) 45° Cross Rib Induced Single Cell Secondary Flow
the ribs are glued at a cross orientation. The angled ribs are con-
sidered more effective in heat transfer augmentation than the ribs
placed normal to the flof2]. The angled ribs not only trip the

boundary layer, but also produce secondary flows that enhance
heat transfer from the surfaces. The test section rotating about sage as shown in Figb# This enhances heat transfer on both

axis perpen_dicular to horizontal plane proqluces secondary roR& leading and trailing surfaces when compared with the non-
due to centrifugal and buoyancy forces, which develop a new a ating smooth surface case. When this rib-roughened channel is

different heat tran'_sfer pattern from t_he angled Fibs or by rOtatic?"atated, the additional counter-rotating vortices as shown in Fig.
g!onet: A cfhar;g? in the channhel one.nt?::on W'thdreSpf?Ct to t%%), interacts with rib induced secondary flow. The general effect

Iréction ot rotation causes a change In the seconaary How Vortggipe coriglis force induced secondary flow in the first passage is
and turbulence distribution. In each of the ribbed cases, the ch?g

Lis oriented at two diff t | d the heat t ¢ t “disturb the rib-induced vortices. This interaction continues to
netis oriented at two artierent angles and the heat transier ral§ iR o 556 heat transfer on the first pass trailing and second pass
measured. However, the frictional pressure losses are not

din this stud mﬁaaofding surface, while decreasing heat transfer on the first pass
sured in this study. .leading and second pass trailing surface. Cross ribs create a

. ; I ; : Qe{iﬁ'lgle-cell secondary flow as shown in Figcy The cross-rib-
angled rib, or channel orientation is very important to explain thﬁduced single-cell secondary flow is different compared to the

results. Figure 4 shows a conceptual view of the secondary fl rallel rib-induced double-cell secondary flow. The single cell
patterns induced by these factors. Figufe)4&shows the double (E/écondary flow vortex does not mix well V\)I/ith thé core flaw?nld

cellf sec](‘)ndétri/h fl?]w Patlteff‘s tlntc_iucedey rotatlﬁn O(K”OOth fluid) and merely restricts heat transfer because there is less tem-
surfacg for both channel orientations. Figurébj shows the par- erature gradient left near the walls. Whereas, the double-cell sec-

allel rib-induced double-cell secondary flow patterns for bot ndary flow vortex provides more mixing between the center cold

channel_onentatlons. Similarly, Fig(@) shows the cross rib 'N" fluid and near-wall hot fluid. Thus, heat transfer enhancement for
duced single cell secondary flow patterns for both channel orlsg]ﬁ:

h = i ss rib case is lower when compared with the parallel rib case.
tations. The rotation induced double cell counter rotating seco en rotation induced secondary flow as shown in Fig),4
ary flow as shown in Fig. @) is generated by the C.°“°|'s fOrce'nteracts with this cross-rib-induced secondary flow, the additional
that produce a cross-stream flow pattern. In the first pass of

) - . : N nter rotating vortices push the cooler fluid from the core to the
channel, the fluid moves in a radially outward direction and t)—gl 9 b

1st pass

Fig. 4 A conceptual view of the secondary flow pattern

effect of Coriolis force directs the coolant from the core towar ailing surface in the first passage, and to the leading surface in

the traili ‘ N in th d the fluid e second passage. Thus, heat transfer is enhanced in the first
the trailing surtace. HOWEVer, In theé second pass, the 1uld MOVESs tailing and second pass leading surface, but decreased in
in a radially inward direction and the Coriolis force directs th

i > first pass leading and second pass trailing surface. Due to a
coolant toward the leading surface. When the channel is orien - deg turn between the first and second pass, a secondary

at a 90-deg angle ‘.N'th respect to th.e dlrect!on of rotation, the, js generated. This curvature-induced secondary flow pushes
secondary flow vortices are symmetric and directly act either 9fid from the inner to outer surface. In the second pass, this

trailing (first pass or leading(second pagssurface. However, at curvature- induced secondary flow interacts with rib-induced and

135 deg _channel _orientat_ion, the secondary flow vortices Y6tation-induced secondary flows. The conceptual view of the sec-
asymmetric and migrate diagonally away from the corner regiqf), oy fiow patterns as shown in Figga) (b), (c) will be useful
of the inner-leading surface toward the center in the first passa%eexplain the heat transfer results. The detailed flow physics have

and from the corner region of the inner-trailing surface toward ”l?een discussed in a companion numerical paper by Al-Qahtani
center in the second passage. et al.[24]

Angled ribs on the trailing and leading surfaces act as turbu-
lence promoters. Angled parallel ribs create a symmetric counterSmooth Case Results. Figure 5 presents the Nusselt number
rotating vortices parallel to the ribs that impinge on the inneatios for nonrotating and rotating smooth channels. The results
surface in the first passage and on the outer surface in the secaral plotted separately for leading and trailing surfaces, and for
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R e P B P YO Ty s along the length of the channel in the second pass, and increases
O Traling Ro=0 A Trailing, p=80°, Ro=021  © Trailing, =135, Ro=0.21 again at the exit end of the second pass due to a 90-deg turn in the
exit flow direction. The Nusselt number ratios for both the leading
and trailing surfaces are almost equal for nonrotating case. How-
ever, for rotating case, the trailing surface in the first pass has
higher Nusselt number ratio than the leading surface, while in the
second pass the trend is opposite. The difference in heat transfer
between the rotating and nonrotating flow conditions is primarily

_ , D attributed to the secondary flows associated with the Coriolis
W Leading, Ro=0 A Leading, p=90°, Ro=0.11 @ Leading, B=135°, Ro=0.11 . . . .
O Trailng Ro=0 A Trallng, p=90°, Ro=0.11 O Trailing, p=135", Ro=0.11 force as discussed in the earlier paragraph. This secondary flow
effect is prominent on leading and trailing surfaces compared to
the outer and inner side walls.

The rotation-induced Coriolis forces produce cross-stream flow
patterns, which push the high-momentum cold fluid from the core
towards the trailing surface, in the first pass, while towards the
leading surface, in the second pass. Thus, the trailing surface heat
04 i : _ transfer is higher than the leading surface in the first pass and
M Leading, Ro=0 A Leading, p=90°, Ro=0.04 & Leading, p=135°, Ro=0.04 .. . . . .
O Trailing, Ro=0 A Trailing, p=00°, Ro=0.04 O Trailing, B=135°, Ro=0.04 similarly, the leading surface heat transfer is higher in the second
3 pass. At a 90-deg channel orientation, this rotation induced sec-
ondary flow vortices push the core cold fluid toward either on
trailing (first pas$ or leading(second pagssurface. However, at
135-deg channel orientation, the secondary flow vortices migrate
diagonally away from the corner region toward the center of the
passage. In the first pass, it migrates diagonally away from the
180° turn corner of the inner-leading surfaces toward the center of the pas-
0 —’I [ : sage, and in the second pass from the corner of the inner-trailing

o 12 o 16 18 surfaces toward the center of the passage. Thus, the Nusselt num-
ber ratio on the first pass trailing and second pass leading surface

(a) Leading and Trailing Walls is higher, and first pass leading and second pass trailing surface is

lower in a 90-deg channel orientation when compared with the

MW Outer, Ro=0 A Outer, p=90°, Ro=0.21 ® Outer, p=135°, Ro=0.21 135-deg Channel orientation. . .
O Inner, Ro=0 & Inner, =90°, Ro=0.21 O Inner, p=135°, Ro=0.21 The heat transfer results are focused on the leading and trailing
surfaces. These surfaces are important due to the flow of heat
. from the outside surface of the wall, which is directly exposed to
G BT Gty hot combustion gasses. It is also of some interest to determine the
AT heat transfer coefficient on the inner and outer surfaces of the
duct. The results from these measurements appear in Hg. 5
0 The inner and outer surfaces for each pass show almost same

— " order of heat transfer coefficient magnitude, except at the bend
; ﬁ:ﬁr:::: Zﬁi‘:,'é’ifé’é?.'.?.‘: ; 3:2',';:1133;]:::&11‘ region. In the bend and immediately after the bend region, the
3 Nusselt number ratio is higher at the outer surface when compared
with the inner surface. This is due to the curvature-induced sec-
ondary flow vortices, as it push the fluid from the inner to the
outer surface.

> o

Nuijwo |

-

Re=10000

Re=25000

XD

Nu/Nuo
N

Re=5000

7 po< Re=10000

(b) Outer and Inner Walls Ribbed Case With 45-deg Parallel Ribs. Figure 6 shows the
0 Nusselt number ratio for 45-deg angled parallel ribs. The results
4 show that the nonrotating Nusselt number ratios are much higher
- ﬁ::*-:::: 4 ﬁ:‘:"- ;ﬁ::::: e ﬁ::";:::} ::::: compared to the nonrotating smooth surface case. This is because
' UK ' T of the rib induced secondary flow vortices as shown in Fig).4
The results also show that rotation significantly increased the Nus-
selt number ratios on the first pass trailing surface and the second
pass leading surface. The rotating Nusselt number ratios on the
Re=25000 first pass trailing and second pass leading surface are much higher,
but the first pass leading and second pass trailing are lower com-
[‘_ 180° turn pared to the nonrotating case. This is because of the combined
effect of the rib-induced secondary flow and the rotation-induced
10 12 14 16 18 . . .
XiD secondary flow vortices, as shown in Fig. 4. The results also show
that the Nusselt number ratios on the leading and trailing surfaces
Fig. 5 Nusselt number ratio for smooth case with the 45-deg angled parallel ribs do not decrease significantly
with X/D in the first passage as they did for the duct with smooth
walls. The heat transfer coefficient at the entrance is high then it
inner and outer walls at three different Reynolds numbers. Figulecreases to reach a minimum valueXab around 4, and then
5(a) shows the results for leading and trailing surfaces. The resalgain it increases to reach a higher valu&éd around 6.5, and
shows that heat transfer ratio is higher near the inlet of the fisten it decreases again in the downstream of the first pass. After
pass due to thermal entrance effect. It then decreases, and agfanturn, the heat transfer coefficient starts increasing to a maxi-
approaches asymptotically to the fully developed value. The heatim value aiX/D around 12.5, and then it decreases again with
transfer ratio in the bend and upstream of the second passagX/i®. Downstream of the second pass, the heat transfer coefficient
high due to the additional secondary flow vortices induced by ttas the increasing trend due to a sharp 90-deg turn to the exit flow
curvature. Again, the Nusselt number ratio decreases gradualiyection. An earlier study of a 60-deg parallel rib in a stationary
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frame by Han et al[2] also showed an increase in the Nussel B Leading, Ro=0 A Leading, p=90°,Ro=021 @ Leading, p=135°, Ro=0.21
number downstream of the entrance. This behavior is attributat O Triing Ro<0 A Trailng p=80" Ro=021  © Traiing, p=135", Ro=021
to the secondary flow-induced by the rib orientation as shown
Fig. 4(b). In the turn, the heat transfer coefficient is low becaus
of the decay of turbulence as there is no rib. However, addition
curvature-induced secondary flow vortices are generated in t
bend region, which cause a higher Nusselt number after the be
region. It is believed that the flow pattern generated by the 45-di ] Parallel Rib, Leading & Trailing, Re=5000
parallel ribs contains a pair of counter rotating cells. Thes
counter rotating cells have a greater mixing effect of the core co ™ Lsading,Ro=0"" 4 Lsading, p=9C", Ro=0.11" ~ @ " Leading, p=135", Ro=0.11
fluid and the near-wall hot fluid which cause higher heat transfe 0 T@"9-Re=0 4 Traling,p=90°.Ro=011 O Trailing, p=135", Ro=0.11
For 135-deg channel orientation, the result also shows that r
tation enhances the heat transfer in the first pass-trailing surfe ,
and second pass leading surfaces, whereas the heat transfer
creases in the first pass leading and the second pass trailing s§ 2
faces. Since in 135-deg orientation, the heat transfer surfaces 2
not orthogonal to the plane of rotation, the rotational effects ai 1 Parallel Rib, Leading & Trailing, Re=10000
less significant when compared with 90-deg orientation, as shou
in Fig. 4. The effect of Coriolis forces on the first pass trailing ani o
second pass leading walls for 90-deg rotation is more since tt m Leading, Ro=0 A Leading, p=90°, Ro=0.04 @ Leading, p=135°, Ro=0.0:
force and cross-stream flows are normally incident on these des B, Traling. Ro=0 A Trailing, p=90°, Ro=0.04 O Trailing, p=135", Ro=0.04
bilized surfaces. Thus greater differences between leading a
trailing Nusselt number ratios in each pass are observed in 90-c 3 |
orientation. The Coriolis effect is also present in the 135-deg or
entation but is reduced by being oblique at an angle to the fir2,
pass trailing and second pass leading walls. Hence differences2

w

Nu/Nu®
N

-

4

(a) Leading and Trailing Walls

Nusselt number ratios between leading and trailing walls are n 4 | Parallel Rib, Leading & Trailing, Re=25000
as significant for the 135-deg orientation as they are for the 9 R
deg orientation. In fact, unlike 90-deg orientation, the benefits ¢ —’I |<— 180" tum
flow destabilization and drawbacks of flow stabilization are share ¢ 2 4 6 8 10 12 14 16 18
by more than one surface in 135-deg orientation. This sharir XD
reduces the intensity of the corresponding effects in specified si
faces Wlth a 135_deg orientation. B Outer, Ro=0 A Outer, $=90° Ro=0.21 @ Outer, B=135° Ro=0.21
O  Inner, Ro=0 A Inner, $=90°, Ro=0.21 O Inner, p=135° Ro=0.21

With an increase in rotation numbédecrease in Reynolds
numbej, the difference of Nusselt number ratios between leadin
and trailing surfaces increases, as shown in Figy,6but the 3|
distribution patterns remain similar to those pertaining to the sti,
tionary duct. The decrease in the first-pass leading and secoiZ 2
pass trailing surfaces from their stationary values are more thZ
the increase in the first pass trailing and the second pass lead *
surface. Johnson et 4B] observed similar behavior with 45-deg
skewed ribs. ;

The results for the inner and outer surface show that the Nuss . O Inner, Ro<0
number ratio for the outer surface decreases in the first pass, wt
it increases in the bend region and remains almost steady in 1
second pass. The Nusselt number ratios for the inner surface i°
tially decreases in the first pass, then increases and again 2,
creases through the bend region in the second pass. Finally3
increases towards the exit of the second pass due to a sharp 1|
deg turn in the exit flow direction. The rib-induced secondary flov
pushes the cold fluid towards the inner surface in the first pa o
causing a higher heat transfer rate on the inner wall. The directi B Outer, Ro=0 A Outer, p=90°, Ro=0.04 ®  Outer, =135°, Ro=0.04
of the secondary flow is reversed in the turn regifsom innerto 4 2 'menRe=0 & Inner, =00, Ro=0.04 O Inner, p=135", Ro=0.04
outer surfacg which results a decrease of the Nusselt number ¢ (b) Outer and Inner
the inner wall. In the second pass, the inner wall Nusselt numb 5 | Walls
values are lower due to hot fluid coming from the outer and ribbe
surfaces. For the same reason discussed in the foregoing, the N3 Rt B e o

C . . . . 2
selt number distributions on the outer surface is higher. 3 B

Ribbed Case With 45-deg Cross Ribs. Figure 7 shows the 1
heat transfer results with cross ribs at three different Reynol N
numbers. The results show that the nonrotating Nusselt numt ’ —| I“ 1807 m
ratios, unlike parallel rib case decreases with increasing axial di o 5 10
tance and increases in the bend region, and then decreases aga... ... X/D
the second pass. The lower Nu/Nmatios for the cross rib orien- Fig. 6 Nusselt number ratio for 45-deg parallel rib case
tation as opposed to parallel rib may be caused due to a single-cell
secondary flow vortex induced by cross ribs. The lower heat tramaethod (paint-coated surfage Similar trend was reported in a
fer coefficients obtained for cross rib as opposed to parallel rib gueevious study by Han et dR2]. The flow pattern generated by the
similar to those reported by Metzger and Vedi28] in a straight 45-deg cross ribs contains a single cell of secondary flow as
triangular cross sectional channel with a transient heat transf#rown in Fig. 4c), whereas the 45-deg parallel rib contains a pair

4

0

uter, Ro= uter, H= 0=

; ; er, p= 6=0.11
A Inner; p=90°, Ro=0.11

O Inner, B=135° Ro=0.11

3 |

Parallel Rib, Outer & Inner, Re=10000

Parallel Rib, Outer & Inner, Re=25000

15
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® Leading, B=135° Ro=0.21
O Trailing, p=135°, Ro=0.21

A Leading, p=90°, Ro=0.21
A Traiing, B=90°, Ro=0.21

M Leading, Ro=0
O Trailing, Ro=0

Cross Rib, Leading & Trailing, Re=5000

® Leading, p=135° Ro=0.11
O Trailing, p=135°, Ro=0.11

A Leading, p=90° Ro=0.11
A Trailing, p=90°, Ro=0.11

B Leading, Ro=0
40 __ Trailing, Ro=0

SR
Z::;;g‘._;-_@::::g

Cross Rib, Leading & Trailing, Re=10000

¥o

:I::g

A Leading, p=90°, Ro=0.04
A Trailing, p=90°, Ro=0.04

® Leading, p=135° Ro=0.0
O Trailing, f=135° Ro=0.04

M Leading, Ro=0
4 0 Trailing, Ro=0

(@) Leading and Trailing
Walls

14 Cross Rib, Leading & Trailing, Re=25000

0
| I<_ 180" turn

o] 2 4 6 8 10 12 14 16 1
XD

® Outer, p=135°, R0=0.21
O Inner, p=135°, R0o=0.21

A Outer, =90°, Ro=0.21
A fnner, $=90° R0=0.21

W Outer, Ro=0
O Inner, Ro=0

Cross Rib, Outer & Inner, Re=5000

® Outer, p=135°, Ro=0.11
O Inner, $=135°, Ro=0.11

A Outer, p=90°, Ro=0.11
A Inner, p=90°, Ro=0.11

W Outer, Ro=0
O Inner, Ro=0

Cross Rib, Outer & Inner, Re=10000

® Outer, p=135°, Ro=0.04
O Inner, p=135°, Ro=0.04

A Outer, p=90°, Ro=0.04
A Inner, p=90°, Ro=0.04

H  Outer, Ro=0
O Inner, Ro=0

=) (b) Outer and Inner Walls

"""

Cross Rib, Outer & Inner, Re=25000
180° tum

0 . : L _-’JI . X

0 2 4 6 8 10 12 14 16 18
X/D

Fig. 7 Nusselt number ratio for 45-deg cross rib case

ing surface in the first pass and the leading surface in the second
pass. Thus, it helps to increase the first pass trailing, and second
pass leading surface heat transfer. An additional secondary flow
vortex is generated in the bend region, which significantly affects

the heat transfer in the second pass. The secondary flow vortex in
the turn may grow considerably near the leading surface, causing
a significantly high heat transfer in the second pass leading sur-
face. This curvature-induced secondary flow vortex dominates for

a certain distance in the second pass, however, the Coriolis and
rib-induced vortex gradually diminishes the turn induced second-

ary flow vortex.

At a lower rotation numbethigher Reynolds numbgrthe in-

ner surface produce higher Nusselt number ratio in the first pass
when compared with the outer surface result, while in the second
pass, both the inner and outer surface produce almost similar Nus-
selt number effect. However, at a high rotation number (Ro
=0.21), the Nusselt number on the inner surface are much lower
than the outer surface in the second pass. In the middle of the turn,
the secondary flow vortex convects fluid from the core toward the
outer surface resulting in a higher heat transfer coefficient on the
outer surface. In the second passage, the secondary flow convects
the cooler fluid from the outer surface and along the ribbed sur-
faces toward the inner surface, it then moves back to the outer
surface resulting in a higher hear transfer coefficient.

Channel Averaged Nusselt Number Ratio. The channel av-
eraged Nusselt number ratio on the leading and trailing surfaces
are presented separately in Fig. 8 for both 90 and 135-deg channel
orientations. The results are presented separately for first and sec-
ond pass as a function of rotation number. Fi¢p)&hows the
averaged Nusselt number ratio for 90-deg channel orientation,
while Fig. 8b) for 135-deg channel orientation. In general, the
results clearly show that for a 90-deg channel orientation, the
Nusselt number ratio in the first pass trailing surface increases
with an increase in rotation number, while it decreases in the first
pass leading surface. However, in the second pass, the Nusselt
number ratio on the leading surface increases with rotation num-
ber, while on the trailing surface it decreases. The Nusselt number
ratios on the trailing surface are higher in the first pass and lower
in the second pass compared with the leading surface at every
rotation number. The parallel rib case produces highest heat trans-
fer effect, because of rib induced double cell secondary flow vor-
tices as shown in Fig. (). Similarly, the cross rib enhances
the non-rotating heat transfer more than a smooth case, because
of a single cell secondary flow vortex as shown in Fig)4The
rib-induced secondary flow effect is almost equal on the leading
and trailing surface at a nonrotating (R0) case as shown in
Fig. 8 at Re=0. Rotation induced secondary flow significantly
enhances heat transfer in the first pass trailing and the second pass
leading surface, while it reduces the heat transfer on first pass
leading and second pass trailing surface. The decrease and in-
crease in Nusselt numbers are due to the Coriolis force. This effect
is larger at a higher rotation number. For a 135-deg channel ori-
entation as shown in Fig.(8), the averaged Nusselt number trend
is almost similar. However, variation exists between individual
leading and trailing surface in each pass of the channel.

Conclusions

In order to achieve turbine blade durability goals modern gas
turbine engines require combined cooling techniques such as
blade film cooling and blade internal convective cooling. This
study focuses on internal convective cooling of turbine rotor
blades. The effects of Coriolis and buoyancy forces play impor-
tant roles in rotating channel flow. Effects of ribs with different
configurations and channel orientation on heat transfer are also
studied. This work is helpful to understand and improve the inter-
nal cooling design of rotor blades especially for a rectangular

of counter-rotating cells. The single-cell vortex may not mix welfhannel (aspectratio2:1). Thelocal heat transfer coefficient
with the core flow and reduce heat transfer because not mudigtribution in a rotating frame is different from that of a station-
temperature gradient remained near the wall. The rotation-induct frame. Heat transfer coefficient patterns in radial outward flow
secondary flow vortex pushes the core cold fluid toward the tradnd radial inward flow conditions show different dependence on
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@ Leading, Smooth ——4 —Leading, Parallel —.g— Leading, Cross In general, the rib-roughened surfaces in a rectangular channel
..Q-- Trailing, Smooth .. A .. Trailing, Parallel .. .. Trailing, Cross perform similarly to smooth surfaces with increasing rotational
speed. However, the average heat transfer coefficient magnitude in
a rectangular channel with ribbed wall is much higher than that of
the smooth walls. Ribs placed at an angle to the bulk flow direc-
tion induce greater heat transfer enhancement. Comparative stud-
ies suggest that a 45-deg parallel rib configuration in a rectangular
channel is more suitable to enhance heat transfer than a 45-deg
cross configuration for both nonrotating and rotating cases. The
effect of channel orientation on heat transfer shows that a 90-deg
channel orientation has more effect on leading and trailing sur-
faces than a 135-deg orientation due to rotation. The difference in
Nusselt number ratios between trailing and leading surfaces in a
smooth channel is smaller in a 135-deg channel orientation than a
First Pass Averaged, 90° 90-deg channel orientation. This Nusselt number difference is
even reduced for ribbed channel cases.

Averaged Nu/Nu,
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(@) 90° Channel Orientation

Nomenclature

Averaged Nu/Nu,

D = hydraulic diametefm)

e = rib height(m)
h = heat transfer coefficiertW/m?K)
Second Pass Averaged, 90° k = thermal conductivity of coolanfW/mK)
o ‘ ‘ ‘ , L = length of the ductm)
0 0.05 0.1 0.15 0.2 0.25 Nu = local Nusselt numbehD/k
Rotation Number (Ro) Nu, = Nusselt number in fully developed turbulent non-
rotating tube flow without ribs
4 — @ Leading, Smooth — & Leading, Parallel —e—Leading, Cross P =rib pitCh (m)
.. O - - Trailing, Smoctn - - 2 - - Trailing, Paraflel - . O - -Tralling, Cross Pr = Prandtl number

Oret = et heat flux at wal(W/m?)
= rotating radiugm)
R = mean rotating radiugm)
Re = Reynolds numbepVD/u
------------------- Ro = rotation number(D/V
Tpx = local coolant temperatur@C)
= coolant temperature at inl¢tC)
= wall temperaturg°C)
= bulk velocity in streamwise directiofm/s)

Averaged Nu/Ny,
»

-
L

First Pass Averaged (135°)

Ti
Tw
\Y

9 X = distance measured along channel axis from start of

heating(m)
(b} 135° Channel Orientation B = angle of channel orientation

Q) = rotational speedrad/9

3 2 a = rib angle

---------- - ® /Z u = dynamic viscosity of coolantPa-3

p = density of coolantkg/m®)
Aplp = coolant-to-wall density ratio, ,— T,)/ Ty,

Averaged Nu/Nu,
N
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Fluid Flow and Heat Transfer in a
rong-minior | ROtating Two-Pass Square Duct
amaanens | Wit IN-Line 90-deg Ribs

Feng Chia University,
Taichung, Taiwan, ROC

e-mail: tmliou@pme.nthu.edu.tw Laser-doppler velocimetry and transient thermochromic liquid crystal measurements are

presented to understand local fluid flow and surface heat transfer distributions in a
rotating ribbed duct with a 180 deg sharp turn. The in-line 90-deg ribs were arranged on

Meng-Yu Chen the_ Ieadir}g and trailing walls with ri_b height-to-hydraulic diameter ratio and pitch-to- _
Graduate Student, height ratio of 0.136 and 10, respectively. The Reynolds number, based on duct hydraulic
e-mail: d853708@oz.nthu.edu.tw diameter and bulk mean velocity, was fixed atX10* whereas the rotational number
varied from 0 to 0.2. Results are compared with those of the rotating smooth duct flow in
Meng-Hsiun Tsai terms of maximum streamwise mean velocities,,,/U,) and turbulence intensities
g-mail: g883703@oz.nthu.edu.tw (U'max/Up), skewness of mean velocity profiles, secondary flow pattern, turn-induced
separation bubble, and turbulence anisotropy. Nusselt number ratio mappings are also
Department of Power Mechanical Engineering, provided on the leading and trailing walls. The relationships between the fluid flow and
National Tsing Hua University, local heat transfer enhancement are also documented. It is found that the rotating ribbed
Hsinchu, Taiwan, ROC duct flow provides higher ,/U,, U’ ha/Up, and stronger total averaged secondary

flow and, hence heat transfer is enhanced. Comparisons with heat transfer data published
by other research groups are also made. Furthermore, simple linear correlations between
regional averaged Nusselt number ratio and rotation number are developed.

[DOI: 10.1115/1.1459079

Introduction mean velocity and magnitude of secondary flow velocity in-

To remove the heat load effectively from a rotating serpentifgcased linearly, and turbulence intensity increased nonlinearly
with increasing Ro. Their results also illustrated the reported span-

duct and achieve excellent cooling performance is a challengin h f iation in th - h | allv th

issue for turbine blade designers. Among various cooling meth: ﬁ heat transfer varftlon In the rotatrl]nglc g_nne S: clels_pecr:a y the
. ; o N ; . gh heat transfer enhancement on the leading wall in the turn.

ods, the intemnal cooling technique is considered in this pap ore importantly, they concluded that the direction and strength

Presentation of results is focused on the sparse fluid flow mfoﬁrj the secondary flow with respect to the heat transfer wall were

mation complemented by local heat transfer data. The heat traps most important fluid dvnamic factors affecting the local heat
fer measurements were performed by the transient liquid crys aF P y 9

T . ; ansfer distributions inside a 180-deg sharp turn under both rotat-
thermometry which is seldom reported in open literature for fjr;]g and non-rotating conditions. All the foregoing fluid flow stud-

rotating two-pass square-sectioned duct with 90-deg ribs. ies were performed for orthogonal rotati@mtation about an axis
One of the reasons why extensive numerical studies of the ﬂur@rmal topthat of the turn cur?/atljrwhereas Cheah et 46] and

flow and heat transfer in rotating ribbed ducts with 180-deg sh ieh et al[7] applied LDV to fluid flow in a rotating two-pass

turns have not been possible to date is the lack of local flow fie : pp ) h | rotating P

and surface heat transfer data. To provide detailed local inform; _annel_for parallel rotation. In practical applications, the orthogo-

tion, non-intrusive measurement techniques are often needed. akrotatlon is used and ribs are often arranged on the channel wall

the problem is that they are difficultly implemented under rotatin

conditions. In the following, the literature survey is only restricte

to rotating channels. . . X X
Elfer [1] examined the rotational effect on fluid flow in a single-rneasurements using nonintrusive LDV or PIV in an orthogonally

pass smooth-walled circular channel by using a laser two-focmtatmg multi-pass ribbed channel with 180-deg sharp turns are

method. Bons and Kerrebrogk] used particle image velocimetry gt':‘”(IZl)an(il[()ILTtga.tionaIIy, Prakash and ZerKl@] suggested that a low
(sF;Ic\{i)ort]z dl gﬁgg?ﬁ tdeu(t:ltm?o:nrt;;nt?r: gﬂr?l'lvmg];f;gnugﬁg)gszs SB%Lézr?ieynolds number model should be used to simulate practical gas
the effect of 180-deg turn has prominent influence or; f.luid flou[EI bine engine co_ndltlons and a Reynolds stress r_nodel IS neces-
and heat transfer in the serpentine channels, Liou and C3len ary to capture anisotropy turbulence effects. lacovides an_d Raisee
! [10] explored four turbulence models to compute the fluid flow
presented a set of laser-Doppler veloatpV) data for develop- and heat transfer in internal cooling passages of turbine blades

ing flows through a 180-deg straight-corner turn at=R0082. . . .
Sgrvouze[zl] per%ormed threeqdimer?sional LDV measurements iWIt.h 90-deg _rlbs. They con(_:luded _that the wall funptlon _approach
inappropriate and the simple isotropic eddy viscosity model

a rotating two-pass channel with a 180 deg sharp turn. His res As to capture physically reasonable heat transfer and fluid flow

were mainly obtained at Re5000 and Re-0.33. Some results L .
. behavior since the presence of ribs generally generates flow sepa-
were obtained at Re25000 and Re0.033 and 0.066. Recently, ration and anisotropic turbulence. Recently, Jang et} pre-

Chen ﬁngl L'OL[.SEI 'nvfggg dated Lotatlng efffect:é)&flllékd ﬂo(;NRm A dicted flow and heat transfer in a rotating square channel with 45-
smooth duct with a -deg sharp turn for and Ro deg ribs by the use of Reynolds stress turbulence model and

from 0 to 0.2. They found that both the skewness of streamwigRqyed that the secondary flow induced by the angled ribs, rotat-

ing buoyancy, and Coriolis forces produced strong anisotropic tur-

Contributed by the International Gas Turbine Institute and presented at the '”‘Billent stresses and heat fluxes. These computations all reflect the
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, LoUi- )

siana, June 4—7, 2001; Manuscript received by the IGTI, January 18, 2001. Pap&cessity of detailed flow field information provided by experi-
No. 2001-GT-185. Review Chair: R. A. Natole. mental measurements.

o enhance the heat transfer. Tse and Stel8janvestigated flow

aracteristics in a serpentine coolant passage with 45-deg ribs
using LDV for orthogonal rotation. Up to date, detailed flow field

260 / Vol. 124, APRIL 2002 Copyright © 2002 by ASME Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Wagner et al[12] made thermocouple measurements in serpe

tine square passages with staggered 90-deg ribs on the leading| L | ™7 S=T0% § | FIBER OFTIC TRORE 11 | ATOMIZER
trailing surfaces. The rib$4/Dy, andPi/H were fixed at 0.1 and | 2| T~C xR 7 | TRAVERSE SYSTEM 12 | HEATER

10, respectively. Flow parameters were =Re5x10° and Ro [ 21o0m==e 8 | ROTARY JOINT 13 | FOWERSUPPLY
varying from 0 to 0.35. They showed that the maximum he;i 4 | mrerrace 9 | PHOTO MULTIPLIERS 14 gﬁ?ﬁz;g&n;c
transfer coefficient increased up to 4.5 tim@s contrast to 3.5 L5 1 STBINIERrACE 10 | vownNmrmas 13 | racuury

OPTIC COUPLER

times for the rotating smooth-walled passadgesm the stationary BRAGG CELLS
fully developed circular tube values, whereas the minimum he
transfer coefficients decreased to 80% of the stationary 90-d [i
ribbed wall results. When the 90-deg ribs were replaced by 45 d
ribs, Johnson et al.13] found that the maximum heat transfer
coefficient increased up to 5.0 times of the stationary tube valu
but the minimum heat transfer coefficient decreased to 40% of t = -1
stationary 45-deg ribbed wall values. Parsons ef®d]| per-
formed thermocouple measurements to investigate wall heati
effect on heat transfer in a rotating two-pass square channel w
in-line 90-deg ribs for Re and Ro from 2A8.0° to 2.5x 10* and
0 to 0.35, respectively. Zhang et BL5] substituted in-line 60-deg
ribs for the in-line 90-deg ribs of Parsons et[d4] and examined
the effect of rotation on heat transfer using thermocouples. In
cases the rotating ribbed wall heat transfer coefficients were t\
to three times higher than their corresponding rotating smooth-
walled channel values. Fig. 1 Schematic drawing of the LDV and TLCT experimental

All the above heat transfer results were based on thermocoupyatem
readings which gave actually regional averaged values. The
steady-state liquid-crystal thermometfLCT) was used by
Taslim et al[16] and El-Husayni et a[.17] to obtain heat transfer stream locations of the test section during the test. The junction-
data in rotating single pass channel with criss-cross 45-deg rigsad of the thermocouple was about 0.15-mm in diameter. All the
and staggered 60 deg ribs, respectively. The former reported theta and power lines from the rotating part were connected to the
averaged datgper rib interva) only and the latter both local and stationary part via a 12-channel slip ring. The video and tempera-
averaged data. Up to date, no SLCT measurements have bggs data were then fed to a PC for post processing.
reported for rotating multi-pass ribbed channels. To overcome theThe test section shown in Fig. 2 was made of acrylic sheets 20
problems of limited color play range and deteriorating charactafim thick for optical access. The hydraulic diameter of the square
istic of color play encountered in SLCT, the transient thermochregross-sectional flow path wad,=22 mm and the divider-wall
mic liquid crystal thermometr(TLCT) was developed in past thickness was 0., . At the turn, the clearance between the tip
years but has only been used to obtain local heat transfer coeffithe divider wall and the duct outer wall was fixed @}, . The
cient distribution in stationary two-pass smooth-walldou, 90 deg transverse ribs were mounted on the leading and trailing
et al.[18]) and ribbed(Liou, et al.[19]) channels and in rotating walls and directly oppositénot staggered One pair of ribs was
two-pass smooth-walled channélsou et al.[20]). installed at the divider wall tip in the turn and nine pairs of ribs in

Owing to the facts described above, the objective of this studach pass. The rib height-to-hydraulic diameter raté,,) and
is to acquire local fluid flow and surface heat transfer distributionke rib pitch-to-height ratio Ri/H) were 0.136 and 10, respec-
in an orthogonally rotating two-pass square-sectioned duct witirely, in each pass. The TLCT measurements were made in the
in-line 90 deg ribs mounted on the leading and trailing walls usinggion of 4D, (or 3 rib pitch upstream to 4,; downstream of
LDV and TLCT, respectively. As pointed out previously, botfthe turn on the trailing and leading walls. The Reynolds number,
LDV and TLCT have seldom been applied to such a difficulbased on the bulk mean velocity of 7.58 m/s and hydraulic diam-
condition. The gathered information is compared with that of theter, was fixed at 1010*. The range of the rotation number
rotating smooth duct flow and is believed to provide a better uaxamined was from 0 to 0.20 corresponding to the range of rota-
derstanding of the relation between the fluid flow and heat transiginal speed from 0 to 660 rpm. These conditions were selected to

in a rotating internal cooling channel. compare with the stationary part reported by Liou and Cl&n
The LDV measurements were performed in the region 2 rib
Experimental Facility and Conditions pitches upstream to two rib pitches downstream of the turn along

. . . the longitudinal central plane of each pass, i&=+0.5. At
The TLCT and LDV experimental setup is schematically de- - i
picted in Fig. 1. The principles of both TLCT and LDV have beer$achX station, the measurements were made at twelve or thirteen

well described in Liou et a[19,20; Chen et al[5]. As shown in locations. The secondary-flow velocity vector mappings were

Fig. 2, the inlet air was heated by a rapid-response mesh heaﬁ]earcIe at a midturn cross section.

100 mm long. The hot air flowed radially outward in the firSMethodology of Liquid Crystal Thermometry
passage and radially inward in the second passage after making a _ _ i ] _
180-deg sharp turn. After being cooled by the colder duct walls. A one-dimensional transient heat conduction analysis

The cooled air from the test section was exhausted to ambient by 2T oT
a 2.2-kW turbo blower whose blowing flow rate was adjusted by a a——5=— Q)
frequency inverter. During each experiment, the flow system was Y ot

turned on first. After the rotating duct flow had attained a Steaqx/er a semi-infinite solid medium with a convective boundary

state to allow the development of the Coriolis forces in the teghndition and assumptions of constant property and heat transfer
duct, the mesh heater was switched on to initiate the transient hggéfficient values

transfer test. A digital video camera and white fluorescent lamps
fixed to the rotating test sectidiffig. 1) were used to record the

color change of the liquid crystal coating when the hot air passed
through the test section. A two-channel thermocouple recorder
measured the main flow temperatures at the upstream and down- T(Y,0=T; T(=,t)=T; 2

aT
~ky=h(T=Ty) atY=0
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w

Fig. 2 Sketch of configuration, coordinate system, and dimensions of test section

gives the dimensionless wall temperatlifgfor the test surface as whereAT, and7; are the temperature and time step changes from

below the recorded output. The local heat transfer coefficient at a given
, . oint on the measured region is thus actually obtained by solvin
T, T Wat|  [haut Eq. (4 ’ g YoM
=1-ex - | erf 3) g.1%).
Tp—T; Ky Ky

Note that the semi-infinite wall is initially at a uniform temperaData Accuracy
ture(T=T,; att=0) and the surface of the wall is suddenly heated

or cooled convectively with a fluid at a constant temperature or aThe statistical errors in the mean velocity and tqrbulence inten-
bulk temperaturel,. WhenT;, T,, and the timet, for T,, at- sity were less than 1.8 and 3.1 percent, respectively, for a 95%
. i , ’ w

taining the green point are given, the local heat transfer coe onfidence level. More detailed uncertainty estimates and velocity
' ggas correlations are included in Liou et g8)]. For the range of

cient, h, over the test surface coated with liquid crystals can

sity. The local bulk mean temperatufg(X) can be calculated by L1271
the interpolation of inlet and outlet coolant temperature. Due ﬁ}'?ﬁ[ D). intv in obtaining h ; i
the inability of performing an abrupt-change of the main air tem- € Most proper uncertainty in obtaining heat transier coeifi-

ture durina the t ient test. the time histéfia. 3 of th cientisestimatedtobe10.3%resultingfr_orrt_3.5,_i5.0,t5.0,
perature during the transient test, the time hisiéig. 3 of the +§_.5, +1.5, =1.5, and =3.2% uncertainty in time of color

main stream air temperature is reproduced as a series of step fum Lo e
tions. Using the Duhamel's superposition theorem, @gcan be change, thermal diffusivity of v_vaII, thermal conduc_tlvny of wall,
rewritten as Eq(4) PL_JU( mean temperature of main stream, green-point temperature,
N |n|t|acli tempelrature of wa:l, anlcl buo;l/lalr;cy effectqu respectively.
h2a. (t—7) ha (t— 7 Conduction losses are relatively small because the transient test
TW—Ti:E [1—exp{ ng T'))erfc( mll((t il [AT,] period is short and the walls are made of insulating material
=1 w w (Bakelite, thermal conductivity 0.23 W/mK). It should be men-
(4)  tioned that the total time for each transient test is typically in the
range of 30 to 65 s. The time is smaller than 120 s for a test wall
thickness of 22 mm. Thus, the semi-infinite solid assumption for

("C) the TLCT is valid for all tests. Radiation is negligible because the
entire walls of the channel are heated by the mainstream at fairly
T | uniform temperature.
60 I It is inevitable to have the variation of buoyancy effect when
- the technique of TLCT is applied to evaluate the heat transfer of a
50 rotating duct. However, there are experimental evidences to dem-
©- Inlet onstrate that the effect of centripetal buoyancy on heat transfer
A Outlet depends on the surface condition of heated wall. In general, the
40 more significant buoyancy effect was found in a smooth-walled
duct relative to a duct fitted with transverse r[l22]. As an illus-
30 trative example to quantify the buoyancy effect in a rotating duct
fitted with 90-deg transverse ribs, the variations of buoyancy pa-
20 . . . R . rameter in terms oB(T,—T,,) from 0.055 to 0.221 caused about
0 30 60 90 15% of Nusselt number variation when the rotating number and
t (s) Reynolds number were, respectively, controlled at 0.2 and 8000
[23]. For the present investigation, the range of buoyancy param-
Fig. 3 Mainstream temperature variations during the transient eter tested for a single experimental run was about 0.050 to 0.058.
test Thus, based on the measurement§28] for a square duct fitted
262 / Vol. 124, APRIL 2002 Transactions of the ASME
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Fig. 5 Rotation effect onthe U, /U, and skewness index of U
profiles at the reference station in the first pass of the ribbed
and smooth ducts

Umax/Up Of the rotating ribbed duct flow increases up to 1.10
times that of rotating smooth duct flow, while the skewness index
decreases to 48% of the rotating smooth duct value. It is obvious
from the foregoing comparison and Fig. 4 that the presence of
in-line rib arrays decelerates the fluid flow fof*|>0.4 due to

the blockage of ribs, but accelerates the fluid flow [f6F | <0.4

due to mass conservation. For this reason, the present ribbed duct

. . . shifts the locations ob ,,,,/U,, from Y* =0.6 of the smooth duct
with 90-deg transverse ribs, the variation of Nusselt number dig<o 1ov* — 0 24 near the duct centerline and. in turn. results in

to the change.of buoyancy level for each single test run of trpéess skewedU/U,, profiles. The velocity skewness & = — 0.5
present study is about3.2_%. Even if the buoyancy effect was lane gradually increases with the development of the fluid flow
reversed from the scenario of gas turbine rotor blade when ea{)ﬁ

g e e 1 e s g, 1o 0aing el o e o s e o
R0<0.2, 0.056<3(T,—T,,)<0.058 by the present study should. . : o -
not cause considerable buoyancy interaction. Furthermore, fol"§ €3S€S sllghtly; more notably near the trailing W@[/Ub
steady state heat transfer test, it normally takes about 30 min fof-42~0.48 atY*=0.52 than near the leading wallu'/U,

the wall and fluid temperature to become stable. In other words0-38~0.40 atY*=-0.62 as a result of the movement of
the buoyancy interaction will require this time span to settle arfdmax/Us toward the trailing wall and the increase Ofy,./Uy
provide its effect on heat transfer. A single test run usinith increasing Ro. It should be pointed out that the steeper mean
the technique of transient liquid crystal normally takes-86 s Velocity gradients resulting from ribor so called turbulatoys

to complete. This period of time is far more less than the tinigad to much higher peak turbulence intensities than the corre-
span required for the buoyancy interaction to be well establishéonding smooth wall case, as shown in Fig. 4. Quantitatively, the
Thus, within the parametric range tested by the present study, fprak turb_ulence intensities 'for the ribbed duct case can attain val-
heat transfer data generated shall be able to reflect the rotatio#@$ @s high as 1.5 to 2.1 times and 1.6 to 2.5 times those of the

effects due to the negligible buoyancy variation during each singi'00th duct case near the trailing wall and leading wall, respec-
test run. tively, for the range of Ro examined. In summary, higher heat

transfer augmentation can be expected from rotating ribbed duct
compared to the rotating smooth duct.

Fig. 4 Variation of streamwise mean velocity and turbulence
intensity profiles with rotation number at reference station
(XIH=73) of the first pass in the Z*=-—0.5 plane

Results and Discussion
) . ) Flow Development Around the Turn in Z* Planes. As the
Flow Patterns at Inlet Reference Station. Figure 4 depicts fiow proceeds toward the turn in the first pass, the flow patterns in
the varla_tlon o_f streammse_ meaticomponent velocity and_ tur- tarms of the mean velocity vector plots Ef = —0.5 plane are
bulence intensity profiles with Ro &/H =73 (or X* =10) station  gepicted in Fig. 6 for Re 0.15. Near the turn, the slant impinge-
which is located in between the 8th and 9th rib palf&y. 2)  ment of fluid flow upon the trailing wall directed by the Coriolis
upstream of the turn in the first pass. This station correspondsgépce is clearly revealed. The corresponding heat transfer enhance-
the inlet refe(ence station reported .by Chen and L[E)]un their  ment (Nu/Ny>1) and deterioration (Nu/Ng<1) on the trailing
study of rotating effect on fluid flow in a smooth duct with a 180z |eading walls of the first pass, respectively, are demonstrated
deg sharp turn. Itis o_bs;_erved that the skewneds/af,, increases by the contour plots of Nu/Nycalculated from the TLCT mea-
monotonically as Ro is increased from 0.05 to 0.20. The skewneg§ements in Fig. 7. The poor heat transfer immediately behind
indices, defined aﬁl,lY*?’(U/Ub)dY*/(ri* in the present study, each rib(purple color in Fig. 7 is due to the presence of the
are 0.06, 0.13, 0.17, and 0.23 for R6.05, 0.10, 0.15, and 0.20, rib-top separated recirculating zone behind each rib. Downstream
respectively. The maximunJ/U, accelerated by the Coriolis of the rib-top separated bubble, the large area of heat augmenta-
force occur around* =0.24 and are 1.28,, 1.34J,, 1.424J,, tion results from flow reattachment. It should be pointed out that
and 1.49), for Ro=0.05, 0.10, 0.15, and 0.20, respectively. Figin order to compare with some of the ribbed data taken by ther-
ure 4 also includes the mean flow results in the correspondingpcouples in the later section, the rib-top liquid crystal data have
smooth duct reported by Chen and Lidi] for comparison. Their been removed from Fig. 7. The thermocouple measurements per-
maximum U/U,, appear around’* =0.60 and are 1.23, and formed by previous researchers generally do not provide the rib-
1.40U,, for Ro=0.10 and 0.20, respectively. Their skewness indiop data.
ces are 0.20 and 0.48 for R®.10 and 0.20, respectively. Figure Inside the 180-deg sharp turn, the combined effects of curvature
5 summarizes the rotation effect ah,,,/U, and skewness index and rotation make the flow pattern in the regierd <X* <0 (or
of U profiles at the reference station for both rotating ribbed and 10<X/H<0) of Z* = — 0.5 plane assume a skewed Dean-type
smooth duct flows. It is seen that both,./U, and skewness secondary flon(a more intact pattern will be revealed shortly on
index of U profiles increase linearly with increasing Ro. Thehe midturn cross sectignas shown in Fig. 6. Note that the LDV
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Fig. 6 Mean velocity vector plots around the turn in the first pass for Ro =0.15 and Re=1.0X10* (Coriolis

forces point toward trailing wall )

measurements can be brought as close-a8 thm from the wall lower Nu/Ny, regions,—2<X/H<O0, in Fig. 7 result from the

for the ribbed duct case and 1 mm for the smooth duct wall caggorementioned upwash flow more notably for the dominant vor-
For this reason, the flow reversal part of the vortex on the trailingx on the leading wall side.
wall side squeezed by the Coriolis force was not measured. Therno pean vortices in th&** =

presence of ribs dls_places the center*of dominant vortex SIIghween the in-line ribs as displayed in Fig. 8, are more intact within
away from the_leadlng Wa,”' i.e., froni* = —0.4 of the smooth the measurement range. Attention should be given to the vortex on
duct caseleft diagram of Fig. 6to Y* = —0.3 of the ribbed duct the trailing wall side which is further distorted into two small
case. Both ribbed and smooth duct flows have nearly the safgiices by the Coriolis force and the decrease in Yfieextent
value of maximum turbulent kinetic energy OF (K=(u? fom —1<Y*<1 to —0.73<Y*<0.73. The centers of the three
+v'?)/2 defined in this papeK contours not shown due to spaceygrtices indicated in Fig. 8 are located aK*=—0.4, Y*
limitation) in this cross-sectional plane. - =—0.4), (-0.75, 0.7, and (—0.15, 0.6. The dominant vortex
The secondary flow structure inside the turn has intimate re'@(‘:cupies more than 90% area of the midturn cross section, and

tionship with the corresponding heat transfer distribution. Figure §yacts the major secondary flow to impinge and sweep the lead-

shows that the secondary flow impinges directly upon the duct {9y \vall. This causes a greater heat transfer elevation on the lead-

(X*=—1 orX/H=—10) and the heat transfer there is elevated gpg wall than on the trailing wall, as evidenced from the regional
depicted in Fig. 7. The Dean vortices also collide with the mog{eraged Nusselt number ratio in the area of region index 0 in Fig.
parts of leading and trailing walls except fer2<X/H<0 where g The values of Ny /Nuj attain as high as 5.9 and 5.1 on the
the secondary flow vectors point away from the walls. ThRading and trailing walls, respectively, for region index 0. Com-
strength of impingement is stronger on the leading wall than Qfaring the left diagram with the right diagram of Fig. 8, the re-
the trailing wall, as demonstrated by the NugNwontours in Fig. ional averaged strength of secondary flm) and maxi-

7. This observation together with other secondary flow patterns Um turbulent kinetic energy located at the dominant vortex

be shown shortly provide the rationale for the heat transfer au Lnter of the ribbed and smooth duct flows are (0,810.28,2)

mentation inside the turn on the leading and trailing walls. Th 2 . ) .
and (0.78),,,0.28J,°), respectively. The comparison provides

the rationale for the higher heat transfer augmentation in the mid-
turn region (region index 0 in Fig. P attained by the ribbed
duct (empty diamond, Fig. ®compared to the smooth-walled

0 cross-sectional plane, in be-

a) . * ) - .
(_)_ A 9 ] : 3 X 4 Nu/Nu: duct (solid diamond, Fig. B (Nug)is="1.7(NUg)smoon and
; ‘ % s o 2.2(NUg) smoothON the leading and trailing walls, respectively.
;N- } ‘ ’ :4_ 5 In the rear part of the turn, the secondary flow pattéFig. 10
; 1 | 1] n . are much different because the flow has turned about 180 deg and
) e Leading, Y*=-1, Ro=0.15 ) ) is ready for flowing radially inward. The direction of Coriolis
g to 3 force is reversed. More fluid flow is now gathered near the leading
b i ’ ‘ i J N . - | ):} wall in the region—10<XH<O0 of theZ* =0.5 plane(Fig. 10,
73 0 10 20 X/H 30
1.0 *
‘ 1 Trailin 0 -1 Trailin X0
(b) g 0 1 2 3 X' 4 —— ) mﬁ ) |_|_|_L_Jg_Lu_|_|_|
ST D R T W~ 9
. ; < e || - % * * | [RES0ROEER0 Mid-turn
-] k-
L __ : Aldis [ v | Ro=0.15
o4 ——{ Trailing, Y*=1, Ro=0.15 . 0 il =R
) l : T o 3 ‘\ - g U4V
a | | — | 1 /’f G
| o 1 . 10
A e ————————— ing T ]
73 0 10 20 X/H 30 Chen and Lion (5] Leading 4 -2 0

X/H
Fig. 7 Detailed local Nusselt number ratio distributions for
R0=0.15 and Re =10000 on the (a) leading wall, and (b) trailing Fig. 8 Cross-stream secondary flow patterns in the midturn
wall (Z** =0) for Ro =0.15 and Re=1.0X10*
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Fig. 11 Evolution of streamwise mean velocity profile immedi-
ately behind the 180-deg sharp turn in a longitudinal plane ad-
jacent to the divider wall under rotating condition and Re =1
X10* for (a) the smooth two-pass duct with Ro  =0.08, (b) the
ribbed duct with Ro =0.05, (¢) the ribbed duct with Ro =0.15
(Coriolis forces point toward leading wall )

Fluid Flow and Surface Heat Transfer. Attention is focused
on the effect of 90-deg parallel ribs on the fluid flow and surface
heat transfer characteristics immediately downstream of the 180-
deg sharp turn and near the divider wall, an issue not being ad-
dressed previously for the case of duct rotation. Hence, additional
LDV measurements were performed along a longitudinal plane
Z* =0.09 adjacent to the divider wall to examine the status of the
well-known separation bubble normally taking place near the di-
vider tip in the turn and reattaching on the divider wall in the
second pass for the smooth duct case if the 90-deg parallel ribs are
installed in the duct under rotating condition. Keep in mind that if
the aforementioned separation bubble on the divider wall resulting
from the sharp turn is present, tkecomponent mean velocity
profiles on theZ*=0.09 plane across the separation bubble
should have negative values. Indeed, the negative velocities
(shaded area up %/H=10.7) shown in Fig. 11a) for the smooth
wall duct at Re=0.08 indicate the occurrence of turn-induced
separation bubble. Its shape skews toward the trailing wall since
the Coriolis force directs most fluid toward the leading wéht
diagram of Fig. 1pand thus make the streamwise mean velocities
near the leading wall positivé-ig. 11(a)). The low speed fluid
flow in the turn-induced separation bubble generally leads to
lesser heat transfer enhancement on the trailing wall near the di-

opposite to that in the region 10<X/H<O0 of theZ* —0.5 plane vider (Liou et al.[20]).

(Fig. 6). Thus, heat transfer promotion in the second pass is ex-At this stage, it is instructive to schematically draw in Fig. 12
pected to be larger on the leading wall than on the trailing wall, @summary of flow patterns within the measurement range. Once
proved from comparisons between Figéa)7and (b) as well as the inline 90-deg ribs are installed in the duct, the positive

between Figs. @) and(b).

-1 Traili

X-component mean velocities depicted in Figs(blland 12
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Fig. 13 Turbulence anisotropy in terms of  u'%/v'? contours in
the first pass, turn region, and the second pass

clearly demonstrate the absence of turn-induced separation bubble

within the range of measurements. It is attributed to the spatialiye also skewed toward the trailing wall. The high velocity gradi-
periodic disruption of boundary layers on the leading and trailingnts associated with skewed velocity profiles and rib generated
walls by the ribs and contractigier acceleratiohinto the rib gap shear layer on the trailing wall side result in high turbulence an-
to thin the boundary layers on the divider wall and outer side walkotropy, typically having values of 1-82.2. The situation is re-
These effects are particularly effective at the inlet of the 180-d&grsed in the second pass, typically having values of-2.8 on

turn (X/H=0), the midturn g** =0), the outlet of the turn the leading wall side. In the 180-deg turn region, the turn and rib
(X/H=0), and theX/H=10 station in the second pass. It isgenerated secondary flow leads to turbulence anisotropy of 1.3 to
worth pointing out that numerical prediction of flow and hea.4. As a comparison, Jang et &L1] in their computations of
transfer in a stationary two-pass square channel with 90-deg piiow and heat transfer in a stationary two-pass square channel with
allel ribs employed on one wall performed by Jang ef2d] also 90 deg ribs on one wall reported turbulence anisotropy, also in
found the absence of the turn-induced separation bubble. It seemsns of the ratio of the Reynolds stress normal components, of 1
that duct rotation contributes little to the absence of turn-induced 2, up to 2.3, and 1.5 to 2.9 in the first passage, turn region, and
separation bubble. Conversely, the presence of periodic ribs whisdcond passage, respectively.

strip and thin the wall boundary layers has intimate relationship ) o ) )

with the elimination of turn-induced flow separation. The jetlike R€gional Averaged Nu Distribution. Figure 9 depicts that
profiles in Fig. 11b) as a result of rib-induced flow contractionthe presence of periodic ribs g_reatly enhgnces the regional aver-
and expansion are further skewed by the Coriolis force. The d€d heat transfer over the entire serpentine passage, as supported
gree of skewness and thécomponent mean velocities in thisPY Ntg/NUo>1 over all region indexes for Re0 to 0.2 and by
plane * =0.09) increase with increasing Ro as can be realiz evious dlscu_ssmn from fluid dynamics point of view. In con-
by comparing Fig. 1@c) with Fig. 11(b). Without curvature- Uast for a given value of Ro, say R®.15, the level of
induced separation bubble for the ribbed duct case, the heat tralifleg /NUo distribution for the smooth duct casel/Dy, =0, solid

fer augmentation immediately downstream of the 180-deg shgﬂ?mond in Fig. 9 is lower than that for the ribbed duct case

- o P mpty diamond in Fig. 9 except on the trailing wall of the
turn near the divide wall is improved as shown in Figs. 7 and %econd pass, and even lower than 1 on the leading (eion

Turbulence Anisotropy. As mentioned in the Introduction, indices: —4, —3 and—2 in Fig. 9a)) of the first pass.
researchers who performed computations of the fluid flow andFor the case of ribbed duct, the [yuiNu, on the leading wall in
heat transfer in rotating internal cooling passages of turbine blatte first pass decreases with increasing rotation nuitfigr 9(a))
models(Prakash and ZerkIE9]; lacovides and Raisgd 0]; Jang since the Coriolis force is directed toward the trailing wall and its
et al.[24]) all pointed out the necessity of employing a turbulencstrength increases with increasing Ro. The decrease is linear if Nu
model capable of capturing anisotropic turbulence effects. Thisissnormalized by its stationary counter part and averaged over the
because the presence of ribs and sharp turns often generate affiigi-pass, as shown in Fig. 14 where the data of Parsons|éi4al.
tropic turbulence. Thus, experimental verification of the above also included for comparison. Note that in Fig. 14 the
statement would be valuable. Figure 13 shows the ratio of tiidlu,), /(Nu,),s data of the present work is actually averaged
Reynolds stress normal components in the first pass, 180-deg taver the indices-2 to —4 coated by liquid crystal, while the data
and second pass as contours. In the first passage, the Coriofif®arsons et al.14] is averaged over the length installed with
force is directed toward the trailing wall such that tHeprofiles thermocouples. Similar averages are applied to the second pass. A
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C Parsons ctal station increase up to 1.1 ;imes anc_j 2.5 times those of the rotating
C Present| " Ti4] " smooth duct flow, respectively, while the skewnesdJoprofiles
o[ Leading) @ ) decreases to 40% of the rotating smooth duct value for the rota-
C Trailing| A A tion number range examined. Both tbg,,, /U, and skewness of
(Nu) U profiles increase linearly with increasing rotation number.
(Nuy,),, F a A 2 In the first half of the 180-deg turn, the cross-sectional flow
C 27Ro+1.1 is featured by a dominant streamwise vortex formed near the lead-
1k L5Ro+0.9 ing wall. As a result, most areas of the duct tip are directly en-
[ o : countered with flow impingement whereas two-thirds and one-
[ SN third of the leading wall are experienced with downwash and
- upwash flow, respectively. Convective flow sweeps the trailing
[ st Pass (@ wall. All the above flow characteristics enhance the heat transfer
oL 1 1 1 1 in the corresponding regions except for the upwash flow which is
detrimental to heat transfer elevation.
F et R 10000, 0, D136, PH-10 3 The secondary flow in the midturn cross section is character-
F Parcons etal ized by the aforementioned dominant streamwise vortex on the
2r _ I‘"“‘m [14] leading wall side and two small and narrow streamwise vortices
(Nuy),r F m : _2___ on the trailing wall side. The latter is different from one small and
(Nu,) C narrow streamwise vortex occurred in the smooth-walled duct
= flow. The total averaged strength of secondary flow and maximum
C 1.8Ro*1.1 turbulent kinetic energy in the mid-turn region of the ribbed duct
1r -1.IR0H0.9 flow increase up to 1.1 times those of the smooth duct flow.
C m 4 In the rear half of the 180-deg turn, there is no more intact
[ streamwise vortex. The duct tip and trailing wall are experienced
[ with weak convective flow whereas the leading wall is confronted
- 2nd Pass (b) with downwash flow.
005 0.1 0_'15 012 Ro 5 Downstream of the 180-deg turn, there exists no turn-

induced separation bubble for the rotating ribbed duct case, a
feature different from the rotating smooth-walled duct case and
responsible for the improvement of heat transfer augmentation in
the region immediately downstream of the turn and near the di-
vider wall.

6 Turbulence anisotropy in terms of the ratio of Reynolds
simple linear equation, (N, /(Nuy),s=—1.5Ro+0.9, corre- SIress normal components is found to be rather high, having val-
lated the two sets of data is drawn in Fig. 14 for design referend€s of 1.2 t0 2.2, 1.3 to 2.4, and 1.2 to 2.8 in the first pass,
In general, Figs. 14 and 9 show that the two sets of data tak@ldturn, and second pass, respectively. The information provides
from two different research groups reveal similar trends on bothuseful reference for numerical predictions of such flow fields.
leading and trailing walls of the first and second passes with some7 Variations of regional and passage-averaged Nusselt number
quantitative differences. The differences result from different rikatios with rotation number are found to be in reasonable agree-
heightsH/Dy, lengths of average, Re, heating methods, etc. ment between the present TLCT and previous thermocouple re-
~ The Nyg/Nuo on the leading wall in the second pas®gion sults. Moreover, the passage averaged Nusselt number ratios on
indices 2 to 4(Fig. %)), however, increases as Ro is increaseghe leading and trailing walls of the first and second passes can be
since the Coriolis force is now also directed toward the leadingrelated as linear functions of rotation number.
wall and its strength increases with increasing Ro. The increase is
linear in terms of (Ny),, /(Nuy),s and can be correlated by the
equation (Ny),, /(Nup)s=1.8Rot 1.1 (Fig. 14b)). Rotation af- Acknowledgment
fects the heat transfer enhancement on the trailing wall in theSupport for this work was partially provided by the National
opposite way. The corresponding correlations are given in Fig. 18¢ience Council of the Republic of China under contract NSC
As can be understood from previous discussion of flow charact@9-2212-E-007-135.
istics, the heat transfer augmentation is the highest in the mid-turn
region, around index 0 in Fig. 9, having NuNu, as high as 5.9. Nomenclature
Wagner et al.[12] reported a maximum value 4.5 fdi/Dy,

Fig. 14 Passage averaged Nusselt number ratio versus rota-
tion number in (a) first pass, and (b) second pass for data from
two research groups

Pi/H, Re, and Ro of 0.1, 10, 3:510°, and 0 to 3.5, respectively, A = half-width of duct[m]
as mentioned in the Introduction. Hence, the comparison tends to = half-height of ducf{m]
su ; : i : = specific heafdkg K 1]
ggest thaH/Dy, is a dominant factor in affecting heat transfer p Hee
elevation. n = hydraulic diameter, 4AB/(A B) [m]
h = heat transfer coefficiedtvm 2K %]
Conclusions H = rib height[m]

turbulent kinetic energy,u®+v?)/2 [m?s™2]

thermal conductivity of aifWwm™ K 1]

thermal conductivity of wal[wm™ 1K 1]

local Nusselt no.h-Dy /k,

Nusselt no. in fully developed tube flon0.023 Re®8

Laser-doppler velocimetry and transient thermochromic liquid
crystal thermography measurements have been performed in a ro-, 2
tating two-pass square-sectioned duct with 90-deg in-line ribs NW
mounted on the leading and trailing walls. The heat transfer mea- u
surements using TLCT are unique in comparison with thermo- Uo

. . . 4
couples and the steady-state liquid-crystal technique reported pre- PP
viously in open literature. The following conclusions can be NUp = passage-averaged Nusselt no.
drawn from the data presented: Pi = rib pitch [m]

Pr
1 Before the 180-deg sharp turn in the first passage the maxi- Re
mum streamwise mean velocity (,,,/Up) and turbulence inten- Ro

sity (Uma/Up) Of the rotating ribbed duct flow at the reference U
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Prandtl no. of airpC,v/k,
Reynolds no.JU,Dy /v

rotation no.,Q2Dy /Uy
streamwise mean velocifyns ]
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U, = duct bulk mean velocityms™* ]
u = streamwise velocity fluctuatiopms ]

= rms value of streamwise velocity quctuatiovﬁF
[ms™]
V = transverse mean velocifyns 1]
v = transverse velocity fluctuatioms ]
U = rms value of transverse velocity fluctuatiov/u?
[ms™]
W = rib width [m]

W, = width of first-pass ducfm]
W, = width of second-pass dufin]
Wy = divider thicknesgm]

Wy* = dimensionless divider thicknesé/y / (W, +W,)
X = streamwise coordinate, Fig.[2h]
X* = normalized streamwise coordinad,D
Y = transverse coordinate, Fig.[th]
Y* = normalized transverse coordina¥B
Z = spanwise coordinate, Fig.[]
Z* ,Z** = normalized spanwise coordinate
(i) X<0,Z** =Z/(2A+Wy) (in turn)
(i) X=0,Z<0, Z* =(Z+Wy/2)/2A (in first pas$
(iii) X=0, 2>0, Z* =(Z—Wy/2)/2A
(in second pags
a,, = thermal diffusivity of wall[m?/s]

w

B = thermal expansion coefficieft/K]

p = air density[kg/m’]

o = standard deviation

v = kinematic viscosityfm?/s]

Q = rotating speedrad s ]
Subscripts

b = bulk

rg = regional averaged

rr = ribbed duct with rotation

rs = ribbed duct without rotation
w = wall
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Aerodynamic Response
H. 5. Wiiesinohe ¥ of Turbomachinery Blade Rows

C.S. Tan

-t et | 10 GONvecting Density Wakes

A two-dimensional computational study was conducted to characterize the density wake
induced force and moment fluctuations on a compressor blade row. The flow simulations
indicate unsteady blade excitation generated by: (1) density wake fluid directed to the
blade suction surface, (2) axial deflection of the blade passage shock wave position and
(3) formation of a separation bubble on the blade suction surface. The blade force and
moment fluctuation amplitudes are found to scale with the nondimensional density wake
width w/c and a nondimensional density paramegt&r [S0889-504X00)01504-X]

Gas Turbine Laboratory,

Department of Aeronautics and Astronautics,
Massachusetts Institute of Technology,
Cambridge, MA 02139

Introduction and Background a compressor blade row. The basic physical mechanism respon-
. . . ible for blade excitation in inviscid, incompressible flow is illus-

Irlcreasgd operational requirements and mcregsed thrlJSI"z'.((’);l'ted in Fig. 1. As the density wake moves through the blade row,
weight ratios have led to higher mean and fluctuating stresses h\ low-density fluid migrates toward the suction sidew-
Qomponents of moder_n turlbomachlner.y. This ha§ |nqreased Bssure sideof the blades. To satisfy mass conservation, the
likelinood of encountering high cycle fat'glﬂHC?F) faulurg In fanl, surrounding higher density fluid is displaced toward the pressure
compressor, and turblng blades. The U.S. Air Force in partlcul e of the blade. This relative motion of low and high-density
claims 50 percent of their total wrecoverable in-flight engine sh uids generates a pair of counterrotating vortices in the blade
govgns can be. ttra.cgd to H.CF. faﬂurczl. 1;h|s cleaély places atru gssage. The generation of vorticity in this manner by misaligned

ur enfon m?:zlgllzn;n% a mls?og rea );‘.orce an conse?uEn yb sity gradients and pressure gradients is commonly referred to
prevention of AL Tailure in turbomachinery Components nas bfg «payoclinic torque.” The blade pressure distribution is influ-
come an increasingly important issue. An additional implication

o A X the i t of the low- ity flui the bl f
that it is difficult to extract general guidelines for HCF preventio nger?e?])ée tielzmt?lzgeoforcz gr\:vdd;r;igntué%gfgcieitz aé(?]z:gg ?/\(/:i(teh
because of the high dimensionality of the parameter space t%

S - e during passage of the density wake.
must be explored. Further complexity is introduced by the diver- 1,4 present work extends Ramer's analysis to viscous, com-

sity of local phenomena, e.g., tip leakage flows, unsteady shqGlsiple flow regimes. This paper highlights the interaction of
motion, and local separation that are characteristic of turbo snsity wakes with shock waves and blade boundary layers. The
chinery flows. At a recent HCF workshop held at the MIT Gagychnical approach is described first together with a summary of
Turbine Laboratonyf1] it was noted that" ... forced blade re- the nondimensional parameters used to characterize the density
sponse is not currently predictable, and structural design ke and force and moment fluctuations. This is followed by a

yond the early concepts of the fatigue limit, the Goodman diagrafechanisms responsible for blade excitation during the passage of

and Miner’s rule.” density wakes.
The goal of the present study is to contribute to the aerody-

namic forced response aspect of the HCF problem. While the )
influence of velocity and pressure disturbances on engine opef@chnical Approach

tion have been considered in great dejf2jB], the present study is  compytational fluid dynamictCFD) is the “tool” used to in-
focus_ed on characterizing Iow-de_ns(ﬂylgh-tempera_tur)ewakes. vestigate the forces and moments induced by convecting density
Density wakes can enter the engine from ground ingested hot gifes. The present study is focused on two-dimensional unsteady
steam ingestion during carrier launches, and exhaust gas ingesfigys and a single density wake convecting through a single com-
from forward firing weapon$4]. The difference in temperaturelpressor blade row geometrizhe compressor blade profile used is
; i - ) ™€ General Electric, Low-Speed Research Compreds8RC)

density gradlents,_partlcularly in the downstream_wakes of bladg$sior-B bladg7]. The density wakes considered convect along

Mqrble[S] was first to recognize the technological relevance Gfe axial direction and have density gradients also directed in this
density nonuniformities as a source for fluctuating blade loads. #fyection. Discussion is focused on low-density wakeake den-
his fundamental contribution he generalized classical nonstatiofiies |ower than free-stream dengjtwhich are more common in
ary airfoil theory and the application of Kelvin's theorem to th@ompressor blade passages. The density variation inside the wake
situations of airfoils in nonuniform density fields. In such situag specified to be sinusoidal.
tions, the flow unsteadiness arises from vorticity generated by thean ynsteady, compressible, integrated Euler and Navier—Stokes
interaction of the convected density field and the airfoil pressugg|ver was used to conduct the flow simulations. The key features

field. Marble further shows that lift and moment on a flat platgf the flow solver are summarized below. For specific implemen-
airfoil can respond prior to intercept with a density nonuniformitytation details see Hoying].

Marble’s seminal work on this topic motivated Ramer ef @]. o ) o
to implement inviscid, incompressible numerical simulations of 1. Finite difference discretization. _
sinusoidal and square wave density wake profiles convecting pasg- Fourth-order spatial accuracy and third-order temporal
accuracy.

Contributed by the International Gas Turbine Institute and presented at the 45th
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- 'While turbine blades are subjected to larger density nonuniformities to hot
many, May 8-11, 2000. Manuscript received by the International Gas Turbine Insiireaks from the combustor and from blade coolimpmpressor blades are consid-
tute Feb. 2000. Paper No. 2000-GT-417. Review Chair: D. Ballal. ered here since they are more susceptible to HCF failure.
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If the density gradientVp) is large(zeroth ordey, the convected
vorticity w is of the same order as the pressure fl&H
Marble’s linearized analysis provides a basic understanding of
the parameters involved in this problem. In particular the density
X parameter
x_ P27P1
=— 2
P p2tp1 @
is shown to be a key parameter in the unsteady loading. Rewriting
Eq. (1) using the density parametp and the nondimensional-
ized vorticity o= wc/U., gives

Do c? 1 -~ ~
Fig. 1 Density wake convecting through a compressor blade Dr- mp* ;?( wPXVhP)} (3)
row
where
: . . : % P

3 Dispersion Relation PreservirfRP) schemg9]. p= (pa—p1)U2

4 k—g turbulence model. P2 P1) Ve

5 Wall functions[10] U,

6 Nonreflecting inlet and exit boundary conditigrisl]. T= Tt

The computational domain used in the solver is shown sche-
matically in Fig. 2. The flow upstream and downstream of the — _P
blade row is assumed to be governed by the Euler equations. The p1tps
flow in the blade passages surrounding the blades is assumed to be ~
governed by the Navier—Stokes equations. This division helps to Vu=wV
reduce the required computational resources since the solution of ~
the more expensive Navier—Stokes equations is confined to a Vh=hv
physically smaller region of the flow. Equation (3) suggests the nondimensional wake widthc and

Additional computational savings are achieved by using wallongimensional blade spacirigc to be additional key param-
functions to model the inner portion of the blade boundary layersiars The blade force and moment response due to passage of
Wf‘” functions allow the first near wall grid point to be located afiensity wakes will be characterized in terms of the nondimen-

y ~30-150. This results in a considerable saving of the numbgna|” parameterg* and wic. Variations in nondimensional

of near-wall grid points. An adiabatic wall boundary condition ig)|5qe spacindy/c are not investigated in this study.
also applied at the blade surface.

Nonreflecting boundary conditions developed by GjlEs| are . . .
implemented at the inlet and exit boundaries of the computatior@esults From the Viscous Flow Simulations
domain to allow all outgoing modes of the solution to propagate The viscous flow simulations were conducted at Mach numbers
through the boundaries with minimal reflection. Periodic bounganging from M,=0.15 to M,=0.87 and Reynolds number
ary conditions are imposed along the side boundaries paraIIeIR@(Ux ’C)%7OO'0002. The mechanisms that contribute to density
the axial flow direction. wake-induced blade excitation in these flow regimes are best de-
scribed with reference to the time varying blade force and moment
. . . response profiles shown in Fig. 3. The force and moment profiles
Governing Nondimensional Parameters can be divided into three different regions defined by the position
The vorticity production due to misaligned density gradientsf the density wake. Table | lists the position of the density wake
and pressure gradients in two-dimensional, inviscid, incompresg-selected times.

ible flow can be expressed by the linearized relation . . .
1 Baseline response regiofThis response corresponds to all

d a\_ 1 times when the density wake is upstream of the compressor blade
U o= FVF’XVP (1) leading edge. The force and moment fluctuations observed here
are a consequence of vortex shedding and will not be described in
this context.
2 Primary response regiorThis response corresponds to when
the density wake is within the compressor blade passage. The
Periodic boundary characteristic flow features here are the fluid flux directed to the
blade surfaces and the associated counterrotating vof¢eSor
flow at M,,=0.87 deflection of the blade passage shock wave
position is also observed.
3 Secondary response regichhis response corresponds to all
times after the density wake leaves the compressor blade row. A
/ separation bubble is formed on the blade suction surface during
this response.

H-grid

LY

\ Exit boundary
Inlet boundary Density Gradient—Blade Pressure Gradient Interaction.
O-grid The primary response is attributed to the transport of low-density
wake fluid to the blade suction surface. This transport can be seen
in the disturbance velocity vectors plotted in Fig. 5. A pair of

N\

Fig. 2 Schematic of the computational domain and boundary N
conditions 2Typical for fan blade/IGV at sea level take-off conditions.
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Baseline Response Primary Response Secondary Response
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0-0‘_‘1 05 o 05 ] 15 > 55 Fig. 5 Perturbation velocity vectors indicate a pair of counter-

T rotating vortices in the blade passage; w/c=0.2, p*=—0.333,
M, =0.15, 7=0.78.

Fig. 3 Fluctuations in (1) azimuthal force coefficient, (2) axial
force coefficient, and (3) moment coefficient (positive clock-

wise about the midchord ) during passage of a density wake. ok S T .
Three distinct regions can be identifies in the response. wic : : ‘ : g :
=0.2, p*=—0.333, M, =0.15. ok : o o o
° : o
_ook 'é:" P RRERTERTRTPRIRS L3
Table 1 Location of the density wake at different times during Ag
passage through the compressor blade row. wlc=0.2, p* c;i:-3°'
=—0.333, M,,=0.15 i ¢ "
3 40
Convective Time Scale (1) | Location of density wake GE
:\;_50._ ..... R et
0.0 wake l.e. intercepts blade l.e. R
0.1 wake t.e. intercepts blade l.e. e om0
o wic=0.2
¢ wic=0.
1.3 wake t.e. passes blade t.e. -7or . werto
80 . ; : H | . . . )
-08 -0.7 -0.6 -05 -0.4 -0.3 -0.2 0.1 [ 0.1

Fig. 6 Maximum fluctuation in the azimuthal force coefficient
as functions of density wake width and density parameter;
M,=0.15

increase moves further aft along the blade suction surface. A cor-
responding decrease in static pressure occurs at the blade pressure
surface due to the low pressure core of the counterrotating vorti-
ces. The net result is a local reduction in the static pressure dif-
ference across the blade and a decrease in the blade force and
moment coefficients.

The magnitude of the force and moment fluctuations increases
as the fluid flux to the blade surface increases. Hence larger wake
widths w/c and larger density parametgt increase the magni-
tude of the blade force and moment fluctuatidri@gure 6 indi-
surface distance / chord cates these results for the azimuthal force coefficient for a range
of wake widths and density parameters. Rofc<0.2 the azi-
muthal force coefficient fluctuation scales linearly. Increasing
nonlinearity is observed with increasing*| at larger wake
widths.

Similar trends can be seen for the moment coefficient fluctua-
counterrotating vortices is also formed as the higher density freéon and axial force coefficient fluctuation over the range of den-
stream fluid is displaced toward the blade pressure surface. iy wake widths 0.&w/c=<1.0 and range of density parameters
impingement of the low-density fluid on the suction surface re-0.6<p*=<0.0 considered.
sults in a local increase in the blade static pressure. This effect can
be seen in the suction surface pressure distribution plotted in Figa arger|* | is associated with larger density gradients hence stronger vorticity in
4. As the density wake convects downstream, the static presstikchlade passage.

Fig. 4 Suction surface pressure distribution during passage
of a density wake width, w/c=0.2 and p*=-—0.333
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0.7 0.8 0.9

Fig. 7 Blade suction surface pressure contours show the up-
stream motion of the blade passage shock wave during pas-

Table 2 Comparison of the maximum fluctuation in the azi-
muthal force coefficient and moment coefficient for the M w

=0.87 and M,=0.63 simulations. Results for M ,=0.63 are

shown in brackets.
w/c p* % ACy % ACm
0.1 |-0.600 | -28.0(-14.4) | -47.3(-30.1)
0.1 |-0333 | -12.6(-8.5) | -21.8(-17.7)
0.1 | -0.143 -6.4 (-3.7) | -16.2(-7.9)
0.2 | -0.600 | -39.9 (-20.5) | -64.9 (-48.0)
0.2 | -0.333 | -19.9(-13.2) | -30.2 (-30.7)
0.2 | -0.143 7 -109(-6.9) | -17.6 (-14.6)
0.4 | -0.600 | -49.8 (-33.0) | -75.6 (-71.1)
04 | -0.333 | -32.0(-20.8) | -33.5(-46.8)
04 | -0.143 | -17.6 (-11.6) | -10.3 (-22.9)

sage of a density wake, w/c=0.2 and p*=-—0.333. The dark
band initially at x/c=0.25 is the shock front. M, =0.87.

Density Wake-Shock Wave Interaction. As the flow Mach »”*=—0.6. The shock front disappears &t 0.4 as the density
number increases, the flux of density wake fluid to the blade sut@ke convects over the leading edge of the blade and reappears at
tion surface continues to affect the blade force and moment flug=1-2 as the density wake convects farther downstream. This
tuations. At Mach number M=0.87 additional excitation occurs temporary suppression of the shock wave is also a consequence of
due to shock wave displacement induced by passage of the dentdl§ydecrease in local flow Mach number within the density wake.
wake. For steady flow at M=0.87 the shock wave is located!n this case the reduction in Iocql Mach number is such that su-
0.25 downstream of the blade leading edge, as shown in Fig. Rersonic flow over the blade leading edge “switches™ to subsonic
During passage of a density wakéc=0.2 andp* = —0.333, the flow. The wider the density wake, the longer time the shock wave

shock front is displaced upstream by approximately ©.0Bhe IS Suppressed. .

upstream motion of the shock wave is a consequence of the lower N quantitative effect of shock motion on the blade force and
Mach number inside the density waldue to the higher tempera- Moment_coefficients is seen by comparing the.-M.63 and
ture and hence higher speed of sours the density wake con- M= 0.87 simulation results in Table(Bote the M,=0.63 simu-
vects further downstream the shock wave gradually returns to #§g0n does not contain blade passage shock wavesble 2
steady position. shows the azimuthal force coefficient fluctuation magnitudes to

An additional excitation mechanism appears during passaged§fer by a factor 1.5-2.0 between the.M0.63 and M.=0.87
density wakes with larger density differences & — 0.6). Figure simulations. The magnitude of the fluctuations also increase with

8 shows the time variation in blade suction surface pressure cof- | andw/c, and similarly for the moment coefficient fluctuation
tours during passage of a density wake of widttc=0.4 and Magnitudes.

Density Wake-Boundary Layer Interaction. The blade
force and moment continue to fluctuate after the density wake
leaves the blade passa@f€g. 3). This fluctuation occurs due to
the formation of a separation bubble on the blade suction surface.
As the density wake convects through the blade passage, the fluid
flux to the suction surface decelerates the boundary layer fluid
upstream and increases the boundary layer thickness. As the den-
sity wake leaves the blade passage the decelerated boundary layer
fluid accelerates and forms a convecting separation bubble. The
separation bubble consists of a concentrated flow recirculation
zone with a low pressure core region. A portion of the density
wake fluid also remains “trapped” inside the bubb#s shown in
Fig. 9.

In Fig. 10 the location of the blade separation point is plotted
during passage of the density wake. The separation point is ini-
tially located at 0.9d. As the separation bubble is formed the
separation point moves upstream to @ a61d reattaches at 0.84
The separation bubble then grows rapidly in the stream wise di-
rection to a maximum length of approximately Oc2QAfter the
separation bubble leaves the blade suction surface, continued fluc-
2}2 : - : - tuation in the separation point occurs with an amplitude of €.05

Comparison of Figs. 11 and 12 shows that the maximum upstream
motion of the separation point correlates well with the maximum

Fig. 8 Blade suction surface pressure contours show the tem-
porary suppression of the blade passage shock wave during
passage of a density wake, w/c=0.4 and p*=—0.6. The dark
band at x/c=0.25 is the shock front. M ,=0.87.

“This trapped low density fluid corresponds to a high temperature “spot” which
can influence the blade thermal stress distribution and hence also the life of the blade.
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Fig. 9 Density contour image showing trapped density wake
fluid at the blade trailing edge; wlc=0.2, p*=-—0.333, M,
=0.15, 7=1.28

-1F | —e—  separation point 1
x re—-attachment poirt
P : : : L
0.75 0.8 0.85 0.8 0.95 1

x/C

Fig. 10 Fluctuation of the suction surface flow separation and

re-attachment points during passage of a density wake; wlc
=0.2, p*=-0.333, M, =0.15.
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Fig. 11 Maximum change in the suction surface separation
point from the mean baseline position as a function of wake
width and density ratio; M, =0.15.
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Fig. 12 Maximum fluctuation in the blade azimuthal force co-
efficient in the secondary response region as a function of
wake width and density ratio; M ,=0.15 (amp =amplitude )

amplitude of the azimuthal force coefficient fluctuation. The
maximum amplitude of the moment coefficient fluctuation also
follows this same trend.

The amplitude of azimuthal force fluctuation during passage of
wakes widthw/c=1.0 is smaller than during passage of wakes
width w/c=0.4 in the range* < —0.333. Examination of flow
velocity vectors shows this reversal in trend to be attributed to the
smaller streamwise extefdapproximately 0.08) of the separation
bubble formed on the suction surface.

Conclusions

The passage of low-densitiigh-temperatunewakes through a
compressor blade row generates unsteady blade force and moment
fluctuations, which are a potential new source for high cycle fa-
tigue failure. The relative contribution ¢1) baroclinic torque(2)
shock wave fluctuation, an@) separation point fluctuation on the
blade force and moment response is summarized in Table 3 for
the case of a wake widtw/c=0.2 andp* = —0.333.

The following conclusions are reached in this study:

1 The density wake induced force and moment fluctuations
scale with the nondimensional density wake widilic and a
nondimensional density parameief = (p,—p1)/(p,+p4) for a
given compressor geometry.

2 The interaction of the wake density gradient and the blade
pressure gradient generates a flux of density wake fluid to the
blade suction surfac@aroclinic torque The impact of this low-
density fluid on blade suction surface effects the blade pressure
distribution and hence the blade force and moment fluctuation.

3 The density wake—blade passage shock wave interaction at
higher Mach number (M=0.87) results in upstream motion of
the shock front. This is a consequence of the lower Mach number
within the density wake.

4 Temporary shock wave suppression is observed during pas-
sage of density wakes of widtw/c=0.2 and density parameter
p*<—0.6. The lower Mach number within the density wake
“switches” the flow from supersonic to subsonic over the leading
edge of the blade. The shock wave is re-established as the wake
convects further downstream.

5 The fluid flux directed to the blade suction surface deflects
the blade boundary layer to form a convecting separation bubble.
The maximum upstream movement of the separation point scales
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Table 3 Comparison of the contribution from various mecha- y+ = boundary layer coordinate
nisms to the azimuthal force coefficient fluctuation; w/c=0.2. Cm = moment coefficient about midchotgositive clock-
p*=0.333. Wiso)
. Cp = pressure coefficient
Primary Response Secondary Resp. Cx = axial force coefficient
Comar=Crmean max [M] Cy = azimuthal force coefficient
Cymean Coump(base.) M = Mach number
Flow Baroclinic Shock Separation pt. Re = Reynolds number
T a . q . U = mean velocity
orque uctuation uctuation p = dens!ty
Inviscid -10.0% 0.0 0.0 p* = density parameter(p,—p1)/(p2+p1)
7 = nondimensional time
Incompressible ® = vorticity
- 1 = free-stream or value outside density wake
-12.3 L .
Viscous 12.3% 0.0 6.2 2 = peak value inside density wake
(Mo =0.15) o= free-stream value or total value
) () = nondimensionalized quantity
Viscous -12.3% -7.6% 2.7 (—) — mean quantity
(Mo = 0.87) A = difference operator
V = gradient operator
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John J. Adamczyk Rotor wakes are an important source of loss in axial compressors. The decay rate of a
Mem. ASME rotor wake is largely due to both mixing (results in loss) and stretching (no loss accrual).
Thus, the actual loss associated with rotor wake decay will vary in proportion to the

Anthonv J. Strazisar amounts of mixing and stretching involved. This wake stretching process, referred to by
Mem. ASME Smith (1996) as recovery, is reversible and for a 2-D rotor wake leads to an inviscid
reduction of the velocity deficit of the wake. It will be shown that for the rotor/stator

NASA Glenn Research Center, spacing typical of core compressors, wake stretching is the dominant wake decay process
Cleveland, OH 44135 within the stator with viscous mixing playing only a secondary role. A model for the rotor

wake decay process is developed and used to quantify the viscous dissipation effects
relative to those of inviscid wake stretching. The model is verified using laser anemometer

Theodore H. Okiishi measurements acquired in the wake of a transonic rotor operated alone and in a stage
Mem. ASME configuration at near peak efficiency and near stall operating conditions. Results from the

lowa State University, wake decay model exhibit good agreement with the experimental data. Data from the

Ames, 1A 50011 model and laser anemometer measurements indicate that rotor wake straining (stretching)

is the primary decay process in the stator passage. Some implications of these results on
compressor stage design are discusgéaiOl: 10.1115/1.1445793

Introduction the wake does reduce mixing loss. With the assumption of thin air

The unsteady process of rotor wake/stator blade row interactigﬂzrﬁézzﬁ(r%gﬁf::fg tﬁgdrrtlé%rélrﬁ?gﬁﬁhﬁequency, the model of

has commonly been described using kinematic models of wa eregel and Tari7] used a first of a kind 2-D time-accurate

chopping and transport such as those discussed by Kerrebrock Rfdlier Stokes simulation to study rotor wake recovery for a range

Mikolajczak [1], and Tweedt et al[2]. These papers consideredof stator blade design parameters and found that mixing loss was

wake transport SOIer. as a mechanism that redistributes lo.sse%'educed due to the inviscid stretching of the wakes in the stator
Addmon_al mechanisms that act on rotor_blade _W_akes in 4 ssage. Pressure rise was also increased because of the reduction

stage environment are now receiving attention. Originally Smifly </ -bance Kinetic energy from the inlet to outlet of the pas-

[3] proposed one important mechanism, which he called wa ﬁge. ValkoV8] used a time-accurate RNS code to quantify the

recovery, that occurs in a downstream blade row and can be bgizto mance effect of unsteady flow mechanisms on a low-speed

eficial to performance. Wake recovery is the attenuat@mam- - nressor stator. He found that wake stretching is the dominant

plification) of the wake velocity profile by processes other thap,ior wake decay mechanism in the stator passage and leads to
viscous dissipation occurring inside of a blade row. For a twg)-

. . ) erformance benefit.
dimensional rotor wake passing through a compressor stator row| jmited experimental data of wake decay in the multi-stage

wake recovery leads to rotor wake decay through a reversiflgironment exist. Some early axial compressor stage measure-
process. In this way, the loss due to wake decay by viscous MiXiRfents (Ding [9]), although limited in the number of axial and
is not suffered. _ ) circumferential inter-blade measurement points, provided a first

Smith[3] was the first to propose a simple model for the rotogien, in the experimental observation of rotor wake/stator blade
wake recovery mechanism. The model is based on the changgdf; interactions in high-speed axial flow machines. Ding noted
length of a rotor wake segment as it passes through a stator blggge flow acceleration and deflection within a short axial distance
row. He later expanded on his ideas of wake stretching and devglys hinting at the strong wake/blade row interactions which occur
oped a quantitative model of performance enhancen@ntith iy 5 close-coupled high-speed compressor stage. More extensive
[4]) due to wake recovery. Smifls] also provided circumstantial measurements of rotor wakes convecting through a stator row
evidence that wake recovery benefits exist using data from a Iojgye peen acquired in a low-speed axial compregStauter
speed four stage research compressor that exhibited higher p[83), a high-speed axial stagBunker[11]), a high-speed multi-
sure rise and efficiency with closer axial blade spacing. stage compressofWilliams, [12]), and a transonic fan stage

Several researchers have used numerical simulations to Stl@ﬂhthaway,[]_:g]). However, none of these data have been ana-
wake recovery mechanisms. Adamcy# showed that the wake |yzed from the viewpoint of rotor wake recovery or are of suffi-
recovery process is related to wake vorticity field kinematics angent detail to do so.
can be estimated from linear theory. He showed that for the 2-D,The motivation for the current work comes from the hypothesis
incompressible, inviscid case, the rotor wake recovery occurrifigat the rotor wake chopping and transport by the stator row that
in the stator row was directly related to the difference of distupccurs in a stage environment results in wake decay mainly by
bance(wake kinetic energy flux entering and leaving the statogtretching of the rotor wakes. Thus, the actual loss due to rotor
row. Also having a wake pass through a blade row prior to mixingake decay is less than expected. This paper will show that in the

stator passage of a compressor stage wake decay is indeed mainly
1Currv_ently with NASA Glenn Research Center, Cleveland, OH 44135 by wake stretching.

Contributed by the International Gas Turbine Institute and presented at the Inte-Tha first goal of this work is to provide a detailed experimental
national Gas Turbine and Aeroengine Congress and Exhibition, Orlando, Florida, d . . .
June 2-5, 1997. Manuscript received by the IGTI, January 1997; revised manusc! ﬁta set which illustrates the different rotor wake decay behavior
received November 11, 2001. Paper No. 1997-GT-535. Review Chair: H. A. Kiddin rotor alone(mixing only) and stage(mixing and stretching
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Fig. 1 Disturbance kinetic energy velocity components
environments. Analysis of the experimental data identifies wake Fig. 2 Wake stretching situations

stretching as the primary rotor wake decay mechanism within the
stator row. The second goal is to model the effects of wake
stretching on rotor wake decay to allow more accurate prediction
of wake decay and, therefore, loss production in a stage environ-
ment. Wake decay estimates from this simple model, which
based on the work of Hill et a[14], are in reasonable agreemen
with the measured wake decay. This new wake decay model p
vides a simple method for predicting rotor wake decay due to b
mixing and stretching by using only stator inlet and exit flo
angles and an approximate rotor wake profile. It is thus useful f
design. The rotor wake decay trends predicted by the model
used to suggest compressor design practices which can exploit
wake recovery process to reduce stage loss.

ereK,; andK, are evaluated at axial locations 1 and 2 which
efer to the inlet and exit of the statdR is Smith’'s recovery
i@gtor: i.e.,R=1 means complete recovery of the wake by stretch-
with no loss accrual. With Ed?2) it is possible to determinB
y having values oK, andK, based on inviscid flow data. Al-
rnatively, ifR can be estimated by other means, the rotor wake
cay,K;—Ks,, due to stretching only can be obtained.
thEor this paper, the deterministic unsteadiness present at the sta-
tor midpitch location is considered representative of the entire
pitch and the pitchwise operatd, , was dropped. To avoid con-
fusion with the work of AdamczyK6], the disturbance kinetic
Wake Decay Model energy(DKE) is defined and used in this paper as a measure of the

A measure of rotor wake decay is the deterministic or periodf€terministic unsteadiness and thus wake decay.

unstead!ness of the flow. The relatlon_shlp between_determlnlstlc DKE:Oﬁqut(uiJr Vi) ©)
unsteadiness and rotor wake decay is discussed first. Next, the
idea of wake recovery is considered. The link between wake rBKE is presented as a percentage ofuf;;;} in all figures.

covery and wake stretching is stated and a method for estimatingD o . )
wake stretching is presented. Finally, equations to calculate thé>€termination of Wake Stretching. A wake passing through

change in the rotor wake profile due to mixing and stretching afestator passage is tilted and stretched due to stator circulation
developed. (loading as shown in Fig. @). Smith [3] proposed the wake

recovery mechanism and found the following simple model for
Relation of Deterministic Unsteadiness to Wake Decay.As  wake recovery which is based on wake lengths:
suggested by Adamczy6], a measure of the deterministic un-

. . L. 2
steadiness of a flow can be defined as Rzl—( in ) @)
1 ) ) Lexit
K= 2 UoAyA(ur+ 1) @) Also, Smith[3] proposed a simple method for estimating wake

. . - . stretching based on inlet and exit velocity triangles. Adamczyk
The definitions ofu; and v, are illustrated in Fig. 1. The time egiscovered Smith's result as the limit obtained from unsteady
variation of these components define the wake profg.is a  ihin airfoil theory. The model as inspired by the work of Adam-
pitchwise average operator aAglis a time average operator. Theczyk [6] is
difference in values oK at different axial locations is an indica-

tion of rotor wake decay over that axial distance. Lexit  SIN(Brei— Band
Idea of Wake Recovery. Smith [3,4] offered the notion of Lin COBabs et
wake recovery or wake decay by inviscid stretching with no loss — 211/2
accrual. Using the definition ok expressed in Eq(1), we can w|14 2(s—c¢) SIN( Bug) + (s— C)> ®)
relate wake decay to wake recovery with the expression h ext h
K;—K,=K;R+O(A%) (2) where
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s—c COSBel COSPBaps stream pressure gradient. Knowing the relative wake depth, the
o SINBro— Bapd | COSB ) wake width can be computed from Eq. 10. The wake velocity
el Pab exit profile is computed from Eq11). The grouping of terms contain-
4(tan Bps— tan Beyi) ) ing eddy viscosity, £/(U6)), used in the model is constant with
 (COSBapet COSBag)? COSLexif( COSBans (6) axial distance and equal to 0.04].
abs exit Equations(5) through(11) represent the complete wake decay
See Fig. 2 for definitions of the terms. Angles are positive in tH80del which incorporates the effects of both wake stretching and
counterclockwise direction. viscous dissipation. The predicted wake decay from the model
Equations(4)—(6) provide a method for estimating the kine-Will be compared to measurements of rotor wake decay which
matic contribution of wake stretching to the total rotor wake deca{fere acquired downstream of a high-speed axial-compressor rotor
using only inlet and exit velocity triangles and blade geometyone and in a stage environment.
information.

Wake Profile Prediction. Inside the stator passage, wakerggt Compressor
stretching and viscous dissipation act concurrently on the rotor ) ) )
wake as it decays. A method for estimating the decay of the wakeThe measurements were acquired in the NASA Glenn single-

profile due to turbulent mixing and wake stretching is obtainetf@ge axial-flow compressor facility. The test stage consisted of

steady pressure gradients. hub-tip radius ratio of 0.70, an aspect ratio of 1.19, a tip solidity

Hill et al. developed a decay model for 2-D incompressiblgf 1.3, and an axial chord of 4.12 cm at the hub. The rotor tip
turbulent wakes based on a constant eddy viscosity assumptigi§arance gap was 0.73 mi®.029 in). The stator had 46 blades,
The model compared well with adverse pressure gradient wagdiP solidity of 1.3, an aspect ratio of 1.26, and an axial chord of
decay measurements and was stated as being equally applicabfe?d ¢m at the hub. The gap/chord ratio for the stage varies from
favorable pressure gradients. The model is extended to favorabfePercent at the hub to 31 percent at the tip based on rotor hub
pressure gradients as follows. chord. The design _ar_1d blade coordlnates_ are found in Reid and

The wake stretching which occurs in a stator passage is anadi$eore [17]. The original test stage consisted of Rotor 37 and
gous to the lengthening of a wake segment of constant mass agtftor 37 with Stator 37 configured for optical access. At the
passes axially through an accelerati@onverging channgl as Peginning of the test program Rotor 37 was damaged from the
shown in Fig. 2b) or convects through a diffuser as shown in Figimplosion of an optical access window. Rotor 35, which used the
2(c). van de Wall[15] has proven analytically that situatiofs) same flowpath geometry, was substituted for Rotor 37. Because of
and (c) of Fig. 2 are mathematically equivalent given the 2-pihe lower pressure ratio of Rotor 35, data were acquired at 80
incompressible assumptions. Note that the important parametePg§cent of design speed to avoid choking problems in the stator.
the stretching of the wake by the mean flow field irrespective 4 average passage code analysi8] was used to match the
how the mean flow field is constructed. Thus, stretching in flogfator to the rotor at the lower operating speed. Based on this

situation 2b) and (a) is similar. analysis, the stator stagger angle was decreased by 4 deg.
For 2-D incompressible flow with shallow wakes, the wake Data were taken with Rotor 35 alone at a tip speed of 363 m/s
length change ratio through chanrb to first order is (80 percent design spefedt two operating conditions, near peak
efficiency (PE) and near stal(NS). The stage data were acquired
Lexit  UYesit at conditions for which the rotor exit tip static pressures in the
L, = Ui (7) rotor only and stage configuration were matched. The rotor only

and stage PE and NS operating points are shown in Fig. 3. The
By choosing the correct velocity ratio for a 2-D channel, théhaded symbols represent operating points at which laser doppler
lengthening of a wake segment as it convects through that chan¥@iocimeter data were acquired.
can be made to simulate rotor wake lengthening in a stator pas-
sage. This is done later in this paper.

The wake decay model taken from Hill et al.'s work can be

framed in terms of 1
U—Uy, Jos .
_ min (8) 1 =
U ] %
190 5
whereD is the relative wake depthy is the average of the wake 7S ‘ 1 &
edge velocities(Nakayama[16]), and U, is the wake center * ‘_55§
velocity. The wake depth, width, and velocity profile are given by ] 8
o 4 Jao <
D [U,\? 872 [ U°d D2x\] Y2 o i ]
o, \ U/ |*=a\ue ), U, ©) ; Jrs
1 3 2 s
b (Uy| (D_o_ Z) i
by (U) ( 1 3D ) D (10) BRT I R
D0 4 D0 D0 LFA data acquired at conditions
: shown as filled symbols
R P y) 11 " ‘ ' '
U B 2 co Trb ( ) “ ® Mass1|§Iow, kg/s v *®

Eq. 9 estimates the change in relative wake depth as a functily. 3 Operating map for rotor alone and in the stage
of axial distance and velocity ratio which represents the fresmvironment
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Instrumentation and Measurement Techniques [ ' ' ' '

. . o A Rotor Only ]
Compressor massflow was measured using a calibrated orifice

plate located far upstream of the compressor. Performance mea-
surements were acquired using conventional static pressure and
total pressure/temperature probes located upstream and down-
stream of the compressor. In the stage configuration, the down-
stream probes were traversed circumferentially across one stator
pitch. At each span, the circumferential profiles of total tempera-
ture were mass averaged to obtain a radial profile. Similarly, the
circumferential profiles of total pressure were energy averaged by
converting them to their enthalpy equivalents and then mass av- 11 i 1
eraged across the stator pitch. Similarly, overall performance was 10, . p 5 10 12
calculated by mass and energy averaging total temperature and Axial Position, cm

total pressure, respectively, across the annul@ Measurement

uncertainties are: massflow0.3 kg/s; flow anglet0.5 deg, total Fig- 4 LDV measurement locations for rotor and stage envi-
pressure=100 Pa, total temperature0.6 K. ronment with axial locations of rotor trailing edge (TE), stator
A large window, which conformed to the 3-D shroud contourlead"ng edge (SLE), and stator trailing edge  (STE) at 75 percent
. . ! . Span
provided optical access to the flowfield from one rotor chord up-p
stream of the rotor to one stator chord downstream of the stator.

Laser doppler velocimetdt DV ) measurements were made at 75

percent span from the hub across one stator pitch; see Fig.sfonding to that shaft angle position. There were 184 windows
Detailed pitchwise surveys were acquired from the rotor trailingcross one rotor blade pitch. Typically 40,000 to 60,000 individual
edge(TE) through 20 percent stator chord, at 50 percent statgglocity measurements were acquired for each survey point. Since
chord, and at 90, 110, 120 percent stator chord. Typically thefige measurements were not evenly distributed over all of the win-
were 15 to 18 measurement locations in a pitchwise survey @ws, the total number of measurements were chosen so as to
each axial position. The 110 percent stator chord plane is thfure that there were a minimum of 30 measurements in any
closest axial position to the STE where a complete pitchwise datghdow. The LDV data are ensemble averaged using one rotor
survey was acquired and thus was used as the stator exit conditpiye pitch as the time scale. See Strazisar €28} for more

in calculations. Three streamwise surveys were done at 4.2, g@tail on the LDV data acquisition and reduction technique.
and 87.5 percent of stator pit¢hot percent gap The axial loca-

tions at which rotor only data were acquired are also shown. The
error in the LDV measurements is approximatetyl.0 m/s for Rasylts
absolute velocity and=0.5 degrees in absolute flow angle.

The LDV was configured as a two-channel laser system whichLDV Data Overview. The LDV data can be viewed as ve-
acquired axial and tangential velocities simultaneously. For ealdtity versus spatial location for a particular rotor/stator orienta-
velocity measurement the rotor position was determined fromtian or as velocity versus rotor passing period for a particular
shaft angle encoder and the data placed into the window corteeation relative to the stator.
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Fig. 5 Time average absolute velocity (m/s) and relative velocity magnitude  (m/s) for a fixed rotor /
stator position based on laser anemometer data at 75 percent span
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Figure 5 shows examples of the LDV measurements fr@n: 300 ' ' ' '
the time average velocity field, ar@®@) the flow field for a par-
ticular rotor/stator position for both peak efficiency and near stall.
The measurements are only of sufficient spatial density from the
rotor trailing edge to 20 percent stator chord to allow contour
plotting of the wake for specific rotor/stator positions.

The time average absolute velocity field shows that the stator is
aft loaded at the peak efficiency condition and front loaded at the
near stall condition. This was confirmed by the Navier Stokes

270 Ry

idealized

240 freestream _|

Stator Leading Edge

o PE
simulations described in the Appendix. In the near stall case, the 180F . \s ]

Relative Velocity, m/s

front loading of the stator causes some rotation and stretching of

the wake upstream of the stator leading edge plane. 150 ' ' ' '
Wake decay behavior in the stage environment was studied us- 0 T
ing the LDV measurements acquired at stator midpitiamond 400 . : . .

symbols at midpitch in Fig. ¥for a rotor passing period. This

represents the deterministic unsteadiness that an observer at a 370w
fixed point relative to the stator would see. Rotor wake velocity £ |
profiles of this type are shown in the next section. % 340l i
(o]

Wake Decay in the Rotor Only and Stage Environments. % 210k 120% Stator Chord |
Figures 6 and 7 show rotor wake profiles at the stator leading edge 2 ¢ PE
and 120 percent stator chord axial locations for the rotor only and § = NS
stage environments. Comparison of the width and depth of the 280 et
wakes at the stator leading edge plane shows very similar charac-
ter between the rotor only and stage cases for both operating con- 250 ' ' ' '
ditions. At the 120 percent stator chord location the rotor only 0 Rotor Blade Passing Period T

case still shows deterministic velocity fluctuations from the rotor
wakes while the stage case does not show clearly identifiable rofeg. 7 Midpitch wake profiles for PE and NS at the stator lead-
wakes exiting the stator passage. ing edge and stator exit planes in the stage environment
The differing decay rates in the rotor only and stage environ-
ment are shown more quantitatively in Fig. 8 which compares the
decay of DKE in the rotor only environment to the stage environ-
ment. If exponential decay is assumed, the slope of the curves is a . .
direct comparison of decay rate. Note the DKE at the rotor trailirfdgecay rate is greater than the rotor only decay rate. This leads to
edge is not the same for rotor only and stage environments. HogWwer DKE at the stator exit in the stage environment. Because the
ever, the focus is on the comparisons of the decay rate and not ¥for only results indicate the maximum decay due to viscous

absolute level of DKE. Inside the stator passage the stage wal@sipation, another mechanism must be present to increase the
wake decay rate in the stage environment.

300 T T T T
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Fig. 6 Measured wakes in the rotor only environment at the Fig. 8 Comparison of the DKE decay in the rotor only and
stator leading edge and 120 percent stator chord planes from pitch average DKE in the stage environment for the PE and NS
the PE and NS LFA data LDV data
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inviscid model recovery predicted from wake lengths to the total
measured decrease in DKE strongly indicates that the primary
decay mechanism in the stator passage might be wake stretching
and that viscous dissipation appears to be of secondary impor-
tance. The stretching and viscous decay mechanisms act concur-
rently so the decay model is used to determine their relative con-
tributions. In the subsequent discussion it will be shown that the
wake decay model(Egs. (7)—(11)) gives results in reasonable
agreement with these preliminary findings.

Wake Decay Calculations. The first step in the decay model
Fig. 9 Wake locations /orientation as shown by the number of calculation '_S to determ_lr_le the initial condltlort‘to, Do, b, and
measurements distribution 6,. These initial conditions are determined from a rotor wake
profile measured at the stator leading edge axial location and mid-
pitch circumferential location. The wake profiles are shown in Fig.
7. Note that the rotor relative velocity magnitude, as shown in the
Zgi'geure, was used for the calculations. van de Wab] in his
erical study of wake stretching used velocities in the absolute

Measured Versus Calculated Wake Stretching. Smith’s ki-
nematic model of wake stretching and the wake decay model

based on 2-D incompressible flow assumptions and do not incl : . h
rame. In the present work the experimental data is not of suffi-

the effects of either wake drift or radial transport. The validity of . ; .
using the 2-D incompressible assumptions is discussed in the ?gnt spatial resolution through the entire stator passage to allow a

pendix. For the results presented in this paper, wake drift a ior_1a| transfo_rm int_o the_ absolute f_rame. Thus, the disturbance
radial transport are not significant contributors to wake decay. KInetic energy is defined in the relative frame, Ef3), and re-

Some auxiliary LDV number of measurement data, which i§ults from the model are pr_esented in the relatl\(e_frz_ime, Fig. 10.
compiled with the velocity data, proved useful to help identify the '€ Stator midpitch location was chosen to minimize the wake
edges of the rotor wakes and to determine wake segment |engg1és_t/stator response interaction W_hlc_h is not included in the
The number of data acquisitions per measurement window wa@del. However, even at stator midpitch the LDV rotor wake
not uniform with more measurements per window acquired in tryglocity profiles contain _the influences (_)f both the rotor wake and
rotor wake region than in the “core flow” region between wakedhe wake/blade interaction. To determlr_l_e a relative wake erth
Figure 9 shows an example of rotor wake locations at a particufs®M the LDV data the wake edge velocities must be determined.
rotor/stator position. WithBe,; known and the wake orientation Y& considered the wake depth to be relatively unaffected, but the
given by Fig. 9, it is simple to extrapolate the exit wake length agd_ges of the actual rotor wglke_were difficult to identify. The non-
illustrated in cartoon form in Fig. (). uniform measurement distribution across the wake was thus used

Equation(5) provides a simple and adequate method for detei@ assist in locating the edges of the rotor wake in the velocity
mining the wake lengths. Wake length ratios calculated with Egrofiles. The velocity in the regions outside of the rotor wake was
(5) are compared to length ratios obtained directly from exper¢Onsidered constant and was set equal to the corresponding wake
mental results in Table 1. Equati¢B) does underpredict the wake €dge velocity. This results in a “idealized” LDV rotor wake pro-
stretching compared to the experimental data. Adding additiorfd: see Fig. 7, for which the wake/blade interaction effects are
complexity to the wake stretching model might provide bettdpinimized. The relative wake depth for the LDV data was then
agreement with experimental data. This is outside of the scopet@iculated from the average of the wake edge velocities and the
this paper and is not pursued here. minimum wake velocity. ) ) _

From the inviscid models of Smith and Adamczyk, the recovery The final setup step is to determine the relatiotJgfU with x
of the rotor wake is proportional to the wake inlet and exit lengtflistance. The flow turning determined from absolute flow angle
ratio, Eq.(4). A recovery of 1.0(100 percentmeans that the rotor data through the stator indicates that a linear change ofU
wake has been completely mixed out in the stator passage W’S‘}h x distance is a reasonable approximation to th_e wake stretch-
wake stretching only and the rotor wake defect has been coffid that occurs in the stator. A linear changelbf/U in Eq. (9),
pletely recovered in a reversible way. The recovery calculaté¥ps thus used in the model such that the velocity ratio at the stator
from experimentally measured wake length ratios is shown f¥it was equal to the wake length rafieee Eq(7)) as determined
Table 1. Using Eq(4) and the measured wake lengths gires from the experimental data. . . . .
=0.64 and 0.78 for peak efficiency and near stall operating con-The calculation procedure consists of numerically integrating
ditions. This can be interpreted as rotor wake decay due to 8- (9 with x distance. The wake width is calculated at each
wake stretching mechanism. For comparison, the recovery dudhegration step from Eq(10) for viscous cases. For the inviscid
wake stretching using wake length ratios as calculated from EgfSe the exact analytic solutiob/b,=1inet/lexi cOMes directly
(5) is underpredicted by 10 percent for peak efficiency and 1#om Kelvin's theorem. Substituting E¢7) into the foregoing, the
percent for near stall. exact analytic solution is approximated b&h,=U,/U for ¢

The total reduction in DKE from stator leading edge to stator O- . ) )
trailing edge, as calculated from a fit to the experimental data of Equations9) and(10) calculate results which are relative to the
Fig. 8 is greater than that attributed to stretching only. The furthkical freestream conditions and time scale. The local free stream
decrease in DKE above that estimated due to stretching was @@@ditions used in the model are meant to produce the correct

to viscous dissipation in the stator row. This comparison of trgrain field and are not representative of the convection velocity in
the stator passage; therefore, the results must be related back to

the initial free stream conditions and time scale. The relative wake

Table 1 Comparison of wake length ratios measured from the LDV depth, D, is multiplied by U/U, to express the velocity deficit,

data and calculated using Eq. 5 U-vmin, as a function of the initial free stream velocity. The wake
width, b, is multiplied by U/U, to adjust the time scale so the
Experiment Model calculated wake width represents the correct fraction of a blade
measured R Eqn.5 R passing period consistent with,. This is necessary for comput-
ing the correct time average for E(). Because the exact solu-
PE 1.67 0.64 1.52 0.57 tion for wake width and depth is known for the inviscid case,
NS 214 0.78 1.74 0.67 the foregoing relations can be verified using the inviscid case
calculation.
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Fig. 10 Comparison of LDV data to wake decay model predictions for the PE and NS cases

Finally, the wake profiles are shifted so that The DKEzg, results are shown in Fig. 10). Differences be-
tween the model and the data are due to both poor wake width
T T prediction by Eq.(10) and wake/blade interaction effects on the
J; vdtl,= JO Vdt|s g=constant (12) LDV wake profiles.

The wake decay model predicts a large reduction in RKE
across the stator with most of the reduction due to wake stretch-
ing. Theviscous onlycurve shows the reduction in DIKE, as if
rotor was operated alone.
he rotor wake decay model has been shown to explain differ-
ences between viscous produced wake decay and experimentally
measured wake decay in the stator passage. The model indicates
that wake stretching is the major contributor to rotor wake decay

within the stator passage. The model can now be used to comment

whereV, is the time average relative velocity magnitude. Changgy the implications of the wake recovery process on stage design.
in DKEgg, represents the change of deterministic unsteadiness in

the flowfield, and thus the change of the rotor wake. The RKE . L
for LDV data is calculated in a similar manner using the modifieEi)eSlgn Implications
velocity profiles described previously. The combination of Eq(5) for wake stretching and E¢9) for
A comparison between the wake model calculation and expergtor wake decay, provides a simple method for predicting the
mental(LDV) data at midpitch is shown in Fig. 10 in terms(@j  benefit of rotor wake recovery in a stator row. The model is
wake depth normalized by wake depth at the stator leading edggually applicable to the recovery of stator wakes in a down-
and (b) relative disturbance kinetic energy. For the wake depttream rotor.
results: the curve labelediscouststretchingis calculated from  Assuming a 2-D incompressible flow, the wake decay model
Eq. (9), the curve labeledtretching onlyis calculated from Eq. was used to perform a rotor wake decay audit based on the mid-
(9) with the eddy viscosity set to zero, the curve labelestous pitch rotor wake profiles in the stage environment. The results are
only is calculated from Eq. 9 with the velocity ratio set to 1.0. shown in Fig. 11. From the rotor trailing edge to stator leading
Considering all of the assumptions, the predicted change aadge, a significant amount of rotor wake decay occurred for both
relative wake depth shows reasonable agreement with the L@yerating conditions, all of it due to viscous mixing, and thus
data as shown by the curve labebladcouststretchingin of Fig. resulting in lossregion labeled 1 Of the remaining rotor wake
10(a). The curves demonstrate that a process other than viscoslgcay possible at the stator leading edge, most occurred by invis-
is at work. Thestretching onlycurve shows that most of the wakecid stretching of the rotor wake in the stator passage involving no
depth change is due to wake stretching. For comparison, the culvss (region labeled 2 Only small amounts of rotor wake mixing
viscous onlyshows how a rotor alone wake with the velocityloss occurred in the stator passage because of viscous mixing
profile shown in Fig. 7 at the stator leading edge would decay dgegion labeled 8 This implies that using loss correlations based
to turbulent mixing alone. Not only is the rotor wake decay moren isolated rotor or cascade data may be misleading for multistage
rapid due to the presence of the stator, but the viscous contributidesign. Region 4 is mixing of any remaining velocity nonunifor-
to wake decay is also greatly reduced. mity downstream of the stator.

whereV is the relative velocity magnitude. Equatiét?) relates

the free stream velocity used in the model back to a free stre
velocity which is consistent with the initial condition. The relative’ |
disturbance kinetic energy is calculated from these profiles as

DKEgg = 0.5V, A(V—V,)? (13)
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Peak Efficiency due to less viscous contribution to mixing in the stator and more
overall wake stretching. Front loaded stat@as in the near stall

cas@ turn and stretch the wake sooner in the stator passage which
further reduces the viscous decay contribution. Front loading also
enhances the wake/blade response attenuation of the wake as
shown at location A in Fig. 5. This attenuation occurs because the
stator generates a pressure response to the presence of a rotor
wake passing over the surface such that the correct boundary con-
dition is maintained on the stator surface. This wake/blade re-
sponse is also a reversible process.

Near Stall
Conclusions

A simple model has been developed to evaluate the relative
contributions of viscous dissipation and inviscid stretching to the
decay of a rotor wake in a stator row. The model requires only
blade geometry, inlet and exit velocity triangles, and an assumed
rotor wake profile as input and is simple enough to be useful as a
design tool. Results from the model compared favorably with la-
ser anemometer data. The model correctly predicts that, within the
© Viscous loss from rotor trailing stator row, inviscid wake stretching is the dominant rotor wake
edge to stator leading edge decay mechanism as opposed to viscous dissipation.
gw:gguztﬁg‘;Eiigtz‘raézrsgzszage Inviscid wake decay due to stretching provides a means of tai-
@ Viscous loss downstream of stator Iqung a compressor stage design to avoid some qf the Io_ss asso-

ciated with the viscous decay of a rotor wake. This also implies
Fig. 11 Rotor wake decay audit that the use of rotor only or cascade loss correlations for multi-
stage compressor design may be misleading. Examples of stage
design features which influence the balance between viscous dis-
sipation and wake stretching are:

Since a significant amount of mixing loss occurs before the , ayig) Spacing of Blade Rows—In a compressor stage, a sig-
rotor wake enters the stator passage, closer axial spacing of blade pificant amount of rotor wake decay has already occurred by
rows to capture the rotor wake sooner could be beneficial. An \iscous dissipation before the wake enters the stator row.
efficiency gain due to closer axial spacif@versus 37 percent of Some of this loss can be avoided by moving the stator row
chord of 1.2 points was achieved in a four-stage low-speed com-  |o<er to the rotor trailing edge.

pressoi{5]. Of this efficiency _gain, 0.5_2 points was attributed_to « Reduced Rotor Wake Shear—A reduction in the rotor wake
wake recovery and the remainder attributed to other mechanisms, shear will reduce the rotor wake viscous mixing in the axial
for example, tangential variations of total pressure caused by the g hetween rotor and stator rows. Such a reduction might be
downstream stator imposing nonuniform back pressure on the ro- 5-hieved by designing for a small amount of separation
tor ahead of if21]. within the rotor, thus broadening the wake width.

Additionally, capturing the rotor wake sooner assumes that the, Front |oading of Stators—Front loaded stator blades stretch
closer spacing would not cause increased losses in the rotor and/or yne rotor wake inviscidly earlier in the stator passage and

stator due to potential field interactions or stronger wake/blade fther reduce the already small amount of viscous dissipa-
interactions. Regarding increased rotor losses, at 75 percent spanion involved in that row.

in this stage, the stator velocity field impact on the rotor was

small. The circumferential variation of the absolute velocity at the

rotor trailing edge was 2.5 percent as measured by the LDV sydcknowledgments

tem at the near stall operating condition where the interaction wasThis work was done at the NASA Glenn Research Center under
strongest. Because of the small interblade gap, no rotor perfggant number NAG3-1302. We are grateful to Dr. Kenneth Suder
mance measurements are possible in the stage configuration gjichis assistance concerning the LDV system operation, to Mr.
nothing more definitive can be said about rotor performance rry Wood for many helpful suggestions for data analysis, and to

this time. ) _ _ Dr. Alan van de Wall for his assistance with the wake recovery
An effect similar to closer axial spacing could be achieved by,ggel.

reducing the viscous decay rate of the rotor wake. The viscous
decay rate immediately downstream of the trailing edge is depey-

dent on the shear velocity and the static pressure differen?ggmendature

across the wak&he assumption of constant static pressure across A, = time average operator

the wake does not hold in this regioi\ small separation at the A, = pitchwise average operator

rotor trailing edge may reduce the shear velocity and static pres-b, b, = 1/2 wake width, initial 1/2 wake width

sure difference and thus reduce the viscous mixing rate. This i©, D, = relative wake depth, initial relative wake depth

speculative and needs further investigation. h = stator pitch
By designing stages which use the wake recovery process to its K = flux of kinetic energy of first-order unsteady veloc-
full advantage, higher stage loading may be possible. As rotor ity field

blade loading is increased, profile loss, and thus rotor wake mix-Li, ¢ = wake length
ing loss, could also increase. However, in the stage environmenta R = recovery parameter
high percentage of the rotor wake decay could be recovered in thes—c¢) = distance, see Fig. 2
stator row. This recovery would offset some of the higher rotor T = rotor blade passing period
profile losses, and thus might allow higher stage loading without U = free stream velocity
incurring large efficiency penalties. Uinetexit = NOzzle inlet and exit velocities
A higher percentage of mixing loss is recovered in the statdd,, V, = time average velocity, initial free stream velocity
passage for the near stall case relative to the peak efficiency caseu, v = axial and tangential velocity components

282 / Vol. 124, APRIL 2002 Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Bans = absolute flow angle pressure surface. The entropy contours from the numerical simu-

Bexit = absolute flow angle at stator exit lations shown in Fig. 12 show that the high entropy rotor wake

Brel = flow angle relative to rotor fluid particles extend across the stator pitch, even at the stator exit.
A = perturbation parameter Therefore, CFD predictions confirm that wake decay in the stator
e = eddy viscosity is not primarily due to the wake fluid drifting to the pressure

6, 6, = momentum thickness, initial momentum thickness surface of the stator.
] Radial velocities in the rotor wakes predicted by the CFD simu-
Appendix lations were significant at the rotor trailing edge at 75 percent
span, 12 and 27 percent of absolute velocity for peak efficiency

Navier Stokes Computations. The kinematic model of wake 5.4 near stall cases, respectively. However, at the stator leading

stretching and the wake decay model are based on 2-D inco

- ; . . nt span for peak efficiency and near stall. Therefore, the flow
merical database for use in developing the models, analyzing

: tal dat q ing limitati in th del d was considered sufficiently two dimensional in the core
experimental data, and assessing limitations in theé modaels. ns of the compressor stator such that calculating wake decay
Navier Stokes simulations are mentioned here for completen

. L a geometric 75 percent span stream surface was considered a
and are presented in more detail in Van Zai#]. reasonable approximation to following a wake fluid particle.

Three-dimensional time-averaged Navier Stokes simulations o Because the LDV system only measures two velocity compo-
the compressor stage operating at the peak efficiency and ngafiq “mixing loss calculations with the LDV data must be done
stall conditions were first generated using the Average Pass

code (Version 1.04 developed by AdamczyK]. 3-D, time- assuming 2-D incompressible flow. The unsteady simulations

e R Id d Navier-Stok mulati fh Qre used to estimate the error associated with these assumptions.
accurate, keynoids-averaged Navier-oSlokes simulations or the $iga gimple 2-D incompressible mixing loss calculations consis-

tor flow field were then generated using a code by Chen et ?é

. ! - ntly underpredict the rotor wake mixing loss. The total mixing
[23]. The unsteady code uses a time-shifted non-uniform upstregiig i gmq)| compared to the incoming kinetic energy, so the error
boundary condition that simulates the relative movement of t

. ) X icurred by the assumptions is small in absolute magnitude. More
incoming wake. The code used a Baldwin-Lomax turbulen tail is included in Van Zant22] and van de Wal[15].

mode. The_ upstream boundary condition was obt_ained _from i eCompressibility affects wake recovery in two ways. First, com-
rotor flow field portion of the average passage simulation. The.sqipijity affects the mean flow velocities and it is the mean flow
initial solution for the stator flow field was obtained from the, i1 determines the wake stretching. Both the LDV data and the
stator portion of the average passage simulation. In all CFD SiMiz, 1ation of course, include this compressibility effect. The
lations the stator count was increased from 46 to 48 to aCh'eV%i?nple wake stretching model, which is based on an incompress-
3:4 rotor stator blade count in preparation for running a full stagfo assumption, does well in bredicting the wake stretclisep
unsteady simulation using the Chen/Adamczyk code. The gHdp\e 9 and thus indicates that compressibility is a small effect.

size used was 10laxiablradiak 43tangential nodes. E%iondly, wake recovery is affected because of the assumption
6

simulations were therefore performed in order to generate a}g

The massflow for the average passage simulations was matcheqd yhe “circulation is constant for inviscid incompressible flow.

to the experiment. The time-average absolute velocities from tag, oompressible viscous flow the circulation around a material
LDV data and simulations agreed to within 5 percent. The Wal%?egment of mass changes[ad]

kinematics predicted from the simulations agreed well with the
experiment. Also, the unsteady behavior of the wakes in the simu- dr VP V.7
lations was qualitatively the same as for the LDV measurements. at - 7 + _p dr (14)
The simulations were therefore considered representative of the ’

experimental observations and valid for use in interpreting the teigtis is a line integral that encloses the segment of mass. The first
data. term on the right-hand side is zero if the density is only a function

of the pressure. For a stator row where static temperature changes
Nonmodeled Effects. Rotor wake drift in the stator row as are small, this term should be small. The second term on the

described by Kerrebrock and Mikolajcz4k] is a result of the right-hand side is the divergence of the stress tensor and repre-
lower relative velocity of the wake fluid. Rotor wake fluid thussents the viscous impact on circulation. Because the rotor wake
has a larger tangential velocity component than the free stre@@s decayed significantly before entering the stator row, this term
fluid and drifts toward the stator pressure surface. An estimatejgfexpected to be small also except possibly near the blade sur-
the drift Ve|0City from LDV data indicated that the maximum driﬁfacesl Further work is needed to better quantify these effects.
of a wake fluid particle as the wake convects through the statorm summary, we conclude that wake drif’[, radial transport, and
passage would be less than 1/3 of the stator pitch toward t@mpressibility are not significant wake decay influences and

evaluating mixing loss using 2-D incompressible assumptions will

show the correct trends.

=
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Single-Passage Analysis of
Unsteady Flows Around Vibrating
Blades of a Transonic Fan Under
Inlet Distortion

Computations of unsteady flows due to inlet distortion driven blade vibrations, charac-
terized by long circumferential wavelengths, typically need to be carried out in multi-
passage/whole-annulus domains. In the present work, a single-passage three-dimensional
L. He unsteady Navier-Stokes approach has been developed and applied to unsteady flows
around vibrating blades of a transonic fan rotor (NASA Rotor-67) with inlet distortions.
The phase-shifted periodic condition is applied using a Fourier series based method,
“shape-correction,” which enables a single-passage solution to unsteady flows under
influences of multiple disturbances with arbitrary interblade phase angles. The computa-
tional study of the transonic fan illustrates that unsteady flow response to an inlet distor-
tion varies greatly depending on its circumferential wavelength. The response to a long
wavelength (whole-annulus) distortion is strongly nonlinear with a significant departure

of its time-averaged flow from the steady state, while that at a short wavelength (two
passages) behaves largely in a linear manner. Nevertheless, unsteady pressures due to
blade vibration, though noticeably different under different inlet distortions, show a linear
behavior. Thus, the nonlinearity of the flow response to inlet distortion appears to influ-
ence the aerodynamic damping predominantly by means of changing the time-averaged
flow. Good agreements between single-passage solutions and multi-passage solutions are
obtained for all the conditions considered, which clearly demonstrates the validity of the
phase-shifted periodicity at a transonic nonlinear distorted flow condition. For the
present cases, typical CPU time saving by a factor e1® is achieved by the single-
passage solutiondDOI: 10.1115/1.1450567
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1 Introduction distortions has a circumferential length scale corresponding to the

M]ole annulus. Computational studies of inlet distortion effects
long wavelengths, e.g., the work by Hifd], Marshall et al.

and Breard et a[.8] are typically very time-consuming, due to

In modern designs of gas turbine engines, advanced CFD m !
eling and noninstrusive measurement techniques have provi({l\—j}

information essential for understanding complex steady flo d of usi itin| whol lus d :
physics. However, inlet distortion and its driven blade vibratioHﬂle need of using muttiple passages/whole-annulus domains.
n the present work, a single-passage approach to three-

are common problems for aero-engines during taking off or lan :' ) . ) ) .
ensional unsteady Navier-Stokes calculations using a Fourier

ing. Thus aerodynamic and aeromechanic responses . - . .
compressor/fan blades to nonuniform incoming flow conditioriE/ies based methotShape-Correction previously applied to

need to be assessed to ensure required aero-thermal performaageEuler calculation$d], has been developed. The major advan-
as well as mechanical integrity. It is particularly of importanc#g€ of the present single-passage method in comparison with
that blade stress levels due to forced responses can be evaluat@ig methods available, e.g., the direct st@edos et al[10])
a design stage. Any redesigns to rectify vibration problems af@d the time-inclinatioriGiles [11]), is its ability to compute un-
time-consuming and expensive. Therefore, it is necessary to §&eady flows under multiple disturbances. The developed method
velop effective predictive methods, which can be used as desi§rapplied to analyze unsteady flows around oscillating blades of a
tools. transonic fan rotor influenced by inlet circumferential stagnation

Many studies of inlet distortion effects and blade forced reeressure distortion. Apart from verifying the present single-
sponse have been carried out in the past both experimentally #@g$sage method and its implementation, there are several issues of
numerically. Fleeter et aJ1] and Manwaring and Fleet®?] car- interest. First, we would expect certain nonlinearity in an unsteady
ried out extensive experimental studies of unsteady loading ifinsonic flow under inlet distortion. It is then relevant to identify
compressor blades under distortions, wakes and potential fieldmse parameters that might affect the nonlinearity. Also, as a
Monsarraf 3] measured performance changes due to an inlet digeneral unsteady turbomachinery flow modeling issue, any case
tortion. Bowditch and Coltrirf4] investigated the effects of dis- studies which can help to clarify the validity of the basic phase-
tortion on compressor stability. On the computational side, Haghifted periodicity in a nonlinear transonic distorted flow would
[5] analyzed an inlet distortion case with a length scale corrbe useful. Finally, for blade aeroelasticity design and analysis, it is
sponding to only a few passages, which is useful for code validdre conventional wisdom that aerodynamic damping characteristic
tions and can give some useful information regarding high engibehavior associated with blade flutter is by large linear, while
order blade forced responses. The most common pattern of iniéisteady forcing in blade forced response problems may be non-
linear. The question remains concerning whether or not the aero-

Contributed by the International Gas Turbine Institute and presented at the Intdynamic damping behavior would still be linear when the oscil-
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Log; ing blade flow is subject to a distortion with a strong nonlinear
siana, June 4-7, 2001. Manuscript received by the IGTI, February 2001; revis€ . R

@%ect. The present comparative studies also attempt to address

manuscript received October 15, 2001. Paper No. 2001-GT-272. Review Chair: .
Natole. these issues.
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2 Methodology mains. In cases with inlet distortion, a sinusoidal pattern distortion
) ) ~of total pressure in the circumferential direction is superimposed
2.1 Flow Model. In simulations of unsteady turbomachin-on the specified mean stagnation pressure to generate nonuniform
ery flows with moving boundaries, an integral form of threemet conditions.
dimensional Navier-Stokes equations written in the absolute cy-

lindrical coordinate system is usually used. 2.4 Shape-Correction Method. In a general situation with
multiple periodic disturbances, suppose the number of unsteady
4 disturbances of interest ¥, ; a flow variable at periodic bound-
- — pt
atJ’ f j Udv+ thj [(F=Uumgny aries can be expressed as
oV Nm
+(G—Uvmgng+ (H—Uwpgn,]-dA U(x,y.r)=Uo(x,y,1)+ X Ui(x,y,rt) 4)
1

duced by thdth unsteady disturbance agé-r . Each unsteady

part can be approximated by a set of Fourier series in time
whereU, F, G, andH are standard conservative variables and
inviscid flux vectorsup,g, vmg andwy,, are mesh moving veloci- .
ties due to blade vibration as well as rotation if the mesh is aMi(%y,r.t)= nZl [Ani(X,y,r)sin(nw;t) +Bpi(X,y,r)cognw;t) |

=f f deVJr é J[VXHX+V9HQ+Vrnr]-dA (1) whereU, is the time-averaged part; is the unsteady part in-
SA
oV

Nfou

tached to a rotor. The extra inviscid flux tertdsl,,,, Uv g and )
Uwp,g count for the contribution to the fluxes due to grid move-
ment.S; is the inviscid source term. Full viscous stress tefWs Accordingly, for any pair of mesh points at upper and lower

Vg, andV,) are adopted in the current work. The system equgeriodic boundaries of a single passage domain, we have
tions are closed by the equation of state and the mixing length

turbulence model by Baldwin and Lom§x2]. ) sz szglu
U=(X,y,r,t)=Uq(x,r)+ Api sin(nw;t) +B,,; cog nw;t
2.2 Discretization and Solution Methods. The foregoing (xy.r. ) =Uo(x.r) =1 n=l[ i Sin@it) + By cosnot)]
governing equations are discretized in space using the cell-
centered finite volume scheme, together with the blend second- Npt Niou
order and fourth-order artificial dissipati¢®3] to damp numeri- UY(x,y,r,t)= Uo(x,r)+2 2 [Anisin(n(wit+ay))
cal oscillations. Temporal integration of the discretized equations i=1n=1
is carried out using the second-order four-step explicit Runge- +B,; cogn(wit+o)))] 6)

Kutta scheme. A time-consistent multi-grid techniguet] has
been adopted to speed up convergence procedure. In ordefwtereo; is the inter-blade phase angle of tik disturbanceA,,;
maintain temporal accuracy when using the multi-grid techniquend B,; are correspondingith-order Fourier coefficients of the
the dual time-stepping schenfd5] is incorporated. It starts disturbance. Usually, the first five-order Fourier series are suffi-
with an implicit backward temporal difference of the discretizedient to capture periodic unsteadiness.
equations We should bear in mind that using the Fourier series to approxi-
3 2 1 mate unsteady flow variables QOesn't in_clude any Iir_1ear assump-
—— (UMIAVMTY - (UPAVM) 4+ —— (UN 1Ayt =R+1  tions of unsteady response. Since nonlinearity manifests itself in
2At At 2A interaction between the time-averaged flow and various harmon-
(2) ics, nonlinear effects can be accommodated by the zero-order
A pseudo-timer is then introduced time-averaged components, and higher order Fourier components.
A particular issue arises here regarding how to update the Fou-

JUAVYY 3 2 rier coefficients for multiple disturbances. We know the beating
o7 =R""- Z_A'[U AV - A_tU AV period, which is the minimal common multiple of all the distur-
bances’ periods, could be much longer than the period of each
n iU”’lAV”’l) @3) disturbance. Therefore, if we only update the coefficients once
2At every beating period, the solution would have a very slow conver-

. . . . . ence rate for situations with very low beating frequencies. In
Equation(3) is integrated in the pseudo-time using the four-stepy e to avoid this difficulty and to update the Fourier coefficients
Runge-Kutta time-marching method with the multi-grid acceleragg frequently as possible, we adopt a partial-substitution tech-

tion. When the left hand side of E@3) is driven to zero, the hique That s, the coefficients are evaluated through the following
second-order temporal accuracy is fully recovered, which is indgsmula:

pendent of the multi-grid acceleration technique.

N .
2.3 Boundary Conditions. The computational domain con- RURS .
sists of either a single passage or multiple passages with a blade A”i_?El‘f (U=Rpsin(ne;t) At
being at the center of each passage. Compared to a blade-to-blade
domain configuration, this middle-blade domain arrangement fa- o Noi
cilitates an easier implementation of the phase-shifted periodic Bm:_'z (U—R))cognw;t)At (7
boundary condition. The multi-passage domain requires the direct ™1

periodicity and is used here as the baseline option for validation NN ] .
purposes. On blade and end-wall surfaces, a logarithmic lawvigiereR; =223 Tl Ay sin(wjt) + By cosfwjt) ] is the unsteady
applied to determine the surface shear stress and the tangemtiaitribution of all disturbances except that from tlk distur-
velocity is left to slip. Compared to nonslip wall conditions, itbance. At every time step, the flow variables at periodic bound-
needs fewer mesh points in the near wall region. aries are corrected using the stored Fourier coefficients and the
At the inlet, stagnation parameters and flow angles are specitrent solution. For each unsteady disturbance, new values of the
fied. At the exit, pitchwise mean static pressure at each spanwesfficients as well as the time-averaged part can be obtained after
section is specified. The 1-D nonreflective procedil8] has one period of the disturbance under consideration, when the part-
been implemented at both inlet and exit to shorten extension dabstitution(Eq. (7)) is used.
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where« is the under-relaxation factor between 0 and 1, a similar
formula is also applied t®,,;. In addition, a numerical damping

of variables on periodic boundaries is used to stabilize the solution
procedure at the initial stage.

3 Code Validation

To validate the current viscous solver, a calculation of steady
flow through a transonic fan rotor known as “NASA Rotor-67"
has been carried out. The steady flow field had been extensively
measured at the NASA Lewis Center by Strazisar ef1al]. The
test rotor has 22 blades with 0.8 percent of the span tip clearance
operating at rotation speed 16043 rpm. A computational domain
with 111X 25X 29 mesh points shown in Fig. 1 is used in the
calculation. This mesh has been subsequently used for the un-
steady flow calculations both for single passage and multigbe
to 22 passages. A simplified one-cell tip-clearance mdd8] is
Fig. 1 Mesh (on pitchwise and spanwise section ) of NASAro-  @pplied here to model leakage effects approximately. _
tor 67 The steady state adopted in this paper is at nondimensional

mass flow rate 0.994. The calculation is performed assuming that
the flow is fully turbulent. At the inlet, the measured flow angle,
stagnation pressure and stagnation temperature are specified. The

During the transition from a steady state to a periodic unsteafijeasured static pressure at outlet is specified. Figure 2 shows the
state, an under-relaxation of the Fourier coefficients updating ggmparison of the Mach number contours at blade-to-blade sec-
essential for stability reason. The under-relaxation of the Fourigns of 10, 30, and 70-percent span from the tip. Results from the

WL
Wt

coefficients takes the following form: current calculation agree well with the LDA measurement
(Strazisar et al[17]). Although the passage shock’s position and
Anicstored = (1= a)Ani(stored T @Ani(new (8)  width are slightly diverted from the experiment, the general flow

70% span

B®

RO

ROTATION

Fig. 2 Predicted (upper) and measured (lower) relative Mach number contours
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Fig. 3 Pressure jump coefficients (o=180 deg)—(a) hub section, (b) tip section

patterns have been successfully predicted and the similar ressfignwise position and the hub on the first pitchwise grid surface.
were obtained by Jennions and Turfi#8] and Arnong 20]. Note that Eq.(9) is the pattern seen in the rotor frame of refer-
Validation of a 3-D unsteady flow code is much more difficulence, the distortion pattern is stationary in the absolute system.
than its steady counterpart because of lack of published 3-D ex-Comparative calculations between a conventional multiple pas-
perimental data. Therefore, comparison between numerical mesage solver with a direct repeatirigeriodio condition and the
ods and semi-analytical methods for simple inviscid flow casaingle-passage solver with the shape-correction method have been
play an essential part in code validations. A flat plate cascade teatried out here. The grid used for each passage is the same as that
case, for which the semi-analytical solution of Naml2d] is used in the previous steady calculation. Three cases with the same
available, is used here. This case has been previously adopteddigtortion amplitude but different circumferential length scales
validation purposes by others, e.g., He and Dei@and Gero- (wavelength have been studied here, i.e., 11-node modave-
lymos and Vallef22]. The main difference between the presenength corresponding to two passagesnode modéwavelength
solver and that by He and Dentdd5] is that the numerical corresponding to 11 passagesid 1-node modévavelength cor-
scheme has been changed from a cell vertex scheme with diregponding to 22 passages or whole annulus
time-marching to a cell centered scheme with the dual-time step-Figure 4 shows instantaneous total pressure contours on a near
ping. Also, the computational domain has been rearranged tanget section for three distortion modes. The upper side is for the
middle-blade domain for a convenient implementation of theomputational results from the multiple-passage solutions, and the
phase-shifted periodic boundary conditions. lower side is the results from the single-passage solutions with
The flat plate cascade is placed between two parallel soligconstruction base on the phase-shifted periodicity. The figures
walls. It is oscillated in a three-dimensional torsion mode aroundearly indicate that the stagnation pressure distortion pattern is
the leading edge. The reduced frequenky=(wC/u..) is 1 based convected axially downstream as expected. The reconstructed re-
on the inlet velocity and chord length. The same geometry aggits from the single-passage solutions are almost identical to the
flow parameters aEl8] are used in the current simulation with aresults directly obtained from the multiple-passage solutions.
grid density of 81X 25X 21 in the streamwise, pitchwise and span- The influence of the circumferential wavelength can be easily
wise directions respectively. ) . _identified when we examine the passage shock wave movement.
Calculated unsteady pressure jumps at two spanwise sectiqfigyure 5 shows static pressure contours on a time-space plane at
hub and tip, are presented in the form OACP {ne three distortion wavelength conditions. The space coordinate
=AP,/0.5p,.U5A,, where AP, is the first harmonic pressure here is a mesh line on the suction surface at 90 percent span, and
jump across the bladé, is the torsion amplitude at the tip in the time is for two distortion periods. At the steady state, the
radians. Figure 3 shows comparisons of the chordwise distripassage shockwave foots on the suction surface at around 90 per-
tions of the real and imaginary parts of the first harmonic pressugent chord. For the shortest wavelength distortion, i.e., 11-node
jump coefficient at an inter-blade phase angle 180 deg. Re- mode, there is hardly any appreciable oscillation of the shock,
sults from our single-passage calculation agree very well with thghich is more or less the same as the steady one. But the shock
Namba's semi-analytic results. oscillation is apparent in the middle wavelength distortion, i.e.,
two-node mode. And it is much more significant for the long
4 Unsteady Flow Induced by Blade Oscillation and In- wavelength one, where the shock oscillates over 50 percent of the
let Distortion chord, and its mean position is noticeably more upstream than the
) ) steady position. This long wavelength case is strongly nonlinear,
4.1 Unsteady Flow due to Inlet Distortion. Here we first and it is found that the nonlinear flow response can only be prop-
examine the unsteady flow response to an inlet distortion WithOémy captured if higher order harmonics are included. In all the
blade vibration. A sinusoidal distortion pattern in a similar patterpresent computations, the first five order harmonics are included.
to some experimental ones, e.f23], is chosen for its ease of = The strikingly different results from these three cases at the
implementation. The distribution of the stagnation pressure dist@fgme distortion amplitude highlight the need to properly model

tion can be expressed by the following formula: the true circumferential wavelengths of unsteady distorted flows,
P= P$V+AP sin(w,t+ 6, + ) where the most common one corresponds to a whole annulus.
p i
4.2 Unsteady Flow due to Blade Oscillation. Before look-
AP=[0.1+0.05R—Ryyp)/(Rip—Rou) IPFY  (9) Y

ing at a flow around oscillating blade under influence of an inlet
where AP is linearly varying from 10 percent at the hub to 15distortion, we first consider the situation of a blade vibration in a
percent at the tip. Variation of amplitude in the circumferentiatlean flow. The blade vibration mode we choose here is a torsional
direction is counted by phase angle and ¢, where 6; is the mode with a vibrating frequency 1871.683 keduced frequency
relative phase angle between tith and the first pitchwise grid 1.086 based on tip parametgrsvhich is very close to the first
surface. Ande, is the phase angle difference between ktle torsion frequency obtained from a structure analysis on the fan
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Fig. 4 Instantaneous total pressure contours at near inlet section— (a) 11-node mode,

(b) 2-node mode, (c¢) 1-node mode

blade[24]. The inter-blade phase angle is taken as 32.727 dehe steep changes of the real and imaginary farid hence the
which corresponds to a forward traveling wave mode with twamplitude and phase anglaround the mean shock positi¢®0
nodal-diameters. The torsion axis is a radial line through the migercent chorfl are typical of a “shock impulse” due to blade
point of the chord on the hub section. For simplicity, the torsiogscijation. The point to note is that the unsteady pressures in-

amplitude was specified to linearly vary from 0 deg at the hub ced by the blade vibratiothence the aerodynamic damping
a maximum at the tip. Three cases with different maximum toy-

sion amplitudes, i.e. 0.25, 0.50, and 1.0 deg have been studiet \:ery muchPofdg lt'r.]satr. beha;ntcr)]r, ?ﬁ shown lljgl :jhe close agree-
Calculated unsteady pressure distribution on the blade surfacd"fgNt amongC P, distributions at the three amplitudes.
presented by the first harmonic pressure coefficient defined by, 3 gjade Oscillation Subject to Inlet Distortion. In this

_ 2 H : H 5 . . . . .
CP1=P1/0.5p,.uzAr , WhereP, is the first harmonic static pres- section, we examine the unsteady flow fields around the vibrating

sure on the bla(ge_surfﬁce_ inr? comp(ljex fo”ﬁ with its real angaqe under different inlet distortion modes. The blade vibration
Imaginary parts being the in-phase and out-phase component inlet distortion modes adopted here are the same as described
an unsteady flow behaves linearly, the unsteady pressure coeifl-

cient would be constant regardless of the torsion amplitudes usgar“er' €., the blade is vibrating at the frequency Of. 1871'683. Hz
Figure 6 shows th€ P, distributions on the suction side at goWith the inter-blade phase angle of 32.727 deg subject to an inlet

percent span section obtained from the single-passage calculat@gtortion in either 11-node, 2-node, or 1-node mode. The frequen-
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Fig. 5 Time-space pressure trace on the suction side at 90 percent span section (T: time period; X/ C: nondimensional stream-
wise mesh line distance measured from blade leading edge )—(a) 11-node mode, (b) 2-node mode, (c) 1-node mode
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Fig. 6 First harmonic pressure coefficient distribution of torsion mode (clean inflow with different torsion
amplitude )

cies of the three distortion modes are 2941.217, 534.7667, goetiods of inlet distortion in each beating periotloticeable in-
267.3833 Hz, respectively. All the cases are calculated by tRaences from the torsion vibration are found at the outer part of
single-passage approach. blades(near the tip region where the torsion amplitude is higher.
For a validation purpose, an 11-passage calculation is also ddnsteady forces, as shown in Figby, are also dominated by the
ried out for the case of the blade vibration under an inlet distortidnlet distortion effect, but with superposition of the vibration ef-
in a two-node moddéwavelength corresponding to 11 passagesfects. We can see that the results from the single-passage calcula-
In this case, 210 physical time steps in each inlet distortion peritidn (SP) and the multi-passage orikIP) are in good agreement.
and 60 time steps in each torsion period are applied in both tifkis demonstrates that the periodic responses to multiple distur-
single-passage and the multi-passage calculations. The resultarices at a condition with noticeable nonlinear effects can be
number of time steps in each beating period is 420. The curreadequately predicted by the single-passage solver using the shape-
choice of the physical time steps gives a relatively small numbeorrection method. It also confirms the validity of the phase-
of time steps in each beating period, which is convenient for shifted periodicity for this transonic unsteady flow condition.
validation purpose. Practical situations, on the other hand, mightTo examine the effects of different distortion modes on the
have much longer beating perio@nd thus much larger numbersunsteady flow due to the blade vibration, the total unsteady pres-
of time step which should not be a problem with the partial-sure is decomposed, and the part corresponding to the blade vi-
substitution technique being used as described earlier. Compériation is extracted by Fourier transform at the blade vibration
sons between the two methods in terms of the calculated tinfeequency. For the given sinusoidal blade vibration mode, only
history of pressure jump at three different locatigasmidchord  would the first harmonic of this part of the unsteady pressure
with different spanwise positigrare shown in Fig. {&). In gen-  contribute toward the aerodynamic damping. The first harmonic
eral, the pressure variation is mainly influenced by the inlet totptessure coefficients on the suction side at 90 percent span section
pressure distortion. Two main peaks are observed in each beatimg presented in Fig. 8. Compared with the results of the vibration
period, which correspond to the inlet distortion frequerityo under a clean flow conditiofsee Fig. 8, it is not surprising that

100000 - [—SP o MP N
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80000 ~ 200 -
70000
60000 -} 50% Span 100
50000 - 0
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30000 10% Span
20000 - -200 7
10000 ~300 4
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Time History of Pressure Jump on the Blade Surface Unsteady Forces Comparison
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Fig. 7 Pressure jump and unsteady forces history (torsion and inlet distortion, SP: single passage solution, MP-11 passage
solution )
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Fig. 8 First harmonic pressure coefficient distribution (torsion with different inlet distortion modes )

the shortest wavelength distortidiil-node modehas minimal region, where strong shock oscillation occurs. The difference
effects on the unsteady pressure due to the blade vibration. Thisusong the results at different amplitudes is however much smaller
simply because the distorted flow itself at a short wavelength tisan that at different inlet distortion length scalelown on Fig.
shown to be predominantly linear; but the moderate and lo®). This comparison suggests that the effect of the inlet distortion
wavelength distortion$2-node and 1-node modelsave stronger on the aerodynamic damping be dominated by the change of the
influences on the surface unsteady pressures shown by the detitae-averaged flow state, instead of a direct interact@mupling
tion of the imaginary part o€ P, in the rear blade region. This is between the two modes. The results confirm the importance of a
the very area affected by the passage shock oscillation. The cdmean” flow to aerodynamic damping prediction and implies that
parison of the unsteady pressures means that the aerodynaajmire linear perturbation method can be adequately used for pre-
damping will vary to an appreciable extent at the three differedicting aerodynamic damping as long as we can provide a right
distortion conditions. This influence of inlet distortions on un“mean” flow state, on which the flow perturbation is based.
steady flow around oscillating blades will have to be taken into The overall effects of the two disturbances on the time-
account when calculating blade aerodynamic damping in a desveraged flow can be seen from Fig. 10, where the time-averaged
torted flow. The observation is relevant to both blade flutter chgsressure distributions on the pressure surface at 90 percent span
acteristics in distorted flows and forced response predictiorsgction of two case&vibration in clean flow and vibration under
where aerodynamic damping is often assumed to be completelyo-node mode inlet distortiorare presented. There are two is-
decoupled from the forcing distortion and is evaluated at a cleanes worth being noted here. The first is that results from single-
flow condition. passage solution agree very well with multiple-passage solution
In order to gain an insight into the interaction mechanism bevhich again demonstrates the capability of the current shape-
tween the two disturbances, i.e., blade vibration and inlet distarerrection method in predicting unsteady time-mean flow under
tion, two further calculations are conducted for the case subjectrtaultiple disturbances. Secondly, the time mean flow under the
the distortion with the longest distortion wavelength-node inlet distortion is changed remarkably. As shown on Fig(bL0
mode which has apparently a strong nonlinear effect. Given the location of the passage shock is moved forward about 10
linear aerodynamic damping characteristics in a clean flow congiercent of chord length. While in the pure torsion case, the time-
tion (Fig. 6), one would ask whether or not the unsteady pressurageraged mean flow is very close to the steady state and the mean
due to the blade vibration would still behave in a linear manner passage shock is almost at the original steady position, keeping
such a distorted flow condition. The linearity is checked by twwith a linear behavior.
more calculations with different blade vibration amplitudes. The Finally regarding the consumption of the computing time of the
CP, distributions at three blade torsional vibration amplitudes apresent calculations, the shape-correction based single-passage so-
shown on Fig. 9. The results generally agree very well with eaditions reduced CPU time by a factor of 5—10 times saving com-
other except for the imaginary part at the near the trailing edgared to the direct multi-passage solutions.

CP,(ReaI) CP (Imag)
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Fig. 9 First harmonic pressure coefficient distribution (1-node inlet distortion with different torsion amplitude )
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a right time-mean base flow can be provided. [18] He, L., and Denton, J. D., 1994, “Three-Dimensional Time-Marching Inviscid
and Viscous Solutions for Unsteady Flows Around Vibrating Blades,” ASME
J. Turbomach.116, pp. 469—-476.
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Fundamental Design Issues
of Brush Seals for Industrial
Applications

Advanced seals have been applied to numerous turbine machines over the last decade to
improve the performance and output. Industrial experiences have shown that significant
benefits can be attained if the seals are designed and applied properly. On the other hand,
penalties can be expected if brush seals are not designed correctly. In recent years,
attempts have been made to apply brush seals to more challenging locations with high
speed £400 m/s), high temperature<650 °C), and discontinuous contact surfaces, such

as blade tips in a turbine. Various failure modes of a brush seal can be activated under
these conditions. It becomes crucial to understand the physical behavior of a brush seal
under the operating conditions, and to be capable of quantifying seal life and perfor-

mance as functions of both operating parameters and seal design parameters. Design
criteria are required for different failure modes such as stress, fatigue, creep, wear, oxi-
dation etc. This paper illustrates some of the most important brush seal design criteria

Christopher Wolfe : ,
and the trade-off of different design approachf30l: 10.1115/1.1451847

Mark Florin

GE Power Generation,
Schenectady, NY 12345

Dynamic Seal Testing(90 cnY125 cm Rig

Introduction al T )
The GE Corporate Research and Development CEQBD) g(;u;::d iszpérig]n%’i;%gg?th’ and honeycomb seals

has been involved extensively for several years in the develop- 150 m/s

ment of advanced seals for turbo-machinery, focusing on applica- 0.69 MPa/ambient temperature air

tions in gas turbines, steam turbines, aircraft engines, industriaDynamic Seal Testing(125 mm Rig)

compressors, and generators. In particular, static seals have beerBrush, labyrinth seals

developed for gas turbine hot gas path junctions and steam turbine 350 m/s

packing ring segment end gaps. Brush seals have been developed-10 MPa/600 °C air

for gas turbine compressor and interstage locations, steam turbine8-27 MPa/450 °C steam

interstage and end packings, aircraft engine turbine locations, in-

dustrial compressor shaft seals, and generator seals. Abradable

seals are currently being developed for numerous gas turbine ap-

plications. Also, an aspirating face seal has undergone extensfvdirent Brush Seals Applications

testing and analysis for potential application in aircraft engines Brush seals offer an opportunity for significant reduction in

(Turnquist et al[1]). secondary leakage flows in rotating machinery. Brush seal devel-
In developing this array of seals for such a variety of applic@pment at GE Power Systems began in the early 1990s. Building

tions, several design tools are used, including analytical equatiof8, the GE aircraft engine development for the GE90 engine, ini-

numerical method$FEA and CFD, statistical methods, and em-tial work was focused on gas turbine applications. Technology

pirical data obtained from several test rigs. In particular, a unig@i§V€loPment continues to leverage aircraft engine applications

. o - . nd power generation turbine applications, as well industrial com-
seal testing facility has three test rigs that are instrumental ngessor applications.

quantlfylng_ the perform_anc_e and_behawor of advanced seg_ls_ Por'I'ypical brush seal designs for steam and gas turbine applica-
turbomachinery. Following is a brief summary of the capabilitie§yns are shown in Figs. 1 and 3. The seal consists of a bristle
of each of the three test rigs: pack, welded at the outer diameter to the side plates. The down-
Testing Capabilities stream plate is the backing plate, which provides structural sup-
Static Seal Testing(“Shoebox” Rig) port for the bristles. The forward plate protects the bristle pack
Brush, cloth, labyrinth, and honeycomb Seals from the incoming flow, and from handling damage during instal-
3.10 MPa/600 °C air lation. Installation in a turbine on a retrofit basis typically requires
the removal of a rotor land. This is necessary to maintain the axial
clearance between the brush seal and the neighboring lands, be-

Contributed by the International Gas Turbine Institute and presented at the Intgts ; ; ; ;
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, LOEE‘:IUSE a brush seal that is capable of reliably sealing against the

- . . . : .
siana, June 4—7, 2001. Manuscript received by the IGTI, February 27, 2001. Paﬁ!gh pressures present in industrial steam and gas turbines typi-
No. 2001-GT-400. Review Chair: R. A. Natole. cally requires more axial space than a simple labyrinth seal tooth.
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Stator
(Segmented)

Forward Plate

Backing Plate Bristle Pack

Flow
Direction

Stator { :

Fig. 1 Typical brush seal designs for
gas turbine applications

(a) steam turbine, and (b)

Steam Turbine Applications and Performance Benefits

Brush seals result in significantly reduced leakage when com-
pared to typical labyrinth seals. Leakage rates for a variety of
brush seal assembly clearances are shown in Fig. 2 compared to

(&)

typical labyrinth seal. This data comes from a number of test rigs (&}

with test capabilities that include pressures of 3.10 M&a or

8.27 MPa(steam, 600 °C, and 350 m/s surface speeds. In addkig. 3 (a) Typical steam turbine brush seal packing ring as-
tion to reduced leakages, the brush seals are not damaged ky¢rbly. (b) 7EA gas turbine HPP brush seal after 22,000 h of
rotor excursion such as would typically result in rubbed labyrintbperation.

teeth: the performance improvement is sustained in a way that is

not possible with rigid labyrinth teeth. Typical performance ben-

efits compared to new labyrinth seals are shown in Table 1.

Gas Turbine Applications and Performance Benefits

About 205 brush seals are currently operating in about 70 GE
gas turbines, nine of which are instrumented for brush seal per-
formance monitoring. Sixteen of these have been operating since
1996 and 52 others since 1997. With this wealth of field experi-
ence, the designers are able to validate their design work. The
following are some examples from customer sites of the advan-

tages that brush seals provide:

Brush Seal Parformance = 125 mm Test Rig Data
(Single Stage Brush Seal)

—

E"‘"ﬁ'l'ypﬁcﬂ Labyrinth Seal

Warious brush assembly clearances
and designs

[x)

o 1P Suge 1 2 =
- #F m

Pressura Differental (MPa)

Effective Leakage as % of Lahy Seal Leakage

Fig. 2 Typical brush seal leakage data compared to a typical
labyrinth seal
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e Current fleet leader: Frame 7EA high-pressure-packiti®P

seal at 40,000 h.
 High-pressure-packingHPP) and no. 2 bearing brush seals
installed in a 9E in August 1996 provided 1.9 percéhb
MW) more power. The seals were inspected and reinstalled
after three years of operation and have now provided 4 years
of field data and monitoring.
» 7EA HPP brush seal resulted in 0.9 MW.1 percent MW of
additional power at installation and was still giving 0.6 MW
after 22,000 h3 yr). This seal is shown in Fig.(B) during
engine overhaul and was returned into the engine for next 3
yr. 7TEA 2nd stage turbine seal, which provides 0.4 percent
MW output increase, has operated for 20,000 h with no sig-
nificant degradation.

The current gas turbine brush seal installations have been per-
formed on E and F class Frame 3, 5, 6, 7 and 9 machines at
compressor dischargélPP), bearing and turbine interstage loca-
tions. Figure 4 shows advanced seal locations on a Frame 7EA.
Table 2 shows the percent MW and percent heat rate improve-
ments of different frame size gas turbines due to brush seals. Aksit
et al. [2] and Dinc et al[3] give more details of the advanced
seals currently applied. Chupp et ] gives more insight into
the developments at Siemens-Westinghouse.

Brush Seal Design Procedure and Analysis

The designer should be cognizant of the major mechanical de-
sign issues for brush seals. One of the key issues is the material
selection for the bristles and the rotor rub surface. The materials
must have enough wear resistance to meet engine durability re-

Transactions of the ASME
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Table 1 Typical performance benefits for brush seals

Turbine Class and Location Efficiency Benefit
Utility Steam Turbines (HP Section)
End Packings (multiple locations) 0.1-0.2% unit heat rate
Interstage Packing (multiple stages) 0.5-1.2% HP section efficiency; 0.1-0.2% unit heat rate
Industrial Steam Turbines
End Packings (multiple locations) 0.4 - 0.8% efticiency
Interstage Packing (multiple stages) 0.2 - 0.4% efficiency

quirements. The next key issue is the required radial gap betwesssign is completed, the next step is to integrate the seal into the
the backing plate and the rotor surface. The required gap is setdngine which requires another set of development steps to address
the transient growth characteristics of the rotor and stétue seal anti-rotation features, details of segmenting, stackup toler-
typical secondary flow/heat transfer/mechanical analysis)l@g ances, engine vibrations, mechanical closures, etc.

well as rotordynamic considerations. The rotor surface is not al-The prototype seal field installation, instrumentation, data col-
lowed to rub the backing plate. In this radial gap, the bristles alection, performance testing and the secondary flow optimization
unsupported by the backing plate. For a given bristle density, dising a by-pass piping system are the last steps before finalizing
ameter, and material, this sets the maximAR the seal can the seal design for production. During this process, design for six
withstand before the bristles begin to excessively deflect axialigma(DFSS methodology and transfer functions are used exten-
Once the bristles deflect excessively, the sealing advantage of sheely to achieve overall critical to quality parametdé3TQS.

brush seal is diminished. TheP requirement will determine seal Table 3 briefly describes the DFSS methodology.

bristle diameter, bristle density and even how many brush seals

are required for a given application. Another major issue is frid@esign Requirements and Criteria

tional heating. The bristles rubbing on the rotor surface will create

frictional heat, which must be properly dissipated through conveg. Setting seal design requirements and criteria is important in the
tion. The heat could lead to premature erosion of the bristles or i sign process. For example, acceptable levels of seal leakage,

the worst case, the seal could become thermally unstablethe seal design and operating stiffness, seal blowd¢deilection to-

- ; . . ard the rotor surface in the presence of flpallowable level of
frlctlonal_ heatln_g causes the rotor to grow rr_:\dlally Into _the statof al heat generation, bristle tFi)p temperatuﬂrgs rotor thermal stabil-
thereby increasing the frictional heating leading to additional rot c seal oxidation aﬁd creep requires a de:sp understanding of
growth, etc., until the rotor rubs the backing plate and the segl’ . . ! ' ) o
fails). Some of these issues are addressed by Soffughese ush seal dynamics and interaction with the engine system. Fig
mechanical design issues significantly affect what applications Al seal design limits or engine limits. Each data point in this

feasible for brush seals. . . . . A
First, the seal design is developed to satisfy the engine operf' ure is a possible seal design, but the acceptable design limit of

ing conditions. The interaction of the seal with the engine flow e seal orthe engine eliminates some of the possible seal designs.
system and its requirements are the second group of key issues.t . . -,

b)é addressed. Tr?e secondary flow analysisgis p%rformgd aro%ﬁ?abIISh Seal Operating Conditions

the sealing locations and the current flow requirements like wheelA good understanding of the operating conditions of the seal
space temperature, purge flow, cooling flow, etc., are satisfiddcation is needed at the beginning of the design process. Some of
Sub-scale endurance testing is done to validate the seal design tiiedkey operation conditions are pressure conditions, tempera-
establish seal degradation rate in the engine. As soon as the seds, surface speed, rotor material, rotor diameter, spacing, ther-

ure 5 shows how the seal design parameters interact with allow-

Fig. 4 Advanced seals locations on a Frame 7EA gas turbine
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Table 2 Additional power and heat rate improvements of dif-
ferent frame size gas turbines

32G +0.7%/-0.5%
32J +0.7%/-0.5%
51P +0.6%/-0.45%
61B +1.0%/-0.5%
71E,EA +1.0%/-0.5%
91E +1.0%/-0.5%
51N +1.0%/-0.5%
51P +1.0%/-0.5%
618 +1.0%/-0.5%
71E,EA +1.0%/-0.5%
91E +1.0%/-0.5%
71E +0.3%/-0.2%
91E +0.3%/-0.2%
52C +0.7%/-0.5%
52D +0.9%/-0.6%
71B +1.0%/-0.5%
91B +1.0%/-0.5%

* Combination of forward and aft seals
** HPP and #2 bearing seals combination required for
these machines

Table 3 A short description of the DFSS
methodology

(design for six sigma )

|

—

Capture the Voice of the Customer
Identify Customer CTQs, Technical
Requirements and Quality Target

System Design
Flow Down CTQs to Part Level (y's)
Y

Transfer Functions
Relate CTQs (y’'s) to Design Parameters (x's)

Design for Manufacturability
i, itivity to Mig Variati

—

A &
Design for Robust Performance |
inimi itivity to Design & O i
Variations [ Perform
T £,
DFSS Scorecard
i o; lterate to Meet Quality Target | nop ok

¥
Test & Validate
Assess Performance, Reliability, Mfg..

Not OK

l Predictive, statistical design, to achieve 6o during product development l

ox#

mal closures, etc. Figure 6 shows an example of a seal transient
axial and radial closures on the engine. After establishing these
conditions, the seal design process starts. During step-by-step seal
design implementation and integration into the engine, more de-
tails of the operation conditions are needed like the complexity of
the seal upstream flow, swirl, vibrations, and stack-up tolerances.

Seal Design Tools

A number of design tools have been developed to calculate
brush seal characteristics such as pressure capability, leakage, ra-
dial stiffness, bristle blowdown, and bristle natural frequency.
These design tools to evaluate the seal characteristics shown in
Table 4 are based on a combination of analytical equations, nu-
merical analysesfinite element analysis and computational Fluid
dynamic$, and empirical results. Where possible, tests are con-
ducted using ambient temperature air as the working fluid; how-

Seal Densily vs Seal Pack Stress Natural Freq vs Seal Design Stiffness Seal Stiffness vs. Heat Generation
150 e B T S R ._1_._
s —+—Saresa (0. 1rmm brst ) ; 1 A
3 125 \‘\ +—s—Stress (0.15mm Egi J//-‘ 3 ; 7}
% 100 \ = P 2 :j] =
i o
i Fi=1 - — —_-_: —— / - il ] i 1
i LA s el
g o e = E:?r-—r" - - % I T T p—Te—
E 25 __‘_-_-._"'f"_"- — . ' T+—Freg (0 rmbrat} i ~#— Haat 0 15 i bes|
. —s—Froq (0. 1 brist) | § '"‘;‘1 | I f i |
i} + B ¥ ¥ F T L T 1
E 500 B850 BOD 950 1100 1250 1400 1600 0 A B 2 12 115 18 0 3 8 2 12 18 18
Seal Density (# of bristie’om) Seal Dessgn SHitness (MPamm) Saal Design Stiffress (MPafmm)

Fig. 5 Examples of allowable design limits and interaction with the seal design parameters
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Fig. 6 Seal relative radial and axial transient closures
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Table 4 Seal ch teristi luated b ign tool i :
thE:g (?esign (F:‘;l’:logesi':lsrac eristics evaluate Yy deS|gn 0ols durlng Calculatnons Of Bristle
Deflection and Stress

Pressure capability S S — :';;“;:mm

Frequency T L[ Operating Seal Design || Can ange

Seal leakage Radial Closure Conditions Parameters ::::gy‘

Seal stiffness Controllable I_"l_' Modulus of efastiity

Seal blow-down *Bristle diameter Cantilever beam

Bristle tip forces and pressure stiffening effect :ge;ltg;cgllcedensny equation

Seal heat generation +Nurmber of stages J_

Bristle tip temperature Non Controllble Crosses, || datections | | Compare et

Rotor dynamics ence height —

Rotor thermal stabil e e

otor thermal stability - «Bristle material yield strength @ operating temp

Secondary flow and cavity flow *Bristle material elasticity modulus @ operating temp

Seal upstream protection _ _ _ , _

Seal HCF and LCF analysis Fig. 8 Flow diagram for bristle stress and deflection analysis

Seal oxidation

Seal creep _ _ S )

Seal wear tion of the fence height, which is limited by the expected radial
- - - movement of the rotor relative to the seal during engine transients

Solid particle 9r03|on (such as during start-up or shut-dowiThus, the design of an

Reve':se rotation effective brush seal hinges on thorough knowledge of the ma-

Seal life/ Long term chine’s behavior and operating conditions. The seal fence height

Performance predictions must be selected to allow for expected transients, and the bristle

Oil sealing pack design(diameter, pack thickness, free radial hejgihtust

then be designed to handle the expected pressure loading without
having excessive radial stiffness and the resulting heat generation
_ and rotor dynamics issues.

ever, tests at elevated pressufes8.10 MPa are conducted in a  Ag expected, tests at elevated pressures reveal the point of
superheated steam environment. In the 125-mm-rotary seals {ggkimum bristle stress to be adjacent to the backplate corner,
rig, seal leakage has been measured at pressures as great asyfhéfe the bending moment on the bristles is a maximum and
MPa. Testing at pressure levels such as these is necessaryyf@re there exists a stress concentration at the point of bristle to
evaluate brush seal pressure capability, which is essentially eSt@Qckplate contact. Furthermore, this stress is a very strong func-
lished by the stress levels in the bristles themselves. The followiggn of the fence height, which is limited by the expected radial
section will describe more details of some of the design tools. mayement of the rotor relative to the seal during engine transients

o (such as during start up or shut dowiThus, the design of an

Seal Pressure Capability effective brush seal hinges on thorough knowledge of the ma-

Pressure capacity of a brush seal is one of the most importghine’s behavior and operating conditions. The seal fence height
design parameters. In the bristle pack, all bristles are cantilevBpst be selected to allow for expected transients, and the bristle
beams held at the bristle pinch point by a front plate and supack design(diameter, pack thickness, free radial hejgiiust
ported by the back plate. From a loading point of view, the bristiégen be designed to handle the expected pressure loading without
can be separated in to two portiofghown in Fig. 7: The lower having excessive radial stiffness and the resulting heat generation
part, fence heightbetween the rotor surface and the seal backd rotor dynamlcs_ Issues. _
plate inner diameter, and the upper part, from back plate ID to theTests run at various levels of bristle to rotor clearance allow
bristle pinch point. The radially innermost portion carries the mairistle blowdown to be inferred. Additionally, tests using thermal
pressure load, which is the main source of the seal stf@ssn imaging to measure seal and rotor temperature distributions in the
[6]). Figure 8 shows a flow diagram of the seal stress and defld5-mm-test rig have allowed the validation of previously derived
tion analysis and the controllable and the noncontrollable desighysical relationships for brush seal heat generation. Bristle natu-
parameters. ral frequency is significantly more difficult to measure. Currently,

As expected, tests at elevated pressures reveal the pointadglytical equations are depended upon for estimates of bristle
maximum bristle stress to be adjacent to the backplate corneatural frequencies. _ _
where the bending moment on the bristles is a maximum andLeakage characterization of brush seals typically consists of a
where there exists a stress concentration at the point of bristleSgyies of tests at varying levels of bristle to rotor interference or

backplate contact. Furthermore, this stress is a very strong fuéearance; typical examples are shown in Figs. 9 and 10. While
static (nonrotating tests are run to obtain a general idea of seal

leakage and pressure capability, dynafnatating tests provide a
Front Plate truer measure of seal behavior. Rotating tests also reveal the ef-
P | fects of the seal on rotor dynamics, an important consideration for
o ' steam turbine rotors that can be sensitive to radial rubs due to
lii potentially non-uniform heat generation. In both static and dy-
namic tests, mass flow is measured as a function of seal pressure
differential, and seal effective clearance is then calculated based
on the rotor diameter. By measuring baseline seal leakage in a
line-to-line (zerg assembly clearance configuration, bristle blow-
\ down for varying levels of assembly clearance can be inferred
Back Plste  from the corresponding sets of leakage data.
As mentioned, steam turbine rotors can sometimes be particu-
Fig. 7 Pressure forces acting on the seal bristle pack larly sensitive to rubs, owing to their solid shaft construction. By

Rotor
Surface"
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srush Seal Performance — 125 mm Test Rig Table 5 Gas turbine system level secondary flow and perfor-

mance analysis
(Single-Stage Seal) Line-to-Line Gas Turbine System Level S Sice Pl Poito Analysis

]| ! New Service Producis

|
T

L TR ALY

vl W B
{ Dynarmio daia (12000 rpm) 4

| | Ii || 1 1 1 1 1 1
] 2 3

Pressure Differential (MPa)

"W

=

Effective Leakage as % Laby Seal Leakage

Fig. 9 Seal line to line leakage characteristics as a function of
seal AP (y scale shows the ratio of brush seal leakage to laby
seal leakage )

monitoring rotor vibrations at speeds close to the first and second,.. : : S . -
o ; - - in rodynamic analysiare all maintained in an optimiz
critical speeds of the flexible rotor in the CRD test rig, the sealpLﬁib e aerodynamic analysiare all maintained in an op ed

offect on rotor behavior can be evaluated and the seal can nvironment. A brief description of the process is given in Table 5.

fi d for th timal bal betw leak f he point that this chart displays is the interaction of the seal
configured for the optimal balance between leakage per ormar}ﬁgsign on the secondary flow system and the related components.
and rotor dynamic behavior.

In nearly all cases, one can not simply restrict the flow with brush

. F_lnally, Ieaka_lge, blowdpwn, and heat generation data_obtamg als as some leakage is required for part cooling, purge flow or
in rig tests are integrated into analytical tools used to design bru§ e other useful and critical need. In many cases, the current
seals for new appllcgtlons. Transfer Functions are either der'vﬁ%chine sealing design provides excessive cooling; Flowever, the
lfr?_m lthe tef‘.t data ((jjlreclt_lé/, tOEjtthhey arﬁ tde\t/_eloped based on aHish seal is overly restrictive. The seal design must reflect this
ylical equations and valldated through testing. and/or the secondary flow system design must be altered to accept

the advanced sealing of the brush seal but still maintain the re-
Secondary Flow and Cavity Flow Analysis quired cooling/purge flow requirements. Failure to do so could

. . . r(?sult in decreased part life leading to part failure.

By definition, the brush seal is designed to control the second-ag gn example consider a part downstream of a typical seal that
ary flow system of a turbine machine in such a way as to redu@%uires 2.27 kg/s of cooling flow to maintain acceptable part life.
the chargeable flow and improve machine performance. As SUgflyrent sealing provides 4.54 kg/s of cooling, an excessive
in order to effectively control the secondary flow system a segl,qnt, A normal brush seal design could restrict the flow to 1.0
designer must fully understand the secondary flow system and s, an amount that would severely affect the part life. With the
concurrent effects of changing the flow balance. In Table 5, thgyimized secondary flow system analysis either a bypass flow of
level of integration of the secondary flow system is detailed. A§,er cost air or a seal design that would provide the required

the diagram shows, not only is the seal impact to the baseliB87 /s could be utilized and still retain the performance benefit

turbine performance considered but the impacts over operatifger the original sealing. Without in-depth knowledge of the ac-
condition variation(cycle deck as well as the effects on down-

; . tual machine needs and machine operation, one cannot simply
stream turbine componentstructural and heat transfer analysisgesign an acceptable seal to solve the dichotomy of stable part life

and performance benefit.
The end point is that the brush seal design is not simply a
EFFECTIVE CLEARANCE separate design but a part of an integrated secondary flow analysis
and optimization.

0.00 0.25 0.5 075 1.0 , L
Assembly Clearance (mm) Design Verification

&
in
& 1
&

-3
B T2
§| AP (MPa)
g —l—-—.1 3 Seal Procurement and Functional Requirements
E J_l_';s During §ea| manufa_lcturing, the process cap_ability _of the seal
- 'ﬁ (1 F = vendor is important with respect to manufacturing variables such
F :a as the welding requirements and tolerances on key dimensions.
E [M-%36 5 f For example, the seal stiffneswhich effects bristle tip forces,
=4 | seal heat generation, seal wegr a cubic function of the bristle
-5 a4 — i [ free length. A small change of the free length may double the seal
! stiffness. An understanding of design sensitivity to variables such
5 as this is very important, as is the ability of the manufacturer to
control them. Seal procurement details and functional require-
é | ments have to be very thorough to ensure quality parts.

Fig. 10 Leakage characteristics of a typical seal under seal After completing the design, the _pro;otype engine installe_ttion,
interference and clearance conditions  (y scale shows the ratio ~ and pre and post-performance testing is the last and most impor-

of Brush seal leakage at a specified condition seal line-to-line tant step of the design process to validate and tune the seal design
leakage) before commercialization of the hardware. Figure 11 is an ex-
298 / Vol. 124, APRIL 2002 Transactions of the ASME
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Fig. 11 7EA machine HPP brush seal field data during 22,000 h of operation: (from top left corner, clockwise ) brush
seal clearance due to wear versus labyrinth seal clearance due to rub, brush seal flow versus labyrinth seal flow,
additional kW-h saving of the brush seal in the sealing system, brush seal performance degradation over 3 yr (as new
seal provided additional 1.1 percent MW, after 3 yr provided 0.7 percent MW, seal returned to the machine after engine
overhaul for additional 3 yr service the seal during overhaul is shown in Fig. 3 (b))

ample of the field test data from a 7EA gas turbine high pressumgllion h and 10,000 starts. Brush seals have been installed in
packing(HPP seal test showing seal performance over time. seven commercial steam turbines to date. This includes two indus-
trial units and five large steam turbines, with various combinations

Field ExperiencgTechnology Maturation of interstage packing, end packing and bucket-tip brush seals. The
fleet leader has been running successfully since early 1996. In

More than 200 brush seals have been installed in gas turbin
The flset leader has been in service for about 40,000 . The fQﬁdltlon brush seals have been tested in the highly instrumented

units had their 24,000 h inspections in 1999. In most of the cases,
the brush seal wear was acceptable and the brush seals were re-
turned to service. In all of the cases, the rotor wear was |nS|gn|f|- Table 6 Brush seal technology status /milestones
cant. The gas turbine brush seals have accumulated about 2
g Transuent Capability/Stable Brush Seals;

From current seals to 3-5 times dynamically
more aggressive engine seals.
High Surface Speed;
From 120 m/s of AE seals to 244 m/s of GT
seals, now moving to 500 m/s.
| High Pressure Loading;
From 0.69 MPa two stage seals to 2.76 MPa
single stage seal design, now moving to higher
AP multi-stage seal designs.
| High Swirl Flow Field;
Swirl ratios of current applications are 0.3, now
moving to 0.6 — 1.2 region.
Air Temperature;
From 370 °C to 650 — 1000 °C temperatures.
Seal Life and Durability;
GT fleet leader w/40,000 field hrs w/minimum
degradation.
ST fleet leader 28,000 hrs w/minimum
degradation.
(&) Rotor Surface;

_ _ ) _ Ceramic coated AE rotors to uncoated GT and
Fig. 12 (a) Previous version of a seal from the engine after ST applications

about 1000 cycles; (b) new and improved version of the seal Int ted surf bucket i
after 2000 cycles at the same location on the similar engine nterrupted surface at bucket tip seals.
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steam turbine test vehicle in both interstage and bucket-tip loaddees not exist, long term engine performance benefit will not be

tions; tests in the end packing locations are planned for eadghieved and major problems may be encountered.

2001. Results of performance tests matched predictions, validatTable 6 is a brief summary of where the brush seal technology

ing the system performance prediction tools. is being driven. Brush seals offer significant performance benefits
Figure 12 shows brush seals from two similar engines aftdrough leakage reduction, and these benefits have been shown to

about 1000 and 2000 cycles of operation, respectively. Figube sustainable. Information and experience from a broad range of

12(a), which is version 1, shows significant bristle pack damagapplications, i.e., steam turbines, gas turbines, aircraft engines,

due to very turbulent upstream flow, and the othetbi2s an and compressors, combined with development facilities aids sig-

improved and successful version at the same location from arificantly in design and implementation of brush seals for indus-

other similar engine. This example shows that brush seal technivial turbines.

ogy is implemented and matured by many design, analysis, com-

ponent test and instrumented engine tests. Every lesson learpgderences

from hi in the next step.
om each is used e next step [1] Turnquist, A., Tseng, T., McNickle, A., and Steinetz, B., 1999, “Full Scale

lusi Testing of an Aspirating Face Seal With Angular Misalignment,” AIAA Paper
Conclusion No. Paper 99-2682.

; T i 2] Aksit, M. F., Bagepalli, B. S., Demiroglu, M., Dinc, O., S., Kellock, I., and
Brush seals provide a significant performance improvement for[ Farrell, T., 1999, “Advanced Flexible Seals for Gas Turbine Shroud Applica-

industrial gas turbines. However, if they are not designed correctly jons » AIAA Paper No. 99-2827.

or integrated properly into the engine, the engine will face two[3] Dinc, S., Turnquist, N. A., et al., 1998, “Brush Seals in Industrial Gas

potential problems. First, it can loose the performance gain very Turbines—Turbine Section Interstage Sealing,” AIAA Paper No. 983175

quickly due to premature seal failure. Second, the main parts of* ¢huep. R. E., Prior, R. J., Loewenthal, R. G., Menendez, R. P., 1997, “Ad-
. X . vanced Seal Development for Large Industrial Gas Turbines,” Paper No. AIAA

the engine downstream of the seal can suffer due to insufficient 97.5731, presented at 33rd AIAA? ASME/SAE/ASEE Joint Propulsion Con-

cooling air. Particularly for the second case, expensive hardware ference & Exhibit, Seattle, WA, July 6-9.

like buckets, nozzles, and wheel space cavities will run hotter and?®] Soditus, S. M., 1998, “Commercial Aircraft Maintenance Experience Relating

; : ; ; B ; : to Current Sealing Technology,” AIAA Paper No. 98—3284.
will consume their design service life. Brush seal |nstal!at|onsé6] Chen, L. H., Wood, P. E., Jones, T. V., and Chew, J. W, 1999, “Detailed
require a full understanding of the engine transient behavior, and ™~ gxperimental Studies of Flow in Large Scale Brush Seal Model and A Com-

cooling flow and temperature requirements. If this knowledge parison with CFD Predictions,” AIAA Paper No. 99-GT-281

300 / Vol. 124, APRIL 2002 Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Compressor Discharge Brush Seal
for Gas Turbine Model 7EA

Single-shatft, heavy-duty industrial gas turbines are extremely sensitive to compressed air
bypassing at compressor discharge plane. This plane represents the highest pressure
location in entire gas turbine unit (GTU). Standard method to minimize compressed air
leakage is labyrinth seal that is integral part of the cylindrical element here called “inner
barrel.” The inner barrel is also the part of compressor discharge diffuser. This paper
describes the efforts related to conversion of standard labyrinth seal into the hybrid seal
that is combination of labyrinth and brush seal®0I: 10.1115/1.1457456

Steve Ingistov
BP/WCC Los Angeles Refinery,
Carson, CA 90749

e-mail: ingissg@bp.com

Introduction  Provide cold brush clearance equal to new labyrinth seal ra-

Watson Cogeneration Compati/CC) Plant is located in Los dlgllclgarance
Angeles Refinery, Carson, California. The Plant is comprised of* Minimize number of brush seal segments
four GE-made gas turbines model 7EA. The steam generated i} Ensure life expectancy of 40,000 h
heat recovery steam generatdRSG is sent to refinery and  * Optimize the cost and delivery time
also two Dresser Rand-made steam turbines gener&&dr§). : i P ; ad-
The plant was started during the fall of 1987, In the following, the criteria and guidelines listed are described:
The first major inspection was performed on GTU No. 3, Mar. « Re-use of the inner barrel—typical brush seal design re-
1993. The inner barrel was replaced with a new, spare inner barrel quires grooving of the wall. Stress calculations did not permit
because the labyrinth teeth were badly worn out. Initial calcula- radial groove machining because the marginal integrity of the
tions indicated that for measured labyrinth clearances the com- (adial wall.
pressed air bypassing caused a power loss of approximately 2.50 keep all labyrinth teeth—the philosophy behind this crite-

MW._The original eq“‘p”?e”‘ manufapturéDEM) was ask_ed to rion was that in case of brush seal failure the labyrinth would
provide removable labyrinth. OEM did not offer at the time re- take over the role of the brush seal.

m0\_/able labyrinth; however, they informed WCC that they were , Maintain the integrity of inner barrel —drilling of the bolt
testing a prototype brush seal. The brush seal would be offered to hol hini f th d of shell t not )
Users in 18-mo period. WCC contacted Entity other than OEM. oles or any machining ot the end ot shell must not compro
This entity never manufactured heavy-duty industrial gas turbines. mise the _strength of the wall. . .
WCC provided them with operating parameters required to design® D€Sign single brush—seal—this requirement was based on
a rugged brush seal capable to take heavy compressor rotors ex- definite I_ack of available space. The air pressure ratio across
cursion during planned start-ups, shutdowns, and unwanted shut- the sealing elements exceeded 2.0. This high-pressure ratio
downs. Unwanted shutdowns are dangerous because compressorindicates air sonic flow and its choking as a result. Single
rotor having big mass is slow to cool and the portion of inner brush seal exposed to before-described air pressures and
barrel around the compressor rotor is quick to cool having small flows must be able to withstand the aerodynamic forces tend-
mass. The result of sudden differential expansions and contrac- ing to “sweep” the bristles downstream in axial direction.
tions is inevitable loss of fixed labyrinth teeth height.  Locate brush seal in front of labyrinth—this requirement
resulted from requirement nos. 1, 2, and 3. The packaging of
] the seal in axial direction was challenging task. OEM-
Brush Seal Design and Manufacture imposed axial clearance between the compressor rotor and

The entity, hereby called Seal Manufacturer, that accumulated the end of the inner barrel had to be maintained.
remarkable experience in manufacturing the brush seals for their Keep rotor-to brush seal axial gap—this requirement is in
aircraft GTU type was contacted during Aug. 1995. line with requirement no. 5 and it became obvious that the
A feasibility study was initiated and the initial results of this  end of the inner barrel had to be machined to accept the brush
study were quite encouraging. The Seal Manufacturer expressed seal holder. In addition a retaining ring or brush cover ring
concerns related to compressor rotor displacements, rotor-to-stator holted to the brush holder had to fit within allowed axial
axial differential movements and the inner barrel diameters space.
concentricity. ) * Provide cold brush clearance equal to new labyrinth seal
WCC had a spare inner barrel to send to the Seal Manufacturer raqija| clearance—this criterion was of fundamental impor-
for necessary measurements to accept the new brush seal. WCC,,.0 \WCC did not have enough time to harden the rotor

prepared the guidelines and criteria for design of the brush seal: area facing the proposed brush seal. In addition, significant

« Re-use the old inner barrel rotor radial migrations precluded the “aircraft approach” that
» Keep all existing labyrinth teeth is the bristles of the brush seal contacting hardened rotor
e Maintain integrity of inner barrel surface. If the contact brush bristle-to-the rotor surface is
« Design single brush seal 0.001 to 0.002 in. interference generated friction heat will
* Locate brush seal in front of labyrinth wear the bristle tips and the rotor contact area may be dam-
« Keep rotor-to brush seal axial gap aged.

e Minimize number of brush segments—this requirement

Contributed by the International Gas Turbine Institute and presented at the Inter- \ya5 hased on ease of installation and eventual removal. Two
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Loui-
siana, June 4-7, 2001. Manuscript received by the IGTI, January 24, 2001. Paper segments for the bOttom half and one segment for the upper
No. 2001-GT-410. Review Chair: R. A. Natole. half of compressor casing.
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» Optimize life expectancy of 40,000 h-this predicted life ISERT
expectancy is rather conservative keeping in mind that for 7 RING
steady-state conditions and under the full/base GTU load
brush bristle barely touch the rotor surface. In other words the
rotor surface facing the brush seal should be slightly bur-

nished.

Optimize the cost and delivery time—the cost to fabricate
first, prototype brush seal involved complex engineering cal-
culations and potential brush integrity tests. Later on it was
decided to forgo the integrity tests because of lack of time.
Delivery of the prototype brush seal became main concern to
have the brush seal ready for October 1996 GTU Major In-
spection.

Operating Constraints

The Seal Manufacturer that WCC selected to design and manu-
facture prototype brush seal needed sufficient amount of data and
information to start engineering efforts. Compressed air tempera-
tures and pressures typical variations during GTU controlled st t:?
up mode are shown in Fig. 1. Compressed air temperatures and
pressures variations during the GTU controlled shut down mode

are shown in Fig. 2. . . .
. . . ime the inner barrel having much smaller mass than the compres-
Both Figs. 1 and 2 show the changes in compressor d'SCha%% rotor will cool fast and virtually pinch the rotor. The labyrinth

e
parameters. The rate of change is noticeable in case of controI% th will contact the compressor rotor and the rub is therefore

GTU shut down. Note the steep temperature drop from 520 1o ; 2 : T
120°F during essentially 10 min period of time. The temperatun" itiated. The labyrinth teeth rotor rubbing is especially significant

drop is especially important because in that particular period

. 3 Sketch of compressor discharge labyrinth and “insert

Fring unscheduled GTU shutdown from the base load. Major
oss of labyrinth teeth will happen during unscheduled shut down

of GTU.
The sketch of the inner barrel labyrinth is shown in Fig. 3. Note
[ cees Typical Unit Start-Up I the “insert ring” that was installed by OEM to extend the inner
Compressor Discharge Pressure and Temperature vs Time barrel. The extension was necessary to accept redesigned,
700 P — shrouded 17th stage stator blades. The sketch also shows average
ML A enpeniur =™ pressures and temperatures of compressed air at compressor dis-
28 l'i —~~ 1% charge plane. Typical labyrinth clearances are show in “as-new-
E-—- ] ey /. 120 i condition.” . . .
wE % The aforementioned operating constraints are accurate for con-
- 0 trolled start-up and shut down. In case of electrical fault, when the
7 % breakers suddenly open the GTU is instantaneously unloaded and
L S B A SR all elements inside the machine are exposed to some kind of the
2 | thermal shock. WCC could not provide the brush Seal Manufac-
- :{‘“ﬁ>! turer with sufficient data reflecting the unwanted shutdown condi-
B e e e ] tions. The conservative approach was therefore necessary in de-
imms‘mm% e signing the t_arush seal with radial clearances matching the new
i ; labyrinth radial clearances.

Labyrinth Seal Performance

Fig. 1 Compressor discharge pressure and temperatures To assess the power loss due to parasitic airflows via the com-
pressor discharge labyrinth seal the air leakage was computed
using well-known equations shown in Appendix. OEM estimates

z for power loss were also used and compared by independent cal-

Tyl TNt e culations. It is important to note that the calculations were done on
2 S o RO e the basis that the airflow in the last labyrinth tooth is essentially
- [T — i~ A choking. ThIS. assumption is vallq since th'e air pressure ratio
Ry = across the existing labyrinth teeth is exceeding 2.0.
" YA The compressed air leaking into the inner barrel cavity contin-
e E}.__u o ¢ ues from there to leak into the turbine first stage. It cools the
i ‘» : :
3 g turbine forward wheel space and it also prevents hot gases back-
- \ = flow into the inner barrel cavity. The “inner barrel” air stream
10 1 \:-— » mixes with hot gasses. The enthalpy of the gas/air mixture is
0 AABAA AL LA o1 y 0 therefore slightly reduced. In the case when the inner barrel laby-
S W IS N 2B N ¥ N & N8 . . L . ° .
rinth is worn out, significant amount of relatively cdléi80°F air
e o ! will mix with the gas stream lowering enthalpy of the mixture.
BTSRRI T ST E 2221 The loss of the mixture enthalpy will negatively influence the heat
Tsbioe Lood in MW Tebine Speed % rate (BTU/KW-h). _ _ _
Figures 4—7 show that increased labyrinth radial clearances
will:
Fig. 2 Compressor discharge pressure and temperature dur- * Increase air leakage into “inner barrel”
ing controlled shutdown * Reduce the power output
302 / Vol. 124, APRIL 2002 Transactions of the ASME
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Compressed air leakage ( Ibs/hr ) as a
function of radial clearance
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g. 4 Air leakage as a function of radial clearance

Loss of Power in MW as a function of
radial clearance
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Fig. 5 Loss of power as a function of radial clearances

Heat Rate Increase as a function of
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Fig. 6 Heat rate increase as a function of radial clearances

Revenue losses in M dollars per Plant per year
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Fig. 7 Loss of revenues in dollars as a function of radial
clearances

Journal of Turbomachinery

* Increase the heat rate
¢ Reduce the revenues

Increased air leakage is shown from as-new clearance of 0.030
in. to worn-out radial clearance of 0.120 in. Note that at 0.030
inches radial clearance there is definitely air leakage too, however
for the purpose of comparison the air leakage into the “inner
barrel” was labeled as “zero” or a reference point.

Increased radial clearances will have negative impact on GTU
power output. OEM-published data indicate loss of approximately
1.0 MW in case if original radial clearances are increased from
0.030 to 0.060 in. Major Inspection of GTU revealed that the in
some placegaround horizontal split linethe labyrinth clearances
were as large as 0.100 in. The excessive loss of labyrinth teeth
around horizontal split line can be attributed to differential ther-
mal expansion of inner barrel cylinder ¥nandy directions. This
phenomenon was observed in all four GTU.

Increase of labyrinth radial clearances will have negative im-
pact on GTU heat ratéBTU/KW-h). For example if the radial
clearances are increased from design 0.030 in. to actual 0.060 in.
the incremental heat rate will be 80 BTU/KW-h. It is important to
remember that the heat rate is calculated for the fuel low heating
value. If the fuel is natural gas the correction factor is 1.1 or 10
percent to obtain fuel high heating value.

The air that leaks form compressor discharge via the inner bar-
rel splits into two streams:

» Bearing no. 3 stream
 1st stage wheel space forward stream

Bearing no. 3 is situated between compressor and the turbine. It
is protected by special heat shields. The bearing housing is also
provided with a set of outboard shaft labyrinths that serve to re-
tard “inner barrel” air leakage into the bearing cavity. The air
pressure gradients allow some amount of “inner barrel” air to leak
via labyrinths into the bearing cavity, mix there with the purge air
(originating from 5th stage of compressjoand exit into sur-
rounding atmosphere via special coaxial pipes. The loss of the
mixed air streams is therefore irreversible.

1st stage wheel space forward air stream is significantly bigger.
It serves to purge and cool the wheel space. It also serves to
maintain 1st-stage wheel/disk temperatures within recommended
limits. This stream mixes with incoming gases and enters the first
row of rotating blades/buckets. It cools the gas and it lowers the
gas enthalpy. In case when the air flow, from the inner barrel, is
excessive it may distort the gas temperature profiles affecting the
life expectancy of the blades, nozzles and other turbine elements
in the gas path. This air stream is however recaptured in the tur-
bine 2nd and 3rd stage.

The loss in revenues in thousands of dollars is shown in Fig. 7.
The losses of revenues were computed for all four GTU operating
under base load for 8,000 h per yr. The price of natural gas was
assumed 2.50 dollars per 1000 cu ft. Presently, the gas prices are
significantly higher. The cost of project to fabricate and install the
compressor discharge brush seals in front of existing labyrinths
was spread out for the period of 10 yr. The rate of return was
calculated close to 44 percent. Present, escalated natural gas
prices will significantly increase the rate of return.

Operating Experiences and Results

First brush seal assembly was installed into GTU no. 3 during
October 1996 scheduled Hot Gas Path Inspection. Finalized brush
seal design is shown in Fig. 8. This particular design was result of
intensive technical cooperation between WCC and brush Seal
Manufacturer.

The first brush was in continuous operation until Mar. 1998
major inspection. The seal was removed from the inner barrel and
examined for the following possible damages:

* Bristle wiring wear
* Bristle wiring bending
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Table 1

GTU No. Date Hours@ base | Comments
installed load
3 10/1996 33,000
4 1/1997 31,250 Failure
11/2000
2 3/1997 30,000
S, 1 5/1977 28,500

lack of data that only OEM may possess. The compressed air that
leaks through the brush seal and the back-up worn-out labyrinth
seal teeth essentially is at constant temperature because its flow is
isothermal. The flow is at constant air enthalpy, though small tem-
perature corrections can be made to account for Joule-Thompson
effect.

Published data from OEM with their brush seal design indi-
cated temperature drops up to 50°. This information was received
much later after installation of first WCC brush seal.

Fig. 8 Brush seal installed in front of inner barrel labyrinth

. Br_istl_e wiri_ng tapering The OEM-manufactured brush seals are installed between the
* Missing wires labyrinth teeth. Special radial groove is machined in the wall to
* Stray wires ] house the brush seal holder. The wall radial thickness is larger
+ Cover plate waviness than original inner barrel wall thickness to compensate for the
* Missing cover plate screws stress concentrations.

The brush seal was found in satisfactory condition. The bris Table 1 shows the installation dates of compressor brush seals.

loss due to wear was found in the vicinity of horizontal split line, edfgilu_re oLthe br.UShC;S_‘I?SI _installe_d in_?hTUf r_llo. 4 Was_d_is_cov(;
This wear pattern is an indication that the inner barrel does ngﬁe h ”fr".‘lg t efroatlne |nspe€t||(()j(1. ﬁ ailure Wal‘s |n|j[|at$]
grow uniformly during GTU start up or shut down. Severe ellip?y the a_'l_‘rj_‘re of the lcap _sc_rew; fo mgftrt‘e cover pﬁte n ItI e
tical deformations can be expected during unwanted GTU shi2sition. The cover plate is in the form of the ring with equally
; spaced screw holes. It serves to retain the seal in its slot. Once the
down when operating under full load. failed th late/r hed X he 17th
To assess the performance of the brush seal when the TIPS failed the cover plate/ring was pushed against the 17th-stage

under fulllbase load, the following parameters were monitoreﬁator blades. Onrush of compressor discharge air forced the cover
p

and recorded before and after installation of the brush seal: ate to fret and cut the stator blades. .
There are 72 machine, flat head screws holding the cover plate

« Ambient air pressure, temperature and relative humidity  firmly bolted to the “inner barrel’(refer to Fig. 8. The holding

» Compressor air discharge pressure and temperature screws are aircraft type, they are American Standard Slotted Un-
e Compressor air flow dercut Flat Head Machine Screws, ASA B18.6.3-1962, size no. 3
* Air pressure and temperature inside inner barrel made from carbon steel. Size No. 3 machine screw diameter is
« First wheel front space air pressure and temperature 0.099 in. The carbon steel tensile strength is approximately
e Thrust bearing metal temperature 150,000 pounds per square inch. In order to fail each screw had to
» Bearing No. 3 metal temperature undergo average tensile force equal to 185 pousiiess factor of

« Fuel gas composition, pressure, temperature, and flow  2.50 useg@l Or total tension force equally distributed around the
ret@ining plate of 11,840 Ib. Examination of the brush seal “free

The wheel space air temperatures were monitored and recor_%% y diagram” indicates that the tension forces in the holding

yrces. The calculated moments are 7,460 in.-lb. The pressure dif-

charge may be significantly reduced. The air pressure inside {@g. iais acting on the brush seal and the back-up plate are caus-
Inner barrel may the_n drop below the gas pressure in the turb'fﬁ axial forces equal to approximately 3,240 Ib. The foregoing
Erstksgflge of eann_smn. lljn thel worst C?ﬁe rl;ot,kczrrosn;ehgas reviated calculations indicate safety factor in original design of
ack-flow into the Inner barrel cavity. The back-flow of hot ga ,840/3,240 or 3.65. It appears therefore that the original design
can inflict serious damage to mechanical integrity of bearing 0@ s fficient. The cause of the failure is either inadequate mate-
an_lqoulgp;s(t;]l%/ mggg[]gggﬁgggﬂ'Co;a[!iljr]r:ecr’f tgr-rlgel over-sealin qﬂal or/and the high-cycle fatigue due to discharge air turbulence.
. . resently, WCC is working on redesigning the cover plate with
WCC has installed a back-up syst¢ts Patent No. 5,961,278 5,401 holding screws. The material of the screws may be modified
ensure proper compressor discharge air flow into the inner bar{&l high temperature applications.

cavity. . . . y The calculated power gaiii.0 to 1.50 MW could not be veri-

_ Special pressure tap was introduced into the “inner barrel” cayey e to the fact that the fuel burned in WCC GTU is mixture
ity to monitor stalic pressure variations. Th's. Pressure IS goof patyral gas and refinery gas. The molecular percentage of re-
indication weather the brush se@h tandem with labyrinth is inery gas is continuously changing. The back-up fuel butane gas

ste;allrt\gse)/vell or ntot.fThe pressured!n Lhe inner barrel f's rlormal as too valuable to burn, and therefore no rigorous performance
abou percent of compressor discharge pressure for “as neggsts could be conducted.

labyrinth radial clearances. Introduction of brush seal in front

worn-out labyrinth caused further reductions of pressure. “Inner

barrel” cavity pressure reduction was 3 to 5 Ib per sg. in. aé USi

expected and predicted by relevant calculations. onclusions
Temperatures inside the “inner barrel” were not measured be-The compressor discharge air parasitic losses can be success-

cause the temperature elements were not installed. Complex He#y controlled by installation of the brush seal in front of laby-

and mass balance calculations were not performed because ofrthth seal.
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The joint efforts between WCC and the brush Seal Manufac- F = dgnarmC; 3)

turer resulted in compact, highly efficient easy to install, remove ) ) . )
and inspect brush seal. wheredgna, C; in ft, andc, is labyrinth radial clearance.

The inner barrel was re-used. Equation(1) can be now arranged

The radial clearance between the rotor and the brush bristles 1
tips should not be less than the brand-new labyrinth seal radial i=E— Ac’— =E—12.08%? 4)
clearance in case the matching rotor surface is not hardened. 9

The power gains and heat rate reductions were calculated, hg¥yation (4) can be plotted point-by-point into a Fanno line, a
ever, could not be quantified during operation of GTU because ghnlinear curve. This curve represents the condition of gas being

the fuel gas heating value fluctuations. _ expanded inside the labyrinth seal. The expansion in each laby-
The pressure reduction of 3.0 t0 5.0 Ib per sq. in. was measurggth chamber is presumed adiabatic. Normally in the last chamber
after installation of the brush seal in each GTU. the adiabatic expansion line is tangential to the Fanno line. This

~ The inspection of the compressor rotor burnished area Widiheans that the gas has reached the sonic flow and that the flow is
indicates a differential axial movement between the rotor and tRgsentially choking.
housing in the neighborhood of 0.25 to 0.38 in. The gas leakage throughout the labyrinth seal can be also cal-

The unexpected failure of the brush seal retaining plate was d¢@ated with reasonable accuracy as follows:
to material fatigue of the holding screws. Larger, improved mate-
rial holding screws are being implemented.

V=100 (5)
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Appendix The gas leakage in cubic feet per second is now equal average

Flows of gasses throughout labyrinth seals are well investigat@@$ Velocity in the annulus area times the average velocity of gas
and known. Numerous graphs are available showing parasitic ficulated in Eq(5). _ )
ternal gas flows as a function of labyrinth and matching shaft area! "€ 9as leakage from labyrinth chamber to next labyrinth

geometry. chamber where the pressure ratios are less than(&x@®pt the
Several empirical equations are available to calculate the pal@st abyrinth chambgrcan be calculated also as follows:
sitic gas losses via the labyrinth. These equations are divided into V=j223.5/AH, (6)

two groups: for nonretarded gas flows, and for retarded/choked

gas flows. Normally in the multi-teeth labyrinth, gas attains sonigherej; an empirical factor approximately equal to 0.40

speed; that is, the gas is virtually choking. AHg in BTU/Ibm is an isentropic expansion head from labyrinth-
The pressurized gas that flows throughout the labyrinth is ao-labyrinth cavity

celerated in the narrow passage formed by the labyrinth tooth and

matching shaft area. The gas accelerates in this narrow passage 1.9857. In Pn-1
and gains kinetic energy. The gas then enters the labyrinth cham- ’ 9 n
ber and it deaccelerates inside it. Deacceleration process is mani- AHS:M—W (7)

fested in the gas kinetic energy reduction and its conversion into _ _ ) )
the heat energy. The conversion is not total because there is somfiere T, is absolute gas inlet temperature in degrees Rankine
heat energy loss due to inevitable heat exchange. The enthalpy of R=°F+460

the gas drops from stage-to-stage of the labyrinth. The enthaltgk/,pm1 are pressures in two adjacent labyrinths in pounds per

d_rop is _approximately equal from stage to stage, however itéﬁuare inch absolute, ad,, molecular weight of the gas.
biggest in the last stage.

Equation(1) neglects this small heat exchange
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Understanding and modeling of main annulus gas ingestion through turbine rim seals is
considered and advanced in this paper. Unsteady three-dimensional computational fluid
dynamics (CFD) calculations and results from a more elementary model are presented
and compared with experimental data previously published by Hills et al. (1997). The
most complete CFD model presented includes both stator and rotor in the main annulus
and the interdisk cavity. The&model of turbulence with standard wall function approxi-
mations is assumed in the model which was constructed in a commercial CFD code
employing a pressure correction solution algorithm. It is shown that considerable care is
needed to ensure convergence of the CFD model to a periodic solution. Compared to
previous models, results from the CFD model show encouraging agreement with pressure
and gas concentration measurements. The annulus gas ingestion is shown to result from a
combination of the stationary and rotating circumferential pressure asymmetries in the

annulus. Inertial effects associated with the circumferential velocity component of the flow
have an important effect on the degree of ingestion. The elementary model used is an
extension of earlier models based on orifice theory applied locally around the rim seal
circumference. The new model includes a term accounting for inertial effects. Some good
qualitative and fair quantitative agreement with data is shown.
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cent environment, are most relevant to “inner seal” arrangements
where the direct effects of the mainstream annulus flow is negli-

1 Introduction

In modern gas turbine engines ingestion of hot mainstream
into the space between a rotating turbine disc and the stator CaRyg inflyence of external flow on cavity rim sealing, and par-
potentially lead to overheating and reduced life of the disk, and §@yarly the importance of circumferential pressure variations in
must be controlled. To prevent or limit this effect, relatively coojhe annulus flow, was noted by Campbfef] and has been con-
air from the compressor may be channeled radially outwar¢igmed experimentally by several workers. For example, Abe
through the cavity and ejected into the mainstream flow. To avoi al. [5], Kobayashi et al[6], Phadke and Owefi7], Dadkhah
excessive performance penalties associated with the secondangetal.[8], and Hamabe and Ishid&] have performed experiments
system it is usually desirable to minimize the amount of sealingith various degrees of asymmetry in the annulus flow caused by
air used. This requires quantitative estimates for the relationstgpide vanes or other disturbances in the stationary reference
between sealing flow rate and hot gas ingestion. In the presé&i@me. As suggested by Campbell, the presence of a circumferen-
contribution, computational fluid dynami¢€FD) and more el- tially unlfo_rm external f_Iow tends to improve seall_ng, while cir-
ementary models are considered, and calculations from th ferential asymmetries tend to increase ingestion. Chew et al.

models are compared to previously published experimental d )| gave experimental results for ingestion with the rim seal lo-

Early work on sealing of rotor-stator disk cavities centered ofucondary effect on the degree of ingestion for conditions most
the effects of disk pumping which tends to draw flow into thepresentative of engine operation. In this case, the Reynolds
CaVity in order to satisfy the flow requirements of the bOUndarﬁ{umber effects are weak and a more appropriate parameter is a
layer formed on the rotating disk. For example, Bayley and Oweseal-to-annulus flow velocity ratio. The densities of the sealing
[1] considered a simple axial seal in the absence of external flamd annulus flows in these experiments were very close. At engine
and obtained a correlation for the minimum sealing flow requirezbnditions, density differences are likely to be significant, so mo-
to prevent ingestion. With further experimental and analyticahentum or mass flux ratios may eventually prove more useful in
work from many workers, more general methods for estimatirgprrelating results. Some experiments, including both rotor and
sealing requirements under these conditions are now available.$@tor blade rows, have been reported by Green and Titdér
shown by Chew2] and Chew et al[3], semi-empirical methods and Bohn et al[12]. Both sets of_workers foun_d eV|den(_:e that the
can successfully correlate experimental data for a variety of dffféSence of rotor blades could improve sealing effectiveness, but

ferent seal types. It may be noted that appropriate scaling para%?—hn et al. found the opposite trend for a different seal design,

; 4 . and their blades had a surprisingly large effect on the pressure
eters for this problem include a Reynolds number effect since . .

. . . . ) asymmetry due to the vanes. As will be discussed further below
viscosity has a direct influence on the strength of the disk pu

. o . T Mffiere is also some doubt about Green and Turner’s experimental
ing. These studies, in which the cavity is surrounded by a quigsngitions. Hence, the effect of rotor blades in engine conditions
is still open to question.

Contributed by the International Gas Turbine Institute and presented at the Inter- : . . . .
national Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, Loui-A simple model of ingestion due to pressure asymmetries in the

siana, June 4-7, 2001. Manuscript received by the IGTI, November 20, 2000. Papa@in flow may be constructed by assuming the length scale for
No. 2001-GT-204. Review Chair: R. A. Natole. circumferential variations to be much greater than the seal clear-

306 / Vol. 124, APRIL 2002 Copyright © 2002 by ASME Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



ance so that the seal flow is treated as locally two-dimensional.
With the cavity pressure assumed to be uniform, orifice theory is NGV Rotor
then applied at each circumferential location and the overall in- Mainstream Flow = || [ 1 = Fan
flow and outflow obtained through integration. Hamabe and Ishida b
[9] published such a model and proprietary methods based on this
approach have been available for some timg., Campbell, un-
published work However, Chew et al[10] concluded that this
method overpredicted the level of ingestion and attributed this to
the neglect of inertial effects associated with the swirl component
of velocity. This conclusion drew on experimental data and the Coolant Flow =
results of CFD calculations which showed the influence of the =777 =77~ -=-=-==F-mo—---=o=:
inertial terms. The 3-D, steady CFD model also showed some Fig. 1 Schematic of Experimental Rig
encouraging agreement with ingestion measurements, particularly
at low sealing flow rates.

Further combined experimental and CFD studies were reported

by Hills et al. [13]. Comparison of 3-D, steady CFD solution<UPstream of the rim seal gap. Mainstream flow is drawn through

with pressure measurements showed good agreement at |ow(§r_annulus by a centrifugal fan, located well downstream of the
sealing flow rates. At higher flow rates the experimental and C vity under investigation, and hence total pressure and tempera-

results diverged, and this was attributed to interaction of the segﬁs L;pbstrigml orfnmen\]/anes artf a;mgs;pl:ﬁnc. Tih?] prlalnf ;(I?]to(rjiwas
ing and mainstream flows. Full details of this interaction could n en by 15 aluminum pegs attached to the periphery ot the diScs

be captured in the CFD model which did not include resolution &nd located 18.5 mm downsiream of th_e seal gap. The 16 equis-
the flow through the vanes. Roy et FL4] have also shown some paced pegs were manufactured from cylinders of 19 mm diameter

agreement between steady CFD solutions and measurement f?m t21e|ght 24 mm with a flat surface milled on them as shown in
pressure tappings for a rim sealing rig including vanes and rot 'gS.on.we experiments were carried out with the rim seal ga
ing blades. In another very recent paper, Bohn ef1#} included P 9ap

3-D, unsteady CFD calculations including both vanes and blag@i2cked off, providing an unbroken annulus. In these cases static
gssure measurements were made at five axial locations down-

They showed some differences in the calculated and measugﬁeam of the vanes. as shown in Fia. 2. With the seal aap present

levels of ingestion but obtained some qualitative agreement. ; ' 9.2 -al gap p

may be noted that most research has concentrated on the Qagulus static pressure measurements were possible only at the
gﬁsa axial location. Pressure tappings in the cavity were located on

downstream of a row of stationary vanes. Arguably, more work . . ; . .
needed to clarify the flow mechanisms in seals downstream o stator face at nine radial locations with the outermost location
eing atr/r,=0.95. Mainstream flow ingestion was quantified

r0\|/\r11 Orfe(r:%tr?tt';ga?!sa?ﬁ;e has been increasing interest in the infillrough concentration measurements with the coolant seeded with

ence of sealing flows on the aerodynamic efficiency of the ma out 450 ppm of nitrous oxide. Sampling of the air in the cavity

annulus flow. Dentorf15] noted this effect, and likens the flow /&S made at four radial positions on the_stator.
mixing process to that of leakage flow over a shroud. A first esti- For the measurements presented in this paper, the seal gap was

mate of the mixing losses might be obtained from the formul 002 m, the radial extent of the seal gap was 0.003 m, the outer

given by Dentor{15] or Hartsel[16]. Denton notes that most of [ﬁg'gﬁ;ﬁf‘%%@ﬁ}' ;/r\wlzsa%r?um’s tcveaga(;’ %vrvr;dth was 0.015 m, and
the entropy generation will be due to the difference in swirl ve- ) :
locity between the two flows and recommends preswirling the )
sealing flow where possible. Recent studies of turbine shrodd CFD Solutions
leakage flows by Wallis et a]17] and Pfau et al.18] showed the - .
importance of non-axisymmetric effects on the flow through the 3:ll leeg'SBptlog ISEUEISITE?FEZ Models. Q C(t)krpmerctlagy
axial gaps upstream and downstream of the shroud. The fl%a'a e codé ) [22] was used in these studies.

fields identified are similar to those associated with the ingesti s code allows use of un§tructur§d meshes in S.Olv'ng the
Fynolds-averaged compressible Navier-Stokes equations and has

problem. Recent studies of stator shroud leakage in compres . X
are also of interest to the present study. For example, Wellb(sgﬁen preferred to the proprietary code used by Hills ef 8]

and Okiishi[19] report both experimental and CFD results. Thes ecause of its capability for modeling complex geomefries. The
indicate that the effect of leakage flow on the blading aerodynam-
ics can result in higher losses than would be expected from simple
mixing. Demargne and Longlej20] conclude from experiments o
and computations for a linear cascade that pitchwise nonuniforr i e e
ties in the flow can lead to exchange of fluid across the axial g : :
upstream of a row of vanes, and that this contributed to loss ge Ao
eration. Tsmm
CFD solutions for mainstream gas ingestion across a simg
axial rim seal are presented in Section 3. These results are ¢
compared to measurements from the experimental rig previou:
presented by Hills et aJ13]. For completeness a brief descriptior
of the rig is given in Section 2. Further discussion of the resul
and the flow physics are given in Section 4, which includes cor
parison with a more elementary model. The main conclusiol R
from this study are summarized in Section 5. B NGV | ROTOR ‘PEG’

»  Pressure Tapping

|

RIM SEAL GAP
2 EXperImenta| ng Axial Position: 12345

The experimental rig has been fully described by Grigdn. A (@) (®)

schematic diagram of the rig is given in Fig. 1. The rig (_:onsis_,ts ®g. 2 Schematic showing guide vanes, pressure tappings,
a rotor-stator system enclosed by an annular channel in which rotor pegs— (&) pressure tappings in unbroken annulus,  (b)

nozzle guide vanes are positioned with the trailing edge 3 mpositions of vanes and rotor pegs
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Table 1 Summary of CFD models of zero were specified at the inlet. For models including the vanes

Model No. | Steady / Unsteady No. vancs No. rotor pegs these inlet conditions were essentially atmospheric with allowance
1 Steady in stationary frame 1 0 for boundary layers on the annulus walls. The boundary layer
2 Steady in rotating frame 0 1 profile for a constant section annulus of the same length as the
3 Steady (with mixing plane) 2 1 section of the rig upstream of the guide vanes was used. For
4 Unsteady (with sliding plane) | 2 1 model 2, the annulus inlet conditions were assumed to be uniform.

Effectively the difference between models 2 and 3 is that model 3
uses the radial profiles from the vane exit instead of a uniform

ical soluti btained usi " profile. At the flow exit, static pressure was specified at the hub,
nurqﬁnca sg u '%?S”\]Ndite 0 E’:j'nf futsmtg)] ? pressure cortrecdlondﬁlé pressure distribution was obtained from the radial equilibrium
gorithm, ana wi & model or turbulence using standar conditions, and zero axial gradient was assumed for other vari-

wall functions at the near-wall mesh points. To quantify mgestio_gble& While the unsteady solution did not include any special

of mainstream gas into the disc cavity, a species concentratlﬁgatmem to avoid reflections of waves at the boundaries, the

equation was solved. Thus, although a different code is used fr.%rgundaries were placed some distance from the blades and the

earlie.r s}udies the numerical treatment and ”.“Od.G"”Q assuMpURR ions were found to show little unsteadiness at the inlet and
are similar to those employed in earlier validation work on thg_.

disc cavity and rim sealing flows; see, for example, Virr et al: M
[23]. Although they are not reported here, several benchmark tegly
for disk cavity flows have been repeated using FLUENT. It ma
be noted, however, that the validation does not include examp
of turbomachinery blading flows. This point, and some prelim
nary investigations into the use of alternative turbulence mode
will be discussed further in the forthcoming.

Four different CFD models are used and these are summari

esh generation was performed using the FLUENT mesh gen-

tor and unstructured quadrilateral meshes were used for all

gdels. 5< 10° mesh points were used for model 1X710° mesh

points were used for model 2; and®1®esh points were used for
odels 3 and 4. In all the models, boundary layer meshsisg

iVe layers of prismswere grown away from the solid surfaces at

Ageometric growth rate of 1.2, and 30 mesh points were used to

in Table 1. All models included the disc cavity and the sam an_the cavity in an axial direction to ensure that_ the cavity
section of the annulus, but differ in treatment of the vanes arfglocity gradients were resolved. The unsteady solution was ob-
rotor pegs. All the models assumed 29 guide vaasswere used ta'neij using |mp||(;|t time stgpplng with a time step of 2
in the experimentand where rotor pegs were modeled, one rotaf 10 S (S0 approximately 30 time steps were used per pass of a
peg per two guide vanes was used. This corresponds to 14.5 réfJPr blade by a guide vaneUnder-relaxation was used in the
pegs as compared to 16 in the experiment. The most complBf&Ssure correction algor_lthm for the _solutlon of the steady_ flow
representation is given by model 4, for which the computationgf utions and for calculating the solution at each time step in the
domain is illustrated in Fig. 3. This model calculates the unsteadjStéady solution.

flow with the solution for rotating and stationary parts of the do- 3 » Convergence of Solutions. Convergence of the iterative
mains being communicated across a sliding plane. Model 1 daggady state solutions was monitored using the residuals of the
not include the rotor pegs and assumes steady flow in the statiggntinuity, momentum, concentration and turbulence model equa-
ary frame(and models only one NGV passage compared to Figens. Typically, four to five orders of magnitude reduction was
3). Model 2 does not include the vanes and assumes steady flowgffhieved after about 5000 iterations. These calculations took
the rotating frame. Model 3 includes both vanes and pegs, lout 12 h CPU time on a cluster of 8 666MHz PCs.
with a mixing plane(placed between the vane trailing edge and conyergence of the unsteady solution was given careful con-
the rim seal gapacross which circumferentially averaged solusigeration. Whereas in “blading flow only” calculations it is quite
tions are exchanged between the main stdaushe rotating ref- syal for convergence to periodicity to occur after about ten blade
erence frame calculation for the rotor pegs and cavity and ahyassing cycles, the solution in the disk cavity for the present
auxiliary steady(in the stationary reference framealculation for 0del took considerably longer to converge. This may be attrib-
the vanes. For the CFD calculations presented here, the conditighsy to the lower velocities within the disc cavity. Radial veloci-
corresponded to a rotational Reynolds numbe@(3/ 1) of 10°,  ties in the cavity are typically 5 m/s or less. Thus, an element of
a mainstream Reynolds numbesuiro/u) of 5.9x10°, and a fluid will take about 0.01 $or about 200 blade passing cydlés
coolant flow rate such that the velocity ratio,/u,, (the traverse the cavity. Convergence of the solution physically re-
continuity-derived mean velocity through the seal divided by thguires at a minimum for the ingested mainstream patrticles to re-
axial component of the annulus velogityas 4.8< 10 2. circulate the cavity, and hence the solution will require several
Periodicity in the circumferential direction was assumed at thémes this amount of physical time to converge.
appropriate boundaries, and the usual no-slip conditions were apThe convergence of the concentration in the cafatythe mea-
plied on solid surfaces. At the sealing flow inlet, the normal vesurement point/r,=0.41 on the statgris shown in Fig. 4. As
locity component was set to a uniform value so as to give tlw@n be seen, after the unsteady simulation had proceeded for 780
required mass flow, other velocity components were set to zepgriods the species concentration in the cavity was still observed
and the species concentration was set to unity. In the annulus, tétabe changing significantly, although this is only obvious over a
pressure, total temperature, flow angle and a species concentrationsiderable number of periods. At this point the unsteady solu-
tion was suspended. A steady-state species concentration equation
was then solved for the region of the cavity witk0.15 m using
fixed velocity and turbulence fields from the last time point of the
unsteady solution. The boundary conditions specifiedr at
=0.15m were also taken from the unsteady solution. Since the
flow in this inner region had been observed to be essentially
steady, the steady concentration equation would be expected to
show little change from a converged unsteady solution. However,
Sliding plane the steady solution showed significant changes from the unsteady
solution, which can be seen as the discontinuities in Fig. 4. Re-
starting the unsteady solution using the revised concentration in

Mainstream flow

Coolant flow the regionr<0.15m produced further changes in the solution.
Several repeats of this procedure gave a solution where the con-
Fig. 3 Computational domain for model 4 centration remained approximately constant for some 80 periods.
308 / Vol. 124, APRIL 2002 Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



g
~3
|

| -+ Vane alone CFD

« Vane alone potential flow

\ - Rotor alone CFD
-+ Rotor alone potential flow

<
[=3
<h

o
L
Q
g £
g 5
= 06 o}
=] - o
8 [ o8y
5 E
é 0.55 - g Qg' \ -» Experimental (1st
H-4 N . . .
= 06 ) circumferential location)
8 05 _— Z i e — Experimental (2nd
3 o, & A A circumferential location)
=% 50 0.4 . -
n 2 o+
0.45 . § /i
~ il
[5Y L
0.4 : : , g
740 790 840 890 6-6 T
2 0 2 4 6

Passes of Rotor Peg by NGV Fraction of Rim Seal Gap
Fig. 4 Convergence of concentration at  r/r,=0.41 stator mea-

. - Fig. 6 Static pressure asymmetry due to vane alone and rotor
surement point for unsteady solution 9 P Y y

peg alone

While it is accepted that this solution is not absolutely convergeflimensionalized by the mainstream inlet dynamic head. In all the
it is believed that any further changes would be small in relatidfgures, where circumferential location is given as a fraction of

to the differences between the various models and the experim&lV pitch, O represents a trailing edge position.
tal data discussed in the forthcoming. The annulus pressures are given in Fig. 5. For the unsteady

With the unsteady solution taking about 8 CPU min per timeolution the values plotted for the annulus represent time averages
step(or 4 h per periofion 8 PCs, the calculation was halted aftePver @ period. There is little difference between modefribdel-
a total simulation time of about 920 periods. At this point, th&"d the vane onlyand the time average of model 4. However, for
solution appears to be close to convergence to periodic behaviff circumferential variation of pressure, agreement with the ex-
With dedicated use of eight processors of the PC cluster used iPRfimental data is only fair. Looking at the experimental data, it is

estimated that this calculation would take about three mo if rfi€ar that there is considerable scatter. Two sets of experimental
continuously. data(measured at different circumferential locatipase plotted,

and there are significant differences between these. Neither set
3.3 Comparison With Pressure Measurements. Pressures repeats exactly over the guide vane period. Since the unsteady
were measured using tappings in the inner annulus wall jystessure variation due to the rotor blades is approximatel$
downstream of the vanes, and on the stator in the disk cavity, gércent of the inlet mainstream dynamic head, it is possible that
described in Section 2. Thus these measurements will not captthig variation in the experimental data is due to the unsteady ef-
the unsteady variations at blade passing frequency. Comparis@fgs.
of CFD results with these measurements are shown in Figs. 5 to 7Figure 6 shows the axial decay of the circumferential pressure
The mainstream pressures are plotted as an annular pressureaggmmetries from CFD calculation$or both the guide vane
efficient, C,,, defined as the difference between the mainstreaaione and rotor peg alopéor an unbroken annulus. The experi-
pressure and the average mainstream pressure, nondimensianahtal data for the guide vane alone with an unbroken annulus are
ized by the mainstream inlet dynamic head. The static pressiieluded. Also included on this figure are the decay rates from a
asymmetry coefficient in Fig. 6 is defined as the maximum anngimple potential flow model discussed by Hills et El3]. The
lus static pressure coefficient minus the minimum annulus statififference in decay rate between the vane alone and the rotor
pressure coefficient. The cavity pressures in Fig. 7 are plotted agléne in the potential flow solution is simply due to the spacing
cavity pressure coefficieng,., defined as the difference betweerbetween the blades, indicating that the number of blades and
the cavity pressure and the cavity pressure/e§=1, again non- hence the rate at which the resulting pressure asymmetry will
decay is important for their effect on ingestion. Agreement be-
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Fig. 5 Comparison of calculated and measured annulus Fig. 7 Comparison of calculated and measured disc cavity
pressures pressures
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tween CFD and measurement for the asymmetry due to the vane Fraction of NGV Pitch
is fair, with the CFD apparently under predicting the pressure (a)
variation. Earlier CFD calculations for this case by Hills et al.

[13] showed slightly better agreement with the data. This is pos- Rotor peg
sibly because the earlier calculations were done using a CFD codt —r 7 — T .
that had been specifically developed and validated for turbo-
machinery applications. .
Figure 7 shows the stator disc cavity pressures. The unstead!
CFD solution at the cavity measurement positions showed negli- )
gible variation with time. All the models underpredict the pressure ¢ i/
rise in the cavity, with the unsteady model being closest to the
measured value. This is possibly beca(e®discussed in Section %
3.4), all the models underpredict mainstream ingestion to some <t
extent. The ingestion of highly swirled mainstream flow increases 3 |
the core rotation rate in the cavity and leads to a higher pressure§ [
rise. Comparing with the concentration measurements shown in®@ |-
Fig. 8 and discussed below, the models show increasing pressur% P : .
rise with increasing levels of ingestion. A further factor is the 21 / L - ;

dinate

OO0r"

modeling assumptions for the cavity flow at inlet. -0.5 0 0.5 1
NGV NGV
3.4 Comparison With Concentration Measurements. Fraction of NGV Pitch

Figure 8 shows the measured and calculated species concentratic b)

in the disc cavity at the stator tapping positions. In contrast to the

cavity pressures, there are very significant differences between ¢ 9 Contours of instantaneous concentration on the radial

various CFD models. Note that according to the unsteady calGilane in the seal gap 1 mm inboard of the inner annulus wall for

lation the concentration at these positions is essentially constatvio rotor peg positions— (&) time point A, (b) time point B
All the models under-predict the level of ingestion, but agree-

ment between the unsteady CFD model and the measurements is

closest, and this calculation is considered very encouraging. Note . . .

that the underprediction of the annulus pressure asymntatry Y the pressure maxima from the two guide vanes. The difference

noted in the foregoingmay contribute to the underprediction ofin ingestion levels in these two regions is due to the position of

ingestion. It is clear from comparison of the CFD solutions thatl'® "otor Peg. . . . . .

for these conditions, the combined effect of the rotor asymmetries’ S has been shown in earlier studies, the flow in the rim seal

gives considerably more mainstream gas ingestion than either {Eglonlls quite complex. This is illustrated by the vector plots in

rotor or stator acting alone. As could be seen from Fig. 6, tHa¢ @xial-radial plane in Fig. 10. These are from the unsteady

circumferential pressure asymmetry at the seal due to the V\;a;%nﬁ:‘frrér?tglinggsﬁggéﬁhg?;i\l/iﬁggzjg:eoi 2;‘2 %}&rrgg;‘évﬁ dcir-
alone was approximately twice that from the rotor alone. How* . C A . )
op y to the NGV pitch fraction of 0 in Fig.)%and midway between

ever, despite this, the rotor asymmetry can apparently caysé : - )

greater ingestion than the stator asymmetry, depending on the i NbGVS (co;respor?dlng tlo thg I\llGprltcthractlt_)n of 0.%s

profile used. This is attributed to the near coincidence of annulG&" Ie seen irom t_dese pbc(Em ascr)] r?\lrgv'g' Bhl_?gestlon 'si

flow tangential velocity and rotor speed when the mixing plarf@@/nly occurring midway between the NGVSs, while the coolant
ow is exiting at the NGV trailing edge position.

model was used. The importance of tangential velocity will b . - . .

; ; ; The static pressure, radial velocity, and concentration along a
discussed further in Section 4. . ; ) "

line 0.1 mm from the rotor in the plane of Fig. 9 are shown in Fig.

3.5 Further Discussion of Results. Contours of concentra- 11. (The static pressure is again non-dimensionalised as the dif-
tion in the rim seal gagin a radial plane 1 mm inboard of the ference between the static pressure and the circumferentially av-
inner annulus wallat two time instants from the unsteady solueraged static pressure, divided by the mainstream inlet dynamic
tion are shown in Fig. 9(The rim seal gap has been scaled ttiead. The radial velocity is non-dimensionalized by the rotor disc
enable the detail to be seen. The bottom of the figure corresponadocity) The time-averaged values and the vane alone values are
to the stator and the top to the rojoit can be seen that the very similar. Also plotted are the values from the unsteady solu-
ingestion occurs primarily in two regions close to the rotor drivetion at two time instants to show the level of variation with time.
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Fig. 11 Pressure, radial velocity and concentration in the rim

. . . . o seal gap on the line 0.1 mm from the rotor, and 1 mm radially
The increase in concentration in the cavity in the unsteady soldboard of the inner annulus wall

tion would appear to be due to the increase in mixing between the
rim seal flow and the cavity recirculation due to the high fre-

guency variation in radial velocity imposed by the rotor pegs. The
level of unsteadiness in both concentration and radial velocity is

clearly significant. Splitting ther and ® into average and fluctu- due to the guide vanes alone was in error. There is some uncer-
ating componentgu, ® andu’, ®’') the radial flux of the species tainty about the source of the “vanes-only” measurements re-
will depend on the produaid® and the time mean of the fluctu- ported by Green and Turner.
ating componentsl’®’. Thus, a loose analogy may be drawn As noted in Section 3.1, the CFD model used was not validated
between the extra ingress due to the unsteadiness and turbufenblading flow calculations. Examination of the steady solution
mixing. for the vanes showed an unexpected loss of total pressure in the
A further point that may be noted from Fig. 11 is the circumeore of the flow. This solution was repeatéd FLUENT) using
ferential displacement of the positions of maximum and minimurine Spalart-Allmaras turbulence model which is favored by some
radial velocity from the positions of minimum and maximumworkers for blading aerodynamic calculations. The Spalart-
static pressure. This is due to the swirl component of the flow adimaras model showed significantly lower total pressure loss al-
confirms that inertial effects are significant. though the predicted pressure asymmetry was similar to that given
The deterioration in sealing effectiveness in the CFD solutiofy thek-e model in Figs. 5 and @although the Spalart-Allmaras
due to the rotor blades is in contrast to Green and Turijédy model predicted approximately five percent greater pressure
conclusions. Reappraising Green and Turner’s experimental esymmetry. However, further testing of the Spalart-Allmaras
sults in the light of the present study it seems most likely that theodel indicated some problems with this model in predicting
presence of rotor blades in their experiment did contribute to iflews in rotating disk cavities. Thus, at present, the choice of
gestion measured, but that their estimate of the level of ingestitirbulence model depends on whether the primary interest is in
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the disk cavity or blading flows. Further work is planned to arrive 1A
at a turbulence model which will give a good representation o

both the blading and disk cavity flows. % 0.9 1
2 0.8 -

3]
207 -
4.1 Description of the Model. Assuming inviscid flow, the @

4 The Simple Model
—a— Dp1=0.25Uax**2, V=0
—e—Dp1=0.75Uax**2, V=0

equations expressing conservation of momentum in the radial a1 0-6 1 o 821:8_328253,:%/;"3??/5
axial directions may be written = 0.5 - - x- Exp. NGV=1
) ) > - #- Exp. NGV=3
Ju Ju v du Ju v 19p 1 n 04 / :
—tU—F = tW—=——=——— :
ot ar r a6 gz r p or (1) 0 0.2 Um/Uax 0.4
oW oW ow oW 19
— tu—+ v wW— = — __p 2 Fig. 12 Comparison of simple model with data from Chew
@)
at ar r a6 Jz p dz et al. [10]

where (,v,w) is the velocity in a cylindrical coordinate system
(r,0,2), tistime,p is density, ang is static pressure. Multiplying . . )
Egs.(1) and(2) by u andw, respectively, summing the two equa-that the concentration of outflow through the seal is at the mixed

tions, and performing some algebraic manipulation, gives value for the cavity and inflow is at the annulus inlet concentra-
tion. Looking at Figs. 8 and 10 from the CFD solution suggests
udp wap Ui A(ui2)  d(uZ2) that this may be a reasonable approximation.
par ooz ot YT W For the calculations described in the forthcomBigwas taken
as one and discharge coefficients were obtained from the correla-
v d(U22)  up? tions given by Chew et a[.10]. These give the discharge coeffi-
Y90 1 =0 (3)  cient as a function of the ratio of mean seal velocity to the axial
component of the annulus velocity{/u,,). Accuracy of the
where numerical solutions was tested by comparison with analytical in-

) tegration of a sine function, by varying mesh spacing and time
step, and by verifying that with appropriate coordinate transfor-
For the flow across the seal, it is reasonable to assume lowation a transient solution with=0 was equivalent to a steady
Mach number or incompressible conditions. Equati8h may solution with the appropriate value of

uZ=u+w?

then be expressed in vector notation as follows: A shortcoming of the above model is the need to spelcdpd
0 v Up? v. He_re,l was set toCy .S, andv was set to the estimated swirl
us- V(p/p+ u§/2)+us(—+ - _) Us— —=0 (5) Velocity for the annulus flow above the seal. Note that effects
dt 1 a0 r arising from differences in tangential velocity between the cavity
where and annulus flows are not modeled. Sinusoidal variations of an-

nulus static pressure are assumed with uniform and steady cavity
us=(u,0w) (6) pressure. The cavity pressure is varied to obtain results for a range

It may be noted that for steady flow with=0, Eq.(5) reduces of sealing mass flows.

to Bernoulli's theorem, giving conservation of total pressure along 4.2  Comparison With Measurements. Figure 12 shows a
streamlines. comparison of results from the simple model with the data given
Some further approximation is needed to arrive at the simplifies) Chew et al[10]. In this case the pressure asymmetry in the
model for the seal. Changes in tangential velocity through the seginulus is caused by a row of 18 guide vanes at different axial
are assumed small relative to changes in the other velocity copwsitions(NGV=1 or 3 upstream of the seal. Predictions from
ponents. A characteristic value o is then chosen as the velocitythe model are given with pressure asymmetries equal to 0.5 and
in the vena contracta, denoted and integrating in the-z plane 1.5 times the axial dynamic head for the annulus. These condi-

across the seal, the following result is deduced from (&h. tions are representative of the extremes of the experimental range.
9 v d pU2 Cal_culations are also_ given for=0 andu_:96 m/§, which is an
pll =+ — _) U+—CpsgnU)=Ap (7) estimate of the experimental annulus swirl velocity. ter0 (and
at  rodo 2 no time dependency afp) the inertial term in Eq(7) vanishes,

whereC,,, is a loss coefficient, is an appropriate length scaia  and the model reverts to the straightforward orifice flow approxi-
ther-z plane, r, is the inner annulus wall radius which is takeriation used by other workers. As shown by Chew et al., without
to equa| the seal radiusl amp is the pressure in the Cavity minusthe inertial terms the model 0Verpred|ct5 the degl’ee of mainstream
the annulus pressure. This equation was proposed by Cidj)l  ingestion. Inclusion of the inertial term gives much better quanti-
who gives an alternative derivation based on Crocco’s equatiofigtive agreement with the data at low sealing flow rates, although
Equation(7) is relatively straightforward to represent in finitethe model shows greater sensitivity to the level of pressure asym-
difference form and solve numerically. This was done using ceRetry than measured experimentally. At higher sealing flow rates,
tral differencing for derivatives with respect t# and backward the experimental and calculated results show different trends, pos-
differencing in time. Mass flows into and out of the cavity wer&ibly due to complex interaction of the sealing and annulus flows.
calculated from the computed solutions for which required ~ Comparisons of model predictions of sealing effectiveness with
specification of seal clearancs.] and discharge coefficien€y). data from the rig described in Section 2 are shown in Fig. 13. In

An estimate of the sealing effectiveness is then given by these calculationap has been specified as follows:
= . A A
@ =m/(m+ ) ®  Ap=pe-[1+sinn,0)] 5 - [1+sinng(6- 01)] 2
where m is the net mass flow rate through the seal apdsnthe 9
ingestion flow rate. This estimate is based on a fully mixed as- ©)

sumption for the flow in the cavity. It does not fully account forwhere n is the number of blades or vanes, and subscripts 1 and 2
the unsteady effects shown in the CFD solution and discusseder to the stator and rotor, respectively. Estimating experimental
above. Derivation of the above equation involves the assumptioanditions, the following values are assumed:
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B =0, Dp2=0 =
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= L ~-A— Dp2=0 g 04 < measurement
CDO6 B I// A Ep =U ‘ 8 measureme
8)0 . I¥ " St’;‘;%';,r%eg‘o (Hills, 1996) e 02 - - - steady CFD (Hills et al,1997) [
=0.9 1 : 0 1 ! !
5|4
1 0 0.1 0.2 0.3 0.4 0.5
80.4 - \ :
0 0.2 04 Um/Uax
‘ ) Um/Uax ' Fig. 14 Comparison of measured and calculated cavity
pressure

Fig. 13 Comparison of simple model with data from the
present configuration

=0.90 andr/ry=0.95 tor/ry=1.0. All values are normalized by
subtracting the minimum annulus pressure at the lowest sealing
v=87 m/s, (=428 radfs, n;=29, n,=16, Ap, flow rate and dividing by the peak-to-peak annulus pressure asym-
=1000 Pa, Ap,=600 Pa (10) Metry. The simple model can be said to be in fair agreement with
) ] the measurements. The steady CFD results diverge from the mea-
where() is the angular velocity of the rotor, antip, has been gsyrements at higher sealing flows. Hills et al. considered that this
estimated entirely from the CFD solution, no unsteady or rotatingight be due to the neglect of the effect of the sealing flow on the
measurements being available. Values of some of these paramefig( in the guide vanes in their CFD model. The better agreement
were varied to show sensitivity of the model. between the simple model and measurement at high flow rates is
Looking first at the comparison between results for the baggnsistent with this. Using a potential flow solution at inlet to
conditions given in the foregoing and the measurements shoygdel the annulus pressure asymmetry due to the vanes, the up-
some fair agreement at low sealing flows, but differences at high§feam extent of the CFD domain in the annulus was limited. Thus
flow rates._Agaln seallng/an_nulus flow interaction may account f@g the upstream influence of the flow ejected from the seal in-
some of this effect. Neglecting the pressure asymmetry due to #j@ased with flow rate this effect would not be captured. Although
rotor and the inertial termsA(p,=v =0) leads to overprediction not shown on the figure, further results from the simple model
of ingestion at low flow rates. Far=0, (=1 rad/s the inertial show that the neglect of inertial terms in E@) have only a weak
terms in Eq.(7) will be negligible but the computed solution will effect on the cavity pressure. This contrasts with a strong effect on
include a quasi-steady representation of the rotor pressure asyaling effectiveness shown in Fig. 12, and suggests that the rela-
metry. The calculated sealing effectiveness is close to that of tfige pressures in the cavity and the annulus cannot, on their own,
Ap,=v=0 solution at low flows, but a higher flow rate is re-pe ysed to give reliable estimates of ingestion levels.
quired to fully seal the cavity. Without the inertial terms, the
model requires\p=0 in order to prevent ingestion. Thus, for the 4.3 Annulus Flow Losses. As mentioned in the introduc-
quasi_steady solution, a h|gher Cavi’[y presqlaned hence h|gher tion, the nonaxisymmetric nature of shroud Ieakage flows has
flow rate is required for complete sealing. been noted by workers concerned with the aerodynamic efficiency
The effect of the pressure asymmetry due to the rotor, as pfg-the annulus flow. The 3-D nature of the flow is particularly
dicted by the model, is shown by comparing calculations for tHdear from the velocity measurements of Pfau e{:8] and De-
base condition with those fakp,=0 in Fig. 13. As for the CFD margne and Longley20]. As is consistent with the foregoing
solution in Section 3, without the rotor pressure asymmetry ingediscussion of inertial effects, Demargne and Longley’s velocity
tion is significantly reduced. This figure also includes steady CFEnd concentration measurements also show that, in their configu-
results from Hills[25]. This CFD was based on the model prefation, increasing the tangential velocity of the sealing flow tends
sented by Hills et a[13] and models the annulus flow asymmetryfo reduce ingestion.
due to the vanes using a potential flow approximation. The under-While loss generation in the annulus flow due to interaction
prediction of ingestion due to this modéllespite some good With the blading flows can be very complex, ingestion and subse-
agreement with pressure measuremeigsin qualitative agree- guent ejection of mainstream flow through the seal may be impor-
ment with the simple model. tant at low sealing flow rates and large sealing gaps. This was
As mentioned in the introduction, and in Section 3, Green aritpted by Wallis et al[17]. Estimates of the ingestion flow rate
Turner [11] concluded from their experimental studies that th&hen the net sealing flow is zero can be obtained from the simple
presence of rotor blades may help reduce ingestion. Althougtpdel. Figure 15 gives results for the case of a sinusoidal pressure
based on a different configuration to that considered here, ti@igymmetry for steady flow in which there are no rotor/stator in-
seems to conflict with present results. Further studies with tf@raction effects. For these conditions the nondimensional inges-
simple model confirm that is does not predict any improvement fion flow rate (n* =m;/2mps.rou,y) is a function of just two
sealing due to rotating blades. The balance of evidence indicapggameters; the nondimensional peak-to-peak pressure asymmetry
that the presence of blades will usually tend to increase ingestimariation (Ap* =Ap/pu,,?) and the groum(l/r,)(v/u,y). Direct
Note, however, that the flow through the seal is complex witbtomparison of these calculations with results from the references
elements of fluid oscillating radially as they pass through regiomsentioned above is difficult. However, very roughly, for Demar-
of positive and negative pressure gradient. Thus, considerable gne and Longley’s case the simple model gives an inflow of about
certainty remains about the validity of the simple model. Mor6.1 percent of mainstream flow. This is consistent with the mea-
measurements and CFD studies are needed to clarify this issusurements. For Wallis et al.’s case there is little guidance as to the
Calculated and measured values for the cavity pressure &reel of pressure asymmetry, but ingress flow rates of around 0.5
compared in Fig. 14. Results from the steady CFD model of Hilte 1 percent of annulus flow might be estimated for their seal exit
et al. [13] are also included. The experimental values were olsavity. Wallis et al. showed that fitting baffles in the seal cavity
tained by extrapolating measurements from tappings/aj reduced turbine loss. This was attributed to better alignment of the
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04 - While the present results provide encouragement for the appli-

cation of CFD to turbomachinery rim sealing, there are also areas
= 0.35 where further work would be useful. Convergence of the unsteady
3 03 )\ | CFD solution to periodic behavior is slow due to different flow
00: ‘\ —— DP/(RhoUax**2)=0.1 c_hgracterlstlcs for the main an_nulus and disk cavity. This presently
8 0.25 1 limits appll_catlon of CFD to thl_s problem, but improvements due
el \ —— DP/(RhoUax**2)=1.0 to computing advances and improved numerical solution tech-
¥ 02 i niques are expected in the future. There is also a need for further
o \\ —+« DP/(RhoUax**2)=3.0 work on turbulence models to identify or develop suitable models
™0.15 H for both disk cavity and blading aerodynamic flows. Various mod-
é \\ els are established for use in either disc cavities or blading flows,
n 0.1 but no model is yet established for use in both these areas. Further
s 0.05 \ \.\ research into these areas and evaluation against experimental data
. »\.\} ] are planned by the present authors.
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) ) ] ~Nomenclature
leakage flow with the annulus flow before it left the cavity. It is

possible that the greater tangential velocity of the cavity flow Ca = discharge coefficient
(relative to the rotating blagemay have contributed to the im- Cr|1 = loss coefficient

provement in loss with some suppression of ingestion. = length scale for seal flow
m = inlet mass flow to disk cavity

. m;, = ingestion mass flow rate

5 Conclusions m = nondimensional ingress flow raten;,/2mpscr U,y
Mainstream gas ingestion through a model turbine rim seal has n = no. of blades or vanes

been considered using experimental, CFD and more elementary p = static pressure

modeling techniques. For the simple model considered reasonable p. = static pressure in disc cavity

agreement was found between CFD calculations and measure- r = radial coordinate

ments when both the stator vanes and rotor pegs were included in r, = inner annulus wall radius

a full 3-D, unsteady CFD simulation. The circumferential pressure s, = seal clearance

asymmetry at the seal generated by the rotor pegs is considerably u = radial component of velocity

less than that due to the vanes, but the CFD results show the rotor U = representative velocity for seal flow

pegs to have a disproportionately large effect on ingestion. The u,, = axial component of mean annulus velocity

CFD calculations provide strong support for the view that un- up, = mean velocity through seaim/2mps.r,

steadiness due to the rotor blade will usually lead to more inges- us = =(u,0w)

tion. Differences between measured and calculated levels of in- us = magnitude ofug

gestion may be associated with differences between measured and v = tangential component of velocity

calculated pressure asymmetries in the annulus. The experiments w = axial component of velocity

show some evidence of pressure asymmetry components at lower z = axial coordinate

harmonics than those associated with the blades and vanes. ThesAp = pressure difference across seal

low harmonics could have slow axial decay rates and may be\p* = =Ap/pu,?
difficult to avoid both in experimental rigs and in engines. M = viscosity
Swirl velocity is found to be an important parameter in control- 9 = angular coordinate in cylindrical system

ling the degree of ingestion. The relatively large effect of the rotor  p = density
pegs in the CFD simulations is attributed to the swirl velocity in () = angular velocity of rotor
the annulus being close to rotor speed. An element of fluid trav- @ = sealing effectiveness or species concentration
eling at the annulus flow swirl velocity will be subject to the radlaﬁ bscripts
pressure gradient arising from the rotor pegs which rotate at tl & P _
same speed. This pressure force will tend to drive the fluid ele- 1 = refers to stationary vanes
ment either into or away from the disc cavity. The same fluid 2 = refers to rotating blades or pegs
element is subject to a time varying radial force as it moves
through the pressure field from the vanes. Since the radial force giy
. : . gt . . o erences
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